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Abstract: The fracture behaviour of concentrically loaded circular hollow section (CHS)
bracing members under extremely low cycle fatigue (ELCF) is examined in this paper. Finite
element (FE) models capable of predicting fracture initiation and propagation on cyclically
loaded braces were developed. A structural steel ductile fracture criterion, together with a
damage accumulation rule that can account for the effects of both stress triaxiality and Lode
angle, was adopted in the FE models. The FE models were validated against the available test
results from different experimental programmes and shown to provide an accurate prediction
of both the hysteretic response and the ELCF fracture cracking process. The coupling effects
of buckling and fracture on the ELCF performance of braces were assessed through a
parametric study. This parametric study examined the influences of the geometry, material
and manufacturing process on the local and global deformation, and the ductility of the
braces. Predictive equations for the localized strains and member ductility were proposed
based on a plastic hinge model. The seismic performance of a chevron braced frame was also
evaluated in terms of story drift angle according to the requirements of the current design

code.
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1. Introduction

Dissipative components play a crucial role in earthquake-resisting structures since they
absorb energy through inelastic deformation, reduce the forces in other elements and enable
efficient structural design. In concentrically braced frames, this dissipation is achieved by
diagonal bracing members. Tubular sections are becoming increasingly prevalent because of
their excellent compressive and torsional resistances, as well as visual appeal. However, the
energy-dissipation performance is often compromised by fracture at the mid-length due to the
occurrence of large deformations and buckling in this region.

Experimental studies on cyclically loaded bracing members (i.e. Tremblay [1], Fell [2],
Nip et al. [3,4], Sheehan and Chan [5] and Elchalakani et al. [6]) has been conducted to
investigate the influence of geometry, material type and manufacturing process on their
hysteretic response, ductility capacity and fracture life. Fracture initiated soon after the
occurrence of local buckling, due to the accumulation of high local strains, causing sudden
strength loss. As a result, the prescribed ductility levels, such as the maximum inter-story
drift for a braced frame, were not achieved. From previous experimental investigations [1-6],
the diameter-to-thickness ratio (D/f) and member slenderness (KL/r) were found to have a
major influence on the cyclic-loading-induced fracture of bracing members, where D, ¢, L and
r are the diameter, thickness, length and radius of gyration, respectively, of the tube, and K is
the effective length factor. However, quantifying the effects of these parameters on the
fracture life of bracing members remains a challenge. In addition, discrepancies in ductility
capacity and fracture life between braces from different manufacturing processes were
observed in circular, square and rectangular hollow sections (CHS, SHS and RHS) [3,5,7].
During the seismic design of structures, an understanding of these effects would enable more
informed choices to be made on member selection based on the required performance.

Currently, investigations into extremely low cycle fatigue (ELCF) induced fracture

Text - 2/41



53

54

55

56

57

58

59

60

61

62

63

64

65

66

67

68

69

70

71

72

73

74

75

76

77

78

processes mainly depend on experiments due to the lack of a reliable fracture prediction
methodology. However, experiments on large-scale bracing members, which undergo
significant out-of-plane deformations, are often limited by the available laboratory space and
facilities. Numerical simulations are therefore becoming a popular means to examine
structural problems, offering an efficient and cost-effective alternative to laboratory tests.
Different fracture prediction methodologies have been developed for use in parallel with
numerical simulations to predict earthquake-induced fracture at a member-level, such as: (1)
the cycle counting technique through fibre-based elements [8] without consideration of
buckling effects, (2) post-processing of finite element (FE) simulation data [9] using the “rain
flow” counting technique in conjunction with the Coffin-Mason strain-life relationship [10,11]
and (3) FE simulations with a fracture prediction model and corresponding damage evolution
rule [2, 12].

The counting methodologies can only provide the number of cycles to fracture. The
third approach has the potential to assess the fracture process (including initiation and
propagation) and the post-fracture behaviour due to crack propagation. However, traditional
fracture prediction models, such as linear-elastic and elastic-plastic fracture mechanics
(LEFM and EPFM), are only valid in the following conditions [13]: (1) when fracture
initiates in the vicinity of a pre-defined sharp crack, (2) when there is a limited inelastic
region around the pre-defined sharp crack, and (3) under monotonic loading.

When steel materials undergo either ductile fracture or ELCF fracture, similar
mechanisms are observed at both microscopic and macroscopic levels. Kanvinde and
Deierlein [14] observed that the underlying mechanisms of micro-void growth and
coalescence are similar for ELCF fracture and ductile fracture under monotonic loading
conditions [14]. Therefore, ductile fracture models with a corresponding damage
accumulation rule were adopted to predict the ELCF fracture of metals in previous

investigations [15-18].
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The ductile fracture models are generally categorized into
D Physics-based (McClintock [19], Rice-Tracey [20], Gurson [21] and Gurson-
Tvergaard-Needleman (GTN) [22] models);
(I) ~ Phenomenological (maximum shear stress [23] and modified Mohr-Coulomb
model (MMC) [24,25] models) and
(IIT)  Empirical (Johnson-Cook [26] Bao-Wierzbicki [27] and Xue-Wierzbicki[28]
models).

Kanvinde and Deierlein [14] proposed a physics-based prediction model named the
cyclic void growth model (CVGM), based on the micro-mechanism of void growth and
coalescence. The CVGM model assumes that fracture depends on stress triaxiality (#), which
is in line with the observations of McClintock [19] and Rice and Tracey [20].

Recently the Lode angle () as defined in Fig. 1, which captures the effects of deviatoric
stress states, was found to have a significant influence on metal ductile fracture at low stress
triaxiality levels [24-25,28-30]. Barsoum and Jonas [29] conducted experiments on steel
fractography with the technology of a scanning electron microscope (SEM). They observed
different fracture mechanisms including: (1) fracture after a damage sequence of nucleation,
growth and coalescence of internal cavities (# = 1.10 in [29]), (2) shear band formation
followed by internal void shear fracture (7 = 0.47 in [29]) and (3) a mixture of these two
failure modes at different stress triaxiality levels (7 = 0.85 in [29]). It was found that at a low
stress triaxiality level (7 = 0.47 in [29]), relatively shallow and elongated shear dimples were
oriented along the shear direction on the fracture surface, which indicated the strong
dependence of the shear stress state on the Lode angle [29]. Further research [30-34] through
micro-mechanical numerical simulations was conducted in the last decade to assess the
relationship between the macro stress state and the micro defect evolution. Results further
confirmed the significant influence of the Lode angle on the ductile fracture at low stress

triaxiality levels and the dominant role of stress triaxiality at high stress triaxiality levels.
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A limitation of the CVGM model [14] stems from the fact that fracture is assumed to

depend only on stress triaxiality (7)—the model fails to accurately predict ductile fracture at

low stress triaxiality levels where the shear stress state has been shown to depend strongly on
Lode angle [29]. However, in structural engineering, fracture typically occurs between low
and intermediate stress triaxiality levels [13] where # < 1.0, such as shear fracture in the panel
zone of beam-to-column connections and local buckling induced fracture of cyclically loaded
braces. Researchers have proposed ductile fracture models incorporating damage evolution
rules, which depend on both stress triaxiality and Lode angle [15-18,35] and these have been
verified against material (coupon) - level tests. In this paper, the primary objective is to use
these fracture prediction models [15-18,35] to predict the ELCF fracture of cyclically loaded
bracing members, by generating numerical models, validated against experimental data from
previous research. The influences of member geometry, material and manufacturing process
on the deformation and failure are examined. Using plastic hinge models, a failure criterion is
proposed, as a function of localized strain prior to fracture, and the seismic performance of a

braced frame is assessed against the requirements of AISC 341-10 [36].

2. Existing Ductile Fracture Models under Extremely Low Cycle
Fatigue

Steel structures subjected to severe earthquakes undergo significant plastic strains which
cause material hardening and softening during the reversing load cycles. This leads to
extremely low cycle fatigue and results in the same fracture profile and the dimple-dominated
surface as that which occurs during ductile fracture under monotonic loading [14]. ELCF
fracture is accompanied by large deformations and usually occurs after only a few cycles.
Due to the significant non-localized plasticity that develops before fracture and the absence
of pre-defined “cracks”, the validity of the conventional fracture prediction methodologies

(i.e. LEFM and EPFM) is questionable [13]. Moreover, the accumulative fatigue damage
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approach (Manson-Coffin law [10,11]) that can accurately predict fracture life under low
cycle fatigue (LCF) loading conditions, has been shown to over-predict fracture life under
ELCEF loading conditions [37-39].

As discussed earlier, the effects of the both hydrostatic pressure and the third deviatoric
stress levels (expressed as a function of stress triaxiality (r7) and Lode angle (#)) are essential
to accurately predict fracture for low, intermediate and high stress triaxiality levels. Smith et
al. [35] proposed a stress-weight damage model (SWDM) to address these effects on fracture.
Meanwhile, ductile fracture models that depend on stress triaxiality ( ) and Lode angle (6)
were proposed by a number of researchers [24,25,40] and extended to ELCF conditions. Bai
[15] and Algarni et al. [16] extended the MMC model [25] which only accounted for
monotonic loading, by adopting two weighting functions to account for the nonlinear damage
accumulation and the reverse loading effects. Wen and Mahmoud [12,18] developed an
analogous nonlinear damage evolution rule to take account of the coupling effects of
nonlinearity of material properties caused by load reversal and load history. They also
employed this nonlinear damage evolution rule to extend the ductile fracture model [40] to
include reverse loading conditions. A phenomenological ductile fracture model incorporating

a corresponding nonlinear damage accumulation rule will be adopted in the present study.

2.1. Modified Mohr-Coulomb (MMC) ductile fracture model

Bai and Wierzbicki [25] proposed that the three principle stresses in the Cartesian
coordinate system could be transformed into a spherical coordinate system in terms of stress
triaxiality (), Huber-von Mises stress (o), and Lode angle (6), as given by Egs. (1) to (3)
respectively, to provide the spatial definition for the modified Mohr-Coulomb fracture model
[25]. The relationship between the two coordinate systems is illustrated in Fig. 1.

p="o (1)

o
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o =43/, (2)

0= %arccos(f) = %arccos(zzli—ij 3)

o
where ¢ is the Huber-von Mises stress, O, is the mean stress, & is the normalized third

deviatoric stress invariant and J2 and J3 are the second and third deviatoric stress invariants
respectively.

To efficiently detect the initiation of ductile fracture, the Mohr-Coulomb criterion has

been extended to (Ef, n ,5 ) space utilizing a non-quadratic yield function proposed by

Hosford [41] and a hardening rule dependent on hydrostatic pressure and Lode angle

proposed by Bai and Wierzbicki [25], as given by Eq. (4)

Ali=c,-1)]
C

2

&= ><_S+ic‘”—cs secé—”— 4
s -o{o8)] :

where :s‘f is the equivalent fracture strain, 0 is the normalized Lode angle, calculated as (1-

60/n), n is the stress triaxiality, 4 and n are the material strain-hardening parameters which

can be calibrated from the true stress-strain curve by fitting Hollomon’s [42] or Swift’s [43]

power laws and ¢, , 7, ¢, and ¢, are fracture parameters to describe both the hydrostatic
pressure and Lode angle dependences. ¢ is equal to unity for #>0 and equal to ¢, for

o< 0; c1and c2 are the friction coefficient and the maximum shear strength respectively in

the Mohr-Coulomb criterion.

A total of eight parameters, 4, n, ¢, , 7, c,, ¢y, c1 and c2, need to be calibrated.
However, when the Huber-von Mises yielding function is employed, i.e. ¢,= 0, ¢, = ¢, = 1.0,
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the fracture criterion in Eq. (4), determined by eight parameters, can be reduced to a four-

parameter (4, n, c1 and c2) function [25] as given in Eq. (5).

. {f[ 1+3012 COS[%ZJ + cl[n +%sin(%}ﬂ} %)

According to previous research [14,44], a cut-off region exists in the negative stress

triaxiality range, where the value of the fracture strain would go to infinity and therefore
ductile fracture could not occur. It is very difficult to determine the cut-off region
experimentally due to the significant negative stress triaxiality level. Uniform cut-off regions
with different constant negative values have been employed in many ductile fracture models
[14,18,40,44]. The concept of friction self-locking was adopted herein to define the cut-off
region for the MMC model [25], as shown in Eq. (6). It was postulated by Bai and Wierzbicki

[25] that the accumulated damage would remain constant beyond this cut-off region.
- _ _
1/% oS (%J+c{77 +%sin [%}J <0 (6)

2.2 Nonlinear damage accumulation rule

The MMC model was extended by Bai [15] to include reverse loading conditions by
introducing a nonlinear damage evolution rule to account for the effects of nonlinear material

damage accumulation and loading history, as expressed in Eqs. (7) and (8) respectively.

F, (DFI) = [chFI +cc—gj (7)
et —1
Ky
FH(DF[Huh):( l+¢, Dy ﬂhﬂz) (8)

where cg is the parameter of the extension function for the nonlinear damage rule, ca, f1, 52
and k» are the parameters of the extension function for load-change effects and un relates to

the backstress and current stress tensors to capture the reverse loading effects, as defined in

Eq. 9).
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where a and o are the backstress and current stress tensor respectively; gpl is the equivalent
plastic strain.

The MMC ductile fracture model coupled with a nonlinear damage accumulation rule
have been shown to adequately predict ductile fracture under large plastic strain cycles at the
material (coupon)-level for 1045 steel [15] and Inconel 718 [16]. The incremental form is
shown in Eq. (10) with an assumption that ductile fracture will initiate at the point when the

integral value of dDr1 is equal to unity during the loading history.

dD, =F F i (10)
T e (1,0)

3. Summary of Existing Experimental Investigations

3.1. Test Specimens, Set-up and Loading Protocols

In total, thirteen brace specimens with CHSs and SHSs from three test programmes
[2,3,5] were selected in this study to validate the FE models, which incorporated the MMC
ductile fracture model with the damage evolution rule. The specimen label, loading protocol,
cross-section shape, manufacturing process, geometry and material properties are described

and summarized in Table 1. For the selected specimens, the cross-sectional slenderness,
A=D/t or B’/t, ranges from 9.3 to 21.6, the global slenderness, A, = KL/r , ranges from
41 to 131 and the yield strengths range from 326 to 499 MPa. The labels of the test
specimens were kept consistent with each reference [2,3,5] as shown in Table 1.

Fig. 2(a) shows the details of a typical test set-up and the arrangement of strain gauges

and displacement transducers from the test programme [5]. Fixed-fixed end-conditions were

provided by the test rigs in the three test programmes. However, due to different connection
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arrangements between the tube ends and the end-plates, as shown in Figs. 2(b) and (c), the

effective length factors (K) are assumed in accordance with the actual end conditions for each
test programme, when considering the global slenderness (A; = KL/r) in Table 1. The axial

and lateral displacements were measured using linear variable displacement transducers
(LVDTs) and string potentiometers, respectively. In addition, high strength friction grip
(HSFG) bolts were used to maintain the global stiffness of the test rig as shown in Fig. 2(a).
The test specimens were subjected to a quasi-static cyclic loading procedure using a
displacement-controlled mechanism, which followed three different loading protocols as
illustrated in Fig. 2(d). In the test programmes of Sheehan and Chan [5] and Nip et al. [3], the
symmetric displacement loading protocol recommended by the European Convention for
Constructional Steelwork (ECCS) [46] was adopted. This loading protocol consists of one
cycle at each level of 0.25Ay, 0.5Ay, 0.75Ay and 1.0Ay and three cycles at each level of 2Ay,
4Ay, 6Ay, 8Ay, etc., where Ay represents the estimated axial yield displacement. Two loading
protocols for the pipe specimens in Fell’s test programme [2] were developed to account for
the effects of different types of ground motion, i.e. far-field and tension dominated near-field
motions. The second protocol was designed to generate a tension-sensitive failure mode, such
as net-section fracture, which is outside the scope of the current investigation. Therefore, the

test specimens under the far-field loading protocol were selected to validate the FE models.

3.2. Hysteretic response and failure mode

All test specimens underwent global buckling during the first few cycles of loading after
surpassing the yield displacement. After successive inelastic loading cycles, the stiffness near
the mid-length region deteriorated, leading to the occurrence of local buckling at mid-length.
The numbers of cycles to global buckling and local buckling for each specimen in the three
test programmes are summarized in Table 2. The load-displacement hysteresis curves [3,5]

are presented in Figs 3 and 4. The shape of the hysteresis curve was significantly influenced
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by the global slenderness, KL/r, which also lead to a different energy dissipation capability.
Once local buckling occurred, the localized strains developed rapidly at particular
locations in the member, resulting in fracture initiation. For the CHS members, the fracture
initiated at the tube face on the concave side after it buckled at the mid-length during the
tensile phase of a cycle as shown in Fig. 5. For the SHS members, Figs. 6(a) and (b) indicate
that the fracture initiated at the two corners of the locally buckled region and propagated to
the flat portion at the mid-length. In addition, fracture in the heat-affected zone adjacent to
the stiffeners was observed in some cold-formed (CF) SHS specimens as shown in Fig. 6(c).
Though the load-carrying capacity would experience a sudden drop after complete fracture,
all test specimens survived for several cycles after local buckling. The numbers of cycles

corresponding to the different stages of fracture are presented in Table 2.

4. Numerical Modelling of Local Buckling Induced Fracture

4.1. FE modelling methodology

ABAQUS/Standard [47] finite element software was used to carry out a quasi-static
simulation of the bracing members under ELCF loading conditions [46], The hysteretic
response, fracture initiation and fracture propagation were recorded in each simulation.
Utilizing two lines of symmetry, only one-quarter of the bracing members were modelled, as
shown in Fig. 7. The axial load was applied by utilising a displacement boundary condition at
the reference point, RP-2. All degrees of freedom of RP-2 were coupled with those at the end
of the brace. The same displacement histories as used in each test programme [2,3,5] were
implemented in the validation models. The displacement history type “C” [3] as shown in Fig.
2(d) was adopted in the parametric investigation, which followed the loading protocol
recommended by ECCS [46] and began with tensile force at each cycle.

The three-dimensional solid element, C3D8R [48], was adopted in the FE models. FE

models using shell elements, S4R [48], were also constructed for comparison. Shell elements
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can simulate the buckling and post-buckling performance of tubular structures with relatively
low computational time and high accuracy in comparison with solid elements. The full
hysteretic responses and the key points of the fracture process, i.e. cracking initiation and full
fracture are compared with the experimental results in Fig. 8. A moderate difference was
found in the tensile strengths. The solid elements were found to be more suitable for
simulating the ELCF fracture process than the shell elements, as they could simulate the
whole crack propagation process as defined in Fig. 9. Nevertheless, the choice of element did
not influence the cycle in which the prediction of fracture occurred. Therefore C3D8R-
element based models were adopted in this investigation.

A refined mesh was used in the regions of the mid-length and the end of the models,
where local buckling was anticipated to occur. The length of the refined regions is presented
in Fig. 7. Mesh sensitivity and convergence studies were conducted for element sizes of 1
mm, 1.5 mm and 3.0 mm for the refined region in both the longitudinal axis and the
circumferential directions; an element size of 15 mm was used for the coarse mesh region.
The number of elements through the thickness was set as the larger of three and #/1.5. It was
found that the 3 mm coarse mesh significantly postponed the occurrence of cracking through
the tube-wall, although there was only a minor effect on the fracture initiation, as presented in
Fig. 10. Considering the computational time, an element size of 1.5 mm was adopted in the
subsequent FE analyses. The total number of elements for a specimen with a diameter of 48
mm and a length of 1500 mm was approximately 38,000. A typical mesh is presented in Fig.
7.

Geometric imperfections, including both initial global and local imperfections, were
introduced in the FE models based on the superposition of weighted eigenmode analysis data.
A sensitivity study was conducted to assess the influence of the initial imperfections on
buckling and fracture. The amplitudes of global and local imperfections ranged from /500 to

L/5000 and #/50 to #/500, respectively. Global buckling occurred at an earlier stage for models
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with larger imperfection amplitudes, while the occurrence of fracture initiation differed by
one cycle among the investigated ranges. Following comparisons between the numbers of
cycles to global buckling, local buckling and fracture, the optimum imperfection amplitudes
for each test programme and parametric study are listed in Table 2. The same imperfection
values as those measured for the CHS bracing members in [5] i.e. L/2000 for the global
imperfection and #/100 and #/150 respectively for the local imperfection in the cold-formed

and hot-rolled members, were used in the parametric studies.

4.2. Plasticity and fracture models
4.2.1 Plasticity modelling

In order to reliably predict ELCF fracture, accurate simulations are needed of the stress-
strain evolution under cyclic loading. A constitutive model using the Huber-von Mises yield
criterion and a combined isotropic/kinematic hardening rule in ABAQUS [48] was adopted,
which was based on the work by Lemaitre and Chaboche [49]. This model took the
Bauschinger effect under cyclic loading into consideration. The evolution law consisted of a
nonlinear kinematic hardening component using the backstress, a, as described in Eq. (11)

and an isotropic hardening component as a function of equivalent plastic strain as given in Eq.

(12).

a=) o; da, :Ckai(a—a)dgpl—ykakd?l (11)
k=1 0

—pl
where 0jis the size of the yield surface defined in Eq. (12), ¢ is the equivalent plastic strain,

Cx is the k™ initial kinematic hardening modulus, yk is the k™ rate of decrease of Ck, a is the

overall backstress and ax is the A backstress;

%zdﬁgﬁ—w”) (12)
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where o | , 1s the yield stress at zero plastic strain, Q.. is the maximum change in size of yield

surface, b is the rate of change of yield surface size with increasing plastic strain.

The hardening effect was considered over a region including the corner and an extension
along the flat face of the tube equal in length to the tube thickness. The model parameters of
the combined isotropic/kinematic hardening rule were calibrated according to the ABAQUS
documentation [48] for each test programme, as listed in Table 3.

4.2.2 Fracture modelling

The framework of continuum damage mechanics [49] is adopted in this research to
describe the material behaviour with due consideration of progressive damage degradation as
adopted in ABAQUS [48]. A typical uniaxial stress-strain curve with progressive damage
degradation is shown in Fig. 11 (solid curve a-b-c-d). The curve a-b-c-d’ represents the
behaviour of the material without considering the damage. Point ¢ marks the onset of damage
(taken as fracture initiation). Beyond this point, the material response degrades under the
principle of strain-equivalence. In FE simulations performed using ABAQUS, Point c is
determined from a fracture initiation criterion and the material softening is described using a
damage evolution rule.

Ductile fracture of metals is dependent on stress triaxiality () and Lode angle (¢). The
MMC model [25], proposed and validated at the material level (coupon) in [25] has been
adopted in FE models at member-level by Xu et al. [50-52]. This fracture model,
incorporating a linear damage accumulation rule, has been used to successfully predict
ductile fracture initiation and propagation under monotonic loading. In the current study, the
MMC model with a nonlinear damage evolution rule [15,53] was adopted for reverse or
cyclic loading conditions.

The MMC fracture model in (&;, 77 ,& ) space used in conjunction with the Huber-von

Mises yield criterion is summarized by Eq. (5) with a corresponding cut-off region described
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by Eq. (6). Ideally, a comprehensive material test programme covering tension, compression
and shear should be carried out on specially designed coupon specimens to ensure that the
stress states of fracture initiation are covered for different stress triaxiality levels. From the
results of conventional tensile coupon tests listed in Table 4, the parameters 4 and n
representing the flow strength parameters of the material can be derived. The other
parameters, c1 and c2, should be calibrated using notched round bars with different notched
radii at high stress triaxiality levels and flat specimens (dog-bone, central hole and butterfly
types, and circular punch disks) at intermediate and low stress triaxiality levels. The
parameters can be determined by minimizing the average equivalent plastic strain error (the
difference between test and simulation results) at the onset of fracture. With limited material
test data available, a simplified MMC model calibration procedure, using the conventional
tensile coupon test results only, was proposed and verified in previous member-level
simulations [50-51]. In addition to the parameters 4 and n, the material parameter c2
accounting for the shear strength, based on the physical implications of the Mohr-Coulomb
model, can be estimated from conventional tensile test results [50]. The friction coefficient
parameter c¢1 cannot easily be obtained from tensile coupon tests, but can be assumed to be a
constant value for materials with similar crystallographic structures. A sensitivity study [50]
to assess the effect of this assumption on the prediction of fracture initiation, found that a
value of ¢1=0.12 is suitable for structural steel with nominal yield strengths ranging from 235
MPa to 345 MPa. The above simplified methodology for the calibration of the model
parameters is described in more detail by Xu et al. [50]. The calibrated parameters of the
MMC model for each test programme are listed in Table 4.

Under monotonic loading conditions, the linear damage accumulation rule was found to
adequately predict material fracture initiation [24,40,54]. However, for the periodic loading
cases, the load history effect and the nonlinear damage evolution should be taken into

consideration [14-18]. The individual and combined effects on fracture prediction under
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reverse loading were investigated [18] for steel and aluminium. It was reported that
combining the effects of both the loading history and the nonlinear damage evolution
provided the most satisfactory correlation. In addition to this, it was found that the sensitivity
to the nonlinear intrinsic properties and the load history effect varied with the metal type,
among which steel exhibited a strong load history dependence. Therefore, two weighting
functions [15] with respect to nonlinear accumulation (in Eq. (7)) and the load history effect

(in Eq. (8)) were adopted in this study. The damage evolution rule employed is presented in
-pl
Eq. (10) in an incremental form, where dDr1is the damage increment, £ is the equivalent

— pl
plastic strain, as shown in Eq. (13), and de’is the equivalent plastic strain rate.

—pl )
g :IO /Edg”l cde” dt (13)

The range of the damage indicator, Dri, is assumed to be [0,1.0], if the material of the
structural members is assumed to be without initial cracks or accumulated plastic strains, and
the effect of the hardening history from the manufacturing process on the damage
accumulation is not considered. Dr1 = 0 represents the material behaviour before the plastic
stage, while Dri = 1.0 indicates the fracture initiation. The parameters, cg for nonlinear
accumulation and cn, £1, f2 and kn, for the load reversal effect should be calibrated by material
test results under reversed or cyclic loading and replicated in the numerical simulations on the
basis of the minimum error criteria of the fracture equivalent plastic strain as used in the
MMC model calibration. Due to lack of essential data for each test programme, a sensitivity
study was conducted herein based on the available experimental data for steel 1045 from [15].
It was found that kn, representing load history effects, had the most significant effect on
fracture initiation in comparison with the other five parameters. The greatest difference in the
cycle of occurrence of fracture was more than six cycles when kn ranged from -0.6 to 1.0, as
shown in Fig 12. Therefore, a calibration process based on the bracing member tests was used

to obtain an optimal group of these parameters. The group of parameters sought would
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minimize the average errors for the number of cycles to fracture between the experimental
and numerical results. The resulting group of consistent values of cg, ch, f1, f2and kn is listed
in Table 4. For the test specimen HF-H-1500, the evolution of the accumulation damage
indicator, Dri, with the stress triaxiality and normalized Lode angle during periodic loading
are shown in Figs. 13(a) and (b), respectively. An interesting phenomenon was also observed
that the normalized Lode angle was more sensitive than the stress triaxiality in manifesting
the stage alterations, such as local buckling and fracture initiation.

A post-initiation softening rule was also employed by using a linear relationship
between the material degradation and the equivalent plastic strain. To avoid significant
dependence on the mesh, the effective plastic displacement was used instead of the equivalent
plastic strain [48], as shown in Eqgs. (14a), (14b) and (15). The introduction of the post-
initiation softening rule can help to simulate the fracture propagation and correct crack modes
[16,55,56] and achieve better convergence without a sudden degradation of stress for an
element when using the implicit calculation technique. As illustrated, the softening rule is
defined in terms of effective plastic displacement by using the characteristic length to
alleviate the mesh dependence [48] as shown in Eq. (15).

E=E (1-Dyos) (14a)
6 =0/ (1-Dyyos) (14b)
where E is the elastic modulus of the damaged material, E is the elastic modulus of the

material free of damage, & is the effective stress tensor, o is the usual stress tensor, and Dy,

is the damage variable.

—pl
Lde
D,y = £ (15)
!

where Lc is the characteristic length of the element for a specified FE model.
The MMC model with the nonlinear damage accumulation rule was incorporated into

the FE models using a user subroutine, USDFLD. The option of element deletion control is
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not offered in ABAQUS/Standard when using USDFLD. Therefore, an element was set to
fail at a maximum post-initiation degradation with a residual stiffness of 2% to avoid severe
non-symmetry of the Jacobian matrix and convergence problems. The flow chart for the

USDFLD of the ELCF fracture model is presented in Fig. 14.

4.3. Validation

Test specimens from three different test programmes [2,3,5] for both CHS and SHS
bracing members were replicated by the FE models. The experimental and numerical results
were compared with respect to the number of cycles to buckling, hysteretic response, and
fracture process, including initiation and propagation. The models simulated local buckling
induced ductile fracture under ELCF loading to a satisfactory degree of accuracy.

The force-displacement curves from the experimental and numerical results, as shown in
Figs. 3 and 4, were in a good agreement. The primary points of the fracture processes, i.e.,
initiation, corner opening and full fracture, are also shown and compared between the test (if
they were available) and simulation results in Figs. 3 and 4. In addition, the numbers of
cycles to global buckling, local buckling and fracture are compared in Table 2. The
definitions of the different stages for ELCF fracture are presented in Fig. 9. Generally, the
results were reasonably accurate, though in certain simulations, the FE models failed to
undergo the complete loading history due to convergence problems after the initiation of
fracture. This is because material models exhibiting softening behaviour and stiffness
degradation often lead to severe convergence difficulties in implicit analysis programmes
[48], though some pre-cautions to avoid convergence problems were taken in the FE models.

The comparisons of the ELCF fracture failure mode and its evolution for the CHS and
SHS bracing members are given in Figs. 5 and 6 respectively. The regions marked in red
were at the maximum degradation value of Dpost, which indicated crack propagation.

Different failure modes and fracture locations observed in the tests, i.e., fracture due to local
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buckling at the mid-length (Figs. 5 and 6(a, b)) and fracture near stiffeners (in Fig. 6(c)), were
accurately predicted by the numerical simulations. Despite this, it should be noted that once a
visual crack formed, the existence of the sharp crack tip required a more refined mesh near
the cracking region to capture the crack propagation precisely. Furthermore, in order to
accurately simulate the fracture process on a micro-scale, a fracture model would need to be
developed that could capture the various fracture mechanisms depending on the stress

intensity, stress triaxiality and Lode angle.

5. Parametric Analyses and Proposed Prediction Formulations

The slenderness parameters (normalized global and local slenderness) in the parametric
study were chosen based on the validated FE models. Tables 4 and 5 present the material
properties and specimen matrix in the parametric study respectively. The effect of the
manufacturing process was considered using the calibrated material parameters from hot-
rolled and cold-formed tubes [57]. The loading protocol “Type C” illustrated in Fig. 2(d) was

adopted.

5.1. Deformation capacity and localized strain prior to fracture

In the experimental investigations [1-7], the localized strain accumulated dramatically
through successive cycles after the occurrence of local buckling. Figs. 15 and 16 present the
typical deformed-shape of the brace at the maximum compressive displacement prior to local
buckling and fracture, with the yielded regions clearly indicated, as observed in the
parametric study. A plastic hinge approach considering the evolution of global and local
strains [58] was adopted and improved to develop a prediction model of localized strain prior
to ELCF fracture.

5.1.1 Global hinge angle, global plastic hinge length and global buckling induced strain,

01, Ln g and &
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Fig. 15(a) shows that the plastic hinges formed at the middle and two ends of the brace
during global buckling. The length between the two end-hinges, denoted Lu, was employed
instead of member length, L, in the plastic hinge model. Therefore, based on the simplified
model, the average strain due to global buckling at the maximum compressive displacement

prior to local buckling can be expressed as follows:

_D§
Ly

(16)

€

where D is the outer diameter of the CHS brace, Lu ¢ is the global hinge length developed at
the mid-length of the brace as shown in Fig. 15(b) and 61 is the global hinge angle. The

global hinge length can be determined [2] from Eq. (17)

Ly d
M (17)

LHfG =
¢m ax

where Ly ¢ is the length of the yielded region at the mid-length, ¢ (x) is the curvature within

this region and @, ,, is the maximum curvature value.

From the geometrical relationship of the deformed brace, 61 can be calculated as follows:
6, = arcsin(24,/ L) (18)

where A1 is the out-of-plane deformation amplitude shown in Fig. 15(a).
It should be noted that Lu is different from the effective length, KL, defined earlier. The
location of the end-hinges can be approximately defined as the points of the maximum
curvature within the yielded region at the two ends. From the parametric study, Lu is
approximately equal to 0.968(L-2Lr), where Lp is the stiffener length at both ends of the
bracing member.

The parameters 61 and Lu ¢ indicate the deformation capacity of a bracing member prior
to local buckling. They depend on the inherent material properties and geometry of braces. A

parametric study was conducted to derive the values of 61 and Lu . They were evaluated
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based on Egs. (17) and (18) from the numerical results. Two normalized global and cross-

sectional slendernesses, A and As , were introduced to account for the material and

geometry effects and to accommodate the design approach of AISC 341-10 [36], as shown in

Egs. (19) and (20) respectively.

—  KL/r
Ae = 19
’ ﬂ”limit ( )
T =2/t (20)
ﬂ’hd

where K is the effective length factor, taken equal to 0.5 for the fixed-ended conditions
employed in the parametric study, L is the brace length, 7 is the radius of gyration of the brace,
Jlimit 1 the brace slenderness limit in an ordinary concentrically V or inverted-V braced frame

in AISC 341-10 [36], A,,,=4\E/ f, , t is the tube-wall thickness, And is the limit of the

limit
width-to-thickness ratio for highly-ductile members in AISC 341-10, Ana= 0.038 E/fy and E

and fy are elastic modulus and yield strength of the material.

The relationship between global hinge angle 61 and global plastic hinge length Lu ¢

with the two normalized parameters Ac and As are presented in Figs. 17 and 18,

respectively. As indicated in Figs 17(a) and (b), the hot-rolled (HR) braces experienced
slightly higher deformations before local buckling than their cold-formed (CF) counterparts,
especially when the members did not exceed the limits of highly-ductile members, D/t =
0.038E/fy in AISC 341-10 [36]. However, as shown in Figs. 18(a) and (b), little discrepancy
was found regarding the plastic hinge length Ln ¢. When the values of KL/r and D/t are set at
50 and 18 respectively, below the limits in AISC 341-10, the influence of the two normalized
parameters on the tube deformation 61 and plastic strain accumulation level Lu G, along with

their defining equations, are presented in Figs. 17 and 18, respectively. The bracing members
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with stocky cross-sections and large slendernesses would have a larger value of i but a
smaller value of (Lu ¢/Ln) compared to the others. This indicates that these braces will
experience more cycles before the occurrence of local buckling, as observed in the
experimental investigations [3,5].

Expressions for the global hinge angle and plastic hinge length, 61 and Lu ¢ are
proposed in Egs. (21) and (22) respectively. The comparisons between the numerical and
calculated values for 61 and Lu ¢ are shown in Figs 17(c) and 18(c) respectively. By
substituting Egs. (21) and (22) into Eq. (16), the average strain developed in the mid-length

region before local buckling can be quantified.

= B % Co
0, =4, As  Aa (21)

Lyg= (AH_G ZSBH*G EGCH*G )LH

7 Buc 5 Guc (22)
=0.968(AH_G/15 Ao )(L—l?)

where Ao, Bo1 and Ce1 are parameters for 6 listed in Table 6 and An ¢ and Bu G are
parameters for Lu ¢ listed in Table 6.

5.1.2 Local hinge angle, local plastic hinge length and local buckling induced strain, 62,

Lurand &

After the occurrence of local buckling, localized strains accumulate at the peak of the
buckling wave. The local plastic hinge length Lu 1 was determined in the same way as the
global plastic hinge length Lu ¢, as shown in Fig. 15(b), with reference to the FE results. The

deformed shape of the local buckling was assumed to be a sinusoidal function [59], given as

—Asin ( mrx
L

found that local buckling developed symmetrically at the mid-length of all braces. Therefore,

j, where 4 and m are functional constants and L is the brace length. It was
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the simplified representation of the brace at the maximum compressive displacement prior to
fracture shown in Fig. 16 was adopted.

It was assumed that a local plastic hinge (i.e., through the thickness of tube wall)
occurred at each end and one at the mid-length on the compressive tube-wall, as marked in
Fig. 16(a). The analytical model for the local bucking at mid-length is shown in Fig. 16(b).
This model assumed that only localized strain caused by local buckling was accumulated in
the tube-wall after local buckling. The length of the local buckling region Lhaifw was

determined based on the actual buckling-half-wave derived from the numerical results.

In a similar manner to the derivation of the average strain for global buckling &; at the

member mid-length, the average localized strain for local buckling & can be approximated

by Eq. (23) when taking the locally deformed tube-wall as a tube with a diameter of ¢.

t0,
L

H L

& = (23)

where ¢ is the tube-wall thickness, 6 is the local hinge angle as shown in Fig. 16(b) and Lu L

is the local plastic hinge length.

According to the definition of Lu ¢ and 61, the local hinge length Lu L and local hinge

angle 62 can be derived from Egs. (24) and (25), based on the analytical model in Fig. 16(b).

Ly w
~o(x)dx
Ly, =u (24)
N quax
0, =sin™" (28, /L 0 v ) (25)

where Luair w is the local buckling half-wave length, ¢ (x) and @, are the curvature

function of a half-wave and its maximum value respectively. Az is the deformation amplitude
as shown in Fig. 16(b).

The parameters of 62 and Lu L manifest the local deformation capacity and plastic strain
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level of a brace member prior to fracture. From the parametric study, the local hinge angle 6>

can be expressed as in Eq. (26).
— 2 —
6, = A, ((,15 -1) + /392)(/1G +Cp) (26)

where Aoz, Bo2 and Coz are parameters for 62 listed in Table 6.

As shown in Fig. 19(a), the hot-rolled (HR) braces exhibited clearly superior local
deformation capacity with higher values of 2 at the onset of fracture than the CF braces. The
value of 62 varied for a stocky cross-section member (D/t < And) while the value dropped when
D/t exceeded Ang, especially for the CF members. As shown in Fig. 19(b), the variation with
the normalized member slenderness was approximately linear, and it indicated that a slender
bracing member would experience less severe local buckling deformation than a stocky
member before fracture. Fig. 19(c) shows good correlation between the 62 values obtained
from the FE models using Eq. (25) and the values calculated from the proposed Eq. (26).

The local plastic hinge length was found to have a linear relationship with the
theoretical wave-length of symmetrical local buckling for a cylindrical shell under uniform
axial compression [59]. It was assumed that buckling occurred at a stress within the
proportional limit. The half-wave length from Timoshenko’s elastic stability theory is

calculated as Eq. (27).

2.2
Elastic __ D t

talf w — 70 4 m (27)

where v is Poisson's ratio, taken equal to 0.3.

Though Timoshenko also proposed an equation for local buckling deflection, w(x) [59],
it was based on elastic buckling and a uniform compression loading which was quite different
from the local buckling of the bracing members. The brace buckled beyond the proportional
limit and this buckling was combined with flexural buckling. Therefore, the theoretically

proposed elastic deflection function could not be used to calculate the curvature. In this study,
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the local hinge length Lu r was calculated from the simulation results using Eq. (24). The

Elastic

relationship between L,y and Lu L, expressed in Eq. (28), is shown in Fig. 20. A longer
local hinge length could be developed prior to fracture for the HR bracing members.

_ Elastic
LH_L - AH_L LHalf_W + BH_L

(28)
~1.224, Dt +B, ,

where An L and Bu L are parameters for Ly 1 listed in Table 6.

Substituting Eqs. (26) and (28) into Eq. (23), the average localized strain that
developed at the member mid-length at the maximum compressive displacement prior to

fracture can be quantified.

5.1.3 Localized strain induced by coupling effects of global and local buckling

The localized strain at the maximum compressive displacement prior to fracture &r,
consists of global and local buckling induced strains, namely G and ¢L, and an expression for

this is proposed in Eq. (29).

£y =+ (29)

For a given a brace member with a specified material property and manufacturing process,
the critical localized strain due to cyclic loading prior to fracture given by Eq. (29) can be
calculated by substituting Eqs (21), (22), (26) and (28). It is reported in the previous studies

[9,60] that the 45°-region of the compressive section would accumulate a high-level of plastic

strain. Therefore, the average values of equivalent Mises strain, &g qz4 =4[=&; - &; , obtained
_ 3 y y

from the numerical results in the 45°-region of the compressive side at the mid-length were
compared with the prediction values calculated using Eq. (29) in Fig. 21. The mean values of

the calculation-to-FE results were 1.00 and 1.03 for the HR and CF braces respectively,
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demonstrating that the developed localized strain prediction model had a satisfactory degree
of accuracy. Furthermore, the proposed equation for the localized strain prior to fracture can
be used in fiber-based FE models of the bracing members in a structural analysis to capture

buckling induced fracture failure.

5.2. Fracture life

5.2.1 Global hinge rotation at maximum compressive displacement before fracture s

Empirical models have previously been proposed to predict the fracture life of hollow
structural section bracing members and these have generally been expressed in terms of
indices of displacement ductility (u«a) [2] and rotation ductility [61]. It is more desirable to
have prediction models that are associated with the material and geometry properties instead
of depending on the loading history, since these can easily be used by design engineers
without knowing the displacement history in advance. Tremblay et al. [61] identified the
discrepancy of prediction accuracy between the two bracing systems, i.e. single bracing and
X-bracing members, when applying an equation in terms of displacement index (ua).
Therefore, the rotation in the global plastic hinge prior to fracture was used to predict the
fracture life of SHS bracing members [61]. In addition, some established prediction models
derived from experimental and numerical fracture life data of cold-formed and hot-rolled
members did not consider the effect of the manufacturing process on the fracture life.
However, the differences in the ductility capacity between cold-formed and hot-rolled braces
with the same geometry were observed in the previous tests [3,7]. The rotation index was
therefore adopted to assess the fracture life of CHS bracing members with different
manufacturing processes.

The plastic hinge model and the relationship between axial shortening displacement Ac
and rotation 63 at the maximum compressive displacement prior to fracture, are presented in

Fig. 22(a). It is assumed that the axial shortening (Ac) is only contributed to by the brace
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rotation at the mid-length hinge of an uncompressible brace. The relationship between Ac and

63 1s expressed in Eq. (30), and when the approximation of sin (93) = 0, is adopted, Eq. (30)

can be mathematically simplified to Eq. (31) which coincides with the equation used by

Tremblay et al. [61] for single bracing members.

Ac =L, (1-cosb) (30)
A, :%Ha; (31

where 63 is the maximum global hinge angle before fracture, defined in Fig. 16(a) and Ac is
the maximum compressive displacement before fracture, which includes both permanent
plastic tensile displacement and compressive displacement, illustrated in Fig. 22 (a).

A parametric study was conducted to estimate the influence of the normalized

parameters ZG and Zs on the fracture life index #s. The values of 83 were calculated by Eq.
(32) without assuming the approximation of sin(6’3) ~ 0, , since 03 was no longer a small
value (> 10°).

6, =sin" (24, /L) (32)

The variation of 63 with ZG and ZS is illustrated in Figs. 23(a) and (b) respectively. A

similar relationship with the two buckling parameters was found for 81 (Fig. 17) and 6; (Fig.
23).

p— BQ3_

G 3
O, = A4y As " Ac (33)
where Ao3, Bos and Co3 are parameters for s listed in Table 6.

As anticipated, the rotation at the maximum compressive displacement prior to fracture

03 decreases with As and increases with 4G, exhibiting the same variation tendency as the
maximum rotation @1 before local buckling. However, the discrepancy in deformation

capacity between cold-formed and hot-rolled bracing members is more significant, especially

Text - 27/41



646

647

648

649

650

651

652

653

654

655

656

657

658

659

660

661

662

663

664

665

666

667

668

when the ratio of diameter to thickness is below the limit of highly-ductile members in AISC
341-10 [36], as shown in Fig. 23(a). Fig. 23(c) demonstrates that the proposed equation, Eq.
(33) can reliably predict the global rotation prior to fracture 6s.

5.2.2 Relationship between 03 and displacement ductility ze.

Based the analytical plastic hinge model shown in Fig. 22 (a), Ac can be taken to be
equal to Ay (uct u-1), where uc and prare the anticipated compressive and tensile ductilities,
respectively. For a specified bracing member under a symmetric cyclic loading history (uc =
1), the elastic displacement is equal to Lfy/E. Therefore, Ac can be expressed as follows,

Ac=L(2u ~1)(f,/E) (34)
Combining Eq. (30) with Eq. (34), uc can be expressed in terms of 65 in Eq. (35), where Lu is
approximately equal to 0.968L, based on the previous parametric study. It should be noted
that the relationship between Ln and brace length L may vary for different end boundary

conditions.

u =1—cos93L_H 1

JE 2L 2
& (35)

=0.484(1-cos 6, )f£+%

y
where uc is the displacement ductility, 63 is the maximum global rotation, calculated by Eq.
(33) and E and fy are the elastic modulus and yield strength of the material respectively.
Therefore, the prediction model for 85 can be used to demonstrate the maximum ductility
Umax that can be achieved for a given bracing member. The maximum allowable ductility
level for bracing members at the global slenderness limit and sectional slenderness limits
specified in AISC 341-10 can be derived from Figs. 24 (a) and (b) respectively. Hot-rolled
CHS bracing members exhibit superior ductility to cold-formed braces, which can be
achieved when the limit of D/t = 0.038E/fy for highly-ductile members proposed in AISC

341-10 [36] is not exceeded. Significant discrepancies are only observed between HR and CF
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members when the normalized parameter Zs (= (D/t)/2na) 1s equal to or below the value of

1.0, as indicated in Figs. 24(a) and (b).

6. Discussions

Fig. 22(b) shows the relationship between story drift angle s and the brace deformation,
A, in a one-story chevron braced frame [2]. Based on this, the relationship between the axial
deformation range of the brace Arange and the maximum story drift angle 6s max (expressed in
radians) was proposed by Fell [2] in Eq. (36)

. Apnge ! Ly (36)
s_max (1 +a, )(1 + C)COS 183 sin ,Bs

where as is the ratio of maximum to minimum drift angle demands within one story, which is
equal to 0.4 as proposed by Fell [2], C is the ratio of the rigid-link length (on both ends of the
brace) to Lg, equal to zero for simplification, Ls is the brace length, fs is brace angle and Arange
is the axial deformation range equal to Ac + Ay.

Based on the definition shown in Fig 22(a), the brace axial deformation range Arange = Ac
+ Ay can be used in conjunction with Eq. (34) with the assumption that only the length

between the two end-hinges Lu is considered, i.e., setting Ls equal to Lu. Therefore, the

maximum drift demand 6 for a one-story chevron braced frame (brace angle of 45°) can

s_max

be expressed in terms of maximum rotation before fracture 65 in Eq. (37).

=m[%+l—cosﬁ3] (37)

s_max
- 7

The dependence of € on the normalized cross-sectional slenderness Zs (in Fig.

25(a)) and normalized global member slenderness ZG (in Fig. 25(b)) is illustrated in Fig. 25.

Values of ZS and ZG less than unity imply a highly-ductile configuration within the

slenderness limit in AISC 341-10 [36]. The maximum story drift angle (6s max) has the same
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variation tendency with the two buckling parameters as the displacement ductility (uc). There

is an interesting observation in Fig. 25(a), for a bracing member at the highly-ductile section

limit (i.e., Zs =1.0) and global slenderness of 0.7imit, the calculated maximum story drift
angle s max 1s slightly less than 0.04 rad, which is the requirement for highly-ductile
members in AISC 341-10 [36] and also is defined as the “maximum considered earthquake”
demand [2,62]. As anticipated, the story drift angle capacity of the cold-formed bracing
member is much lower when compared with the hot-rolled one. As shown in Fig. 25(a), only
when the value of D/f is less than 0.8354nd will the capacity be attained. However, this
superior cross-sectional performance of hot-rolled members in comparison with the cold-
formed counterparts can only be guaranteed for those sections with the sectional slenderness
not exceeding And. In the 2016 seismic design provisions (AISC 341-16 [62]), the limit value
of sectional slenderness for the highly-ductile member, And, became 0.053(E/Ryfy) instead of
0.038(E/fy) in the 2010 version [36].

In Fig. 25(b) it is also found that the bracing members with a small global slenderness

(less than 0.726 4, *2.9,/E/ f, ) cannot meet the 0.04 rad story drift angle, even though

they possess a stocky cross-section that satisfies the slenderness limit of Znda. This can be
attributed to the severe local buckling that may cause premature fracture for these less slender
bracing members.

In the AISC seismic provisions [36,62], the member and sectional slenderness are
determined separately. However, from the experimental observations [1-7], the combined
effect of global and local bucking should be considered in the assessment of the fracture life
of a bracing member. In this investigation, the analytically proposed equations, i.e., Egs. (33),
(35) and (37) explicitly demonstrate that the fracture life and ductility of bracing members
and the deformation capacity of the braced frame are generally governed by slenderness

parameters, including member and sectional slendernesses, and material properties for a
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specified loading history. Therefore, the interaction of global and local buckling and the
effect of this on the deformation capacity is considered, in terms of slenderness parameters, in
the proposed equations.

It should be noted that the plastic hinge model is developed on the condition of inelastic
buckling. Therefore, the proposed model may not be suitable for members with a very slender

configuration and the tendency to fail by elastic buckling. The Euler elastic critical

slenderness limit, as given in zEI /( KL)2 is also highlighted in Figs. 24 and 25.

7. Conclusions

The local buckling induced fracture of concentrically loaded bracing members under
ELCF was investigated. A ductile fracture model was introduced into FE models with a
corresponding damage evolution rule to consider the nonlinear damage accumulation and the
load reversal effect during cyclic loading. The established FE models were validated against
the test results on CHS and SHS bracing members from three different test programmes.
ELCF fracture accompanied by large plastic deformation was assessed. The combined effects
of buckling and ductile fracture on the deformation capacity and the fracture life were
quantified in terms of the normalized cross-sectional slenderness and global slenderness,
using plastic-hinge based analytical models at different stages. The following conclusions can
be drawn from this study:

1. FE models were developed incorporating the modified Mohr-Coulomb (MMC)
fracture criterion and damage evolution rule at the material level, and these could
accurately predict the buckling induced fracture under ELCF for bracing members
with different cross-sections and manufacturing processes.

2. The geometric parameters, i.e. cross-sectional and global slenderness, had different

effects on the global and localized deformation capacity. Bracing members with
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stocky cross-sections and high member slenderness tended to possess superior global
deformation capacity to members composed of slender cross-sections.

The hot-rolled tubes exhibited obvious benefits in deformation capacity compared
with their cold-formed counterparts after local buckling. A prediction model for the
localized strain at the maximum compressive displacement before fracture, which
offered satisfactory degree of accuracy, was proposed.

The brace ductility prior to fracture was quantified using a rotation index. A
prediction model for the rotation capacity was proposed and could provide accurate
predictions of the maximum global rotation values. This prediction model was
applied to a structure-level study combined with a simplified analytical model of a
one-story braced frame. Based on the parametric study, it is suggested to consider the
coupling effects of local and global buckling when developing the cross-sectional
slenderness limits for a bracing member designed for a specified deformation
capacity.

Some bracing members with low global and sectional (less than And) slenderness
values suffered from severe local buckling and could not meet the 0.04 rad story drift

angle demand of the highly-ductile members in AISC 341-10.

. Hot-rolled members under extreme seismic actions should satisfy the cross-sectional

limit for highly-ductile members in the AISC seismic design provisions, in order to

reap the benefits from the hot-rolling manufacturing process.
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Abbreviations

CF:

CHS:

CVGM:

ECCS:

ELCF:

EPFM:

FE:

GTN:

HF:

HR:

HSFG:

LCF:

LEFM:

MMC:

RHS:

SEM:

SHS:

SWDM:

cold-formed

circular hollow section

cyclic void growth model
European Convention for Constructional Steelwork
extremely low cycle fatigue
elastic-plastic fracture mechanics
finite element
Gurson-Tvergaard-Needleman
hot-finished

hot-rolled

high strength friction grip

low cycle fatigue

linear-elastic fracture mechanics
modified Mohr-Coulomb
rectangular hollow section
scanning electron microscope
square hollow section

stress-weight damage model
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