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Abstract: The fracture behaviour of concentrically loaded circular hollow section (CHS) 10 

bracing members under extremely low cycle fatigue (ELCF) is examined in this paper. Finite 11 

element (FE) models capable of predicting fracture initiation and propagation on cyclically 12 

loaded braces were developed. A structural steel ductile fracture criterion, together with a 13 

damage accumulation rule that can account for the effects of both stress triaxiality and Lode 14 

angle, was adopted in the FE models. The FE models were validated against the available test 15 

results from different experimental programmes and shown to provide an accurate prediction 16 

of both the hysteretic response and the ELCF fracture cracking process. The coupling effects 17 

of buckling and fracture on the ELCF performance of braces were assessed through a 18 

parametric study. This parametric study examined the influences of the geometry, material 19 

and manufacturing process on the local and global deformation, and the ductility of the 20 

braces. Predictive equations for the localized strains and member ductility were proposed 21 

based on a plastic hinge model. The seismic performance of a chevron braced frame was also 22 

evaluated in terms of story drift angle according to the requirements of the current design 23 

code. 24 
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 1. Introduction  28 

Dissipative components play a crucial role in earthquake-resisting structures since they 29 

absorb energy through inelastic deformation, reduce the forces in other elements and enable 30 

efficient structural design. In concentrically braced frames, this dissipation is achieved by 31 

diagonal bracing members. Tubular sections are becoming increasingly prevalent because of 32 

their excellent compressive and torsional resistances, as well as visual appeal. However, the 33 

energy-dissipation performance is often compromised by fracture at the mid-length due to the 34 

occurrence of large deformations and buckling in this region. 35 

Experimental studies on cyclically loaded bracing members (i.e. Tremblay [1], Fell [2], 36 

Nip et al. [3,4], Sheehan and Chan [5] and Elchalakani et al. [6]) has been conducted to 37 

investigate the influence of geometry, material type and manufacturing process on their 38 

hysteretic response, ductility capacity and fracture life. Fracture initiated soon after the 39 

occurrence of local buckling, due to the accumulation of high local strains, causing sudden 40 

strength loss. As a result, the prescribed ductility levels, such as the maximum inter-story 41 

drift for a braced frame, were not achieved. From previous experimental investigations [1-6], 42 

the diameter-to-thickness ratio (D/t) and member slenderness (KL/r) were found to have a 43 

major influence on the cyclic-loading-induced fracture of bracing members, where D, t, L and 44 

r are the diameter, thickness, length and radius of gyration, respectively, of the tube, and K is 45 

the effective length factor. However, quantifying the effects of these parameters on the 46 

fracture life of bracing members remains a challenge. In addition, discrepancies in ductility 47 

capacity and fracture life between braces from different manufacturing processes were 48 

observed in circular, square and rectangular hollow sections (CHS, SHS and RHS) [3,5,7]. 49 

During the seismic design of structures, an understanding of these effects would enable more 50 

informed choices to be made on member selection based on the required performance. 51 

Currently, investigations into extremely low cycle fatigue (ELCF) induced fracture 52 
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processes mainly depend on experiments due to the lack of a reliable fracture prediction 53 

methodology. However, experiments on large-scale bracing members, which undergo 54 

significant out-of-plane deformations, are often limited by the available laboratory space and 55 

facilities. Numerical simulations are therefore becoming a popular means to examine 56 

structural problems, offering an efficient and cost-effective alternative to laboratory tests. 57 

Different fracture prediction methodologies have been developed for use in parallel with 58 

numerical simulations to predict earthquake-induced fracture at a member-level, such as: (1) 59 

the cycle counting technique through fibre-based elements [8] without consideration of 60 

buckling effects, (2) post-processing of finite element (FE) simulation data [9] using the “rain 61 

flow” counting technique in conjunction with the Coffin-Mason strain-life relationship [10,11] 62 

and (3) FE simulations with a fracture prediction model and corresponding damage evolution 63 

rule [2, 12]. 64 

 The counting methodologies can only provide the number of cycles to fracture. The 65 

third approach has the potential to assess the fracture process (including initiation and 66 

propagation) and the post-fracture behaviour due to crack propagation. However, traditional 67 

fracture prediction models, such as linear-elastic and elastic-plastic fracture mechanics 68 

(LEFM and EPFM), are only valid in the following conditions [13]: (1) when fracture 69 

initiates in the vicinity of a pre-defined sharp crack, (2) when there is a limited inelastic 70 

region around the pre-defined sharp crack, and (3) under monotonic loading. 71 

When steel materials undergo either ductile fracture or ELCF fracture, similar 72 

mechanisms are observed at both microscopic and macroscopic levels. Kanvinde and 73 

Deierlein [14] observed that the underlying mechanisms of micro-void growth and 74 

coalescence are similar for ELCF fracture and ductile fracture under monotonic loading 75 

conditions [14]. Therefore, ductile fracture models with a corresponding damage 76 

accumulation rule were adopted to predict the ELCF fracture of metals in previous 77 

investigations [15-18]. 78 
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The ductile fracture models are generally categorized into 79 

(I) Physics-based (McClintock [19], Rice-Tracey [20], Gurson [21] and Gurson-80 

Tvergaard-Needleman (GTN) [22] models); 81 

(II) Phenomenological (maximum shear stress [23] and modified Mohr-Coulomb 82 

model (MMC) [24,25] models) and  83 

(III) Empirical (Johnson-Cook [26] Bao-Wierzbicki [27] and Xue-Wierzbicki[28] 84 

models).  85 

Kanvinde and Deierlein [14] proposed a physics-based prediction model named the 86 

cyclic void growth model (CVGM), based on the micro-mechanism of void growth and 87 

coalescence. The CVGM model assumes that fracture depends on stress triaxiality (η), which 88 

is in line with the observations of McClintock [19] and Rice and Tracey [20]. 89 

Recently the Lode angle (θ) as defined in Fig. 1, which captures the effects of deviatoric 90 

stress states, was found to have a significant influence on metal ductile fracture at low stress 91 

triaxiality levels [24-25,28-30]. Barsoum and Jonas [29] conducted experiments on steel 92 

fractography with the technology of a scanning electron microscope (SEM). They observed 93 

different fracture mechanisms including: (1) fracture after a damage sequence of nucleation, 94 

growth and coalescence of internal cavities (η = 1.10 in [29]), (2) shear band formation 95 

followed by internal void shear fracture (η = 0.47 in [29]) and (3) a mixture of these two 96 

failure modes at different stress triaxiality levels (η = 0.85 in [29]). It was found that at a low 97 

stress triaxiality level (η = 0.47 in [29]), relatively shallow and elongated shear dimples were 98 

oriented along the shear direction on the fracture surface, which indicated the strong 99 

dependence of the shear stress state on the Lode angle [29]. Further research [30-34] through 100 

micro-mechanical numerical simulations was conducted in the last decade to assess the 101 

relationship between the macro stress state and the micro defect evolution. Results further 102 

confirmed the significant influence of the Lode angle on the ductile fracture at low stress 103 

triaxiality levels and the dominant role of stress triaxiality at high stress triaxiality levels. 104 
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A limitation of the CVGM model [14] stems from the fact that fracture is assumed to 105 

depend only on stress triaxiality (η)—the model fails to accurately predict ductile fracture at 106 

low stress triaxiality levels where the shear stress state has been shown to depend strongly on 107 

Lode angle [29]. However, in structural engineering, fracture typically occurs between low 108 

and intermediate stress triaxiality levels [13] where η < 1.0, such as shear fracture in the panel 109 

zone of beam-to-column connections and local buckling induced fracture of cyclically loaded 110 

braces. Researchers have proposed ductile fracture models incorporating damage evolution 111 

rules, which depend on both stress triaxiality and Lode angle [15-18,35] and these have been 112 

verified against material (coupon) - level tests. In this paper, the primary objective is to use 113 

these fracture prediction models [15-18,35] to predict the ELCF fracture of cyclically loaded 114 

bracing members, by generating numerical models, validated against experimental data from 115 

previous research. The influences of member geometry, material and manufacturing process 116 

on the deformation and failure are examined. Using plastic hinge models, a failure criterion is 117 

proposed, as a function of localized strain prior to fracture, and the seismic performance of a 118 

braced frame is assessed against the requirements of AISC 341-10 [36]. 119 

2. Existing Ductile Fracture Models under Extremely Low Cycle 120 

Fatigue 121 

Steel structures subjected to severe earthquakes undergo significant plastic strains which 122 

cause material hardening and softening during the reversing load cycles. This leads to 123 

extremely low cycle fatigue and results in the same fracture profile and the dimple-dominated 124 

surface as that which occurs during ductile fracture under monotonic loading [14]. ELCF 125 

fracture is accompanied by large deformations and usually occurs after only a few cycles. 126 

Due to the significant non-localized plasticity that develops before fracture and the absence 127 

of pre-defined “cracks”, the validity of the conventional fracture prediction methodologies 128 

(i.e. LEFM and EPFM) is questionable [13]. Moreover, the accumulative fatigue damage 129 
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approach (Manson-Coffin law [10,11]) that can accurately predict fracture life under low 130 

cycle fatigue (LCF) loading conditions, has been shown to over-predict fracture life under 131 

ELCF loading conditions [37-39]. 132 

As discussed earlier, the effects of the both hydrostatic pressure and the third deviatoric 133 

stress levels (expressed as a function of stress triaxiality (η) and Lode angle (θ)) are essential 134 

to accurately predict fracture for low, intermediate and high stress triaxiality levels. Smith et 135 

al. [35] proposed a stress-weight damage model (SWDM) to address these effects on fracture. 136 

Meanwhile, ductile fracture models that depend on stress triaxiality (η ) and Lode angle (θ) 137 

were proposed by a number of researchers [24,25,40] and extended to ELCF conditions. Bai 138 

[15] and Algarni et al. [16] extended the MMC model [25] which only accounted for 139 

monotonic loading, by adopting two weighting functions to account for the nonlinear damage 140 

accumulation and the reverse loading effects. Wen and Mahmoud [12,18] developed an 141 

analogous nonlinear damage evolution rule to take account of the coupling effects of 142 

nonlinearity of material properties caused by load reversal and load history. They also 143 

employed this nonlinear damage evolution rule to extend the ductile fracture model [40] to 144 

include reverse loading conditions. A phenomenological ductile fracture model incorporating 145 

a corresponding nonlinear damage accumulation rule will be adopted in the present study. 146 

2.1. Modified Mohr-Coulomb (MMC) ductile fracture model 147 

Bai and Wierzbicki [25] proposed that the three principle stresses in the Cartesian 148 

coordinate system could be transformed into a spherical coordinate system in terms of stress 149 

triaxiality (η), Huber-von Mises stress (σത), and Lode angle (θ), as given by Eqs. (1) to (3) 150 

respectively, to provide the spatial definition for the modified Mohr-Coulomb fracture model 151 

[25]. The relationship between the two coordinate systems is illustrated in Fig. 1. 152 


 m        (1) 153 
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where ߪത  is the Huber-von Mises stress, m  is the mean stress,   is the normalized third 156 

deviatoric stress invariant and J2 and J3 are the second and third deviatoric stress invariants 157 

respectively. 158 

To efficiently detect the initiation of ductile fracture, the Mohr-Coulomb criterion has 159 

been extended to ( f ,   ,  ) space utilizing a non-quadratic yield function proposed by 160 

Hosford [41] and a hardening rule dependent on hydrostatic pressure and Lode angle 161 

proposed by Bai and Wierzbicki [25], as given by Eq. (4)  162 
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(4) 163 

where f  is the equivalent fracture strain,   is the normalized Lode angle, calculated as (1-164 

6θ/π), η is the stress triaxiality, A and n are the material strain-hardening parameters which 165 

can be calibrated from the true stress-strain curve by fitting Hollomon’s [42] or Swift’s [43] 166 

power laws and c , 0 , axc  and sc  are fracture parameters to describe both the hydrostatic 167 

pressure and Lode angle dependences.  axc  is equal to unity for 0    and equal to cc  for 168 

0  ; c1 and c2 are the friction coefficient and the maximum shear strength respectively in 169 

the Mohr-Coulomb criterion. 170 

A total of eight parameters, A, n, c , 0 , sc , cc , c1 and c2, need to be calibrated. 171 

However, when the Huber-von Mises yielding function is employed, i.e. cη = 0, s
θc  = c

θc  = 1.0, 172 
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the fracture criterion in Eq. (4), determined by eight parameters, can be reduced to a four-173 

parameter (A, n, c1 and c2) function [25] as given in Eq. (5). 174 
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(5) 175 

According to previous research [14,44], a cut-off region exists in the negative stress 176 

triaxiality range, where the value of the fracture strain would go to infinity and therefore 177 

ductile fracture could not occur. It is very difficult to determine the cut-off region 178 

experimentally due to the significant negative stress triaxiality level. Uniform cut-off regions 179 

with different constant negative values have been employed in many ductile fracture models 180 

[14,18,40,44]. The concept of friction self-locking was adopted herein to define the cut-off 181 

region for the MMC model [25], as shown in Eq. (6). It was postulated by Bai and Wierzbicki 182 

[25] that the accumulated damage would remain constant beyond this cut-off region. 183 
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2.2 Nonlinear damage accumulation rule  185 

The MMC model was extended by Bai [15] to include reverse loading conditions by 186 

introducing a nonlinear damage evolution rule to account for the effects of nonlinear material 187 

damage accumulation and loading history, as expressed in Eqs. (7) and (8) respectively. 188 
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FIFI gc
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   1 2
FI FI, 1

hk

H h h hF D c D          (8) 190 

where cg is the parameter of the extension function for the nonlinear damage rule, ch, β1, β2 191 

and kh are the parameters of the extension function for load-change effects and μh relates to 192 

the backstress and current stress tensors to capture the reverse loading effects, as defined in 193 

Eq. (9). 194 
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where α and σ are the backstress and current stress tensor respectively; 
pl

 is the equivalent 196 

plastic strain. 197 

The MMC ductile fracture model coupled with a nonlinear damage accumulation rule 198 

have been shown to adequately predict ductile fracture under large plastic strain cycles at the 199 

material (coupon)-level for 1045 steel [15] and Inconel 718 [16]. The incremental form is 200 

shown in Eq. (10) with an assumption that ductile fracture will initiate at the point when the 201 

integral value of dDFI is equal to unity during the loading history. 202 

( , )
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FI D H
f

d
dD F F
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      (10) 203 

3. Summary of Existing Experimental Investigations  204 

3.1. Test Specimens, Set-up and Loading Protocols 205 

In total, thirteen brace specimens with CHSs and SHSs from three test programmes 206 

[2,3,5] were selected in this study to validate the FE models, which incorporated the MMC 207 

ductile fracture model with the damage evolution rule. The specimen label, loading protocol, 208 

cross-section shape, manufacturing process, geometry and material properties are described 209 

and summarized in Table 1. For the selected specimens, the cross-sectional slenderness,210 

s /D t   or B’/t, ranges from 9.3 to 21.6, the global slenderness, G /KL r   , ranges from 211 

41 to 131 and the yield strengths range from 326 to 499 MPa. The labels of the test 212 

specimens were kept consistent with each reference [2,3,5] as shown in Table 1. 213 

Fig. 2(a) shows the details of a typical test set-up and the arrangement of strain gauges 214 

and displacement transducers from the test programme [5]. Fixed-fixed end-conditions were 215 

provided by the test rigs in the three test programmes. However, due to different connection 216 
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arrangements between the tube ends and the end-plates, as shown in Figs. 2(b) and (c), the 217 

effective length factors (K) are assumed in accordance with the actual end conditions for each 218 

test programme, when considering the global slenderness ( /G KL r  ) in Table 1. The axial 219 

and lateral displacements were measured using linear variable displacement transducers 220 

(LVDTs) and string potentiometers, respectively. In addition, high strength friction grip 221 

(HSFG) bolts were used to maintain the global stiffness of the test rig as shown in Fig. 2(a). 222 

The test specimens were subjected to a quasi-static cyclic loading procedure using a 223 

displacement-controlled mechanism, which followed three different loading protocols as 224 

illustrated in Fig. 2(d). In the test programmes of Sheehan and Chan [5] and Nip et al. [3], the 225 

symmetric displacement loading protocol recommended by the European Convention for 226 

Constructional Steelwork (ECCS) [46] was adopted. This loading protocol consists of one 227 

cycle at each level of 0.25Δy, 0.5Δy, 0.75Δy and 1.0Δy and three cycles at each level of 2Δy, 228 

4Δy, 6Δy, 8Δy, etc., where Δy represents the estimated axial yield displacement. Two loading 229 

protocols for the pipe specimens in Fell’s test programme [2] were developed to account for 230 

the effects of different types of ground motion, i.e. far-field and tension dominated near-field 231 

motions. The second protocol was designed to generate a tension-sensitive failure mode, such 232 

as net-section fracture, which is outside the scope of the current investigation. Therefore, the 233 

test specimens under the far-field loading protocol were selected to validate the FE models. 234 

3.2. Hysteretic response and failure mode 235 

All test specimens underwent global buckling during the first few cycles of loading after 236 

surpassing the yield displacement. After successive inelastic loading cycles, the stiffness near 237 

the mid-length region deteriorated, leading to the occurrence of local buckling at mid-length. 238 

The numbers of cycles to global buckling and local buckling for each specimen in the three 239 

test programmes are summarized in Table 2. The load-displacement hysteresis curves [3,5] 240 

are presented in Figs 3 and 4. The shape of the hysteresis curve was significantly influenced 241 
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by the global slenderness, KL/r, which also lead to a different energy dissipation capability. 242 

Once local buckling occurred, the localized strains developed rapidly at particular 243 

locations in the member, resulting in fracture initiation. For the CHS members, the fracture 244 

initiated at the tube face on the concave side after it buckled at the mid-length during the 245 

tensile phase of a cycle as shown in Fig. 5. For the SHS members, Figs. 6(a) and (b) indicate 246 

that the fracture initiated at the two corners of the locally buckled region and propagated to 247 

the flat portion at the mid-length. In addition, fracture in the heat-affected zone adjacent to 248 

the stiffeners was observed in some cold-formed (CF) SHS specimens as shown in Fig. 6(c). 249 

Though the load-carrying capacity would experience a sudden drop after complete fracture, 250 

all test specimens survived for several cycles after local buckling. The numbers of cycles 251 

corresponding to the different stages of fracture are presented in Table 2. 252 

4. Numerical Modelling of Local Buckling Induced Fracture 253 

4.1. FE modelling methodology 254 

 ABAQUS/Standard [47] finite element software was used to carry out a quasi-static 255 

simulation of the bracing members under ELCF loading conditions [46], The hysteretic 256 

response, fracture initiation and fracture propagation were recorded in each simulation. 257 

Utilizing two lines of symmetry, only one-quarter of the bracing members were modelled, as 258 

shown in Fig. 7. The axial load was applied by utilising a displacement boundary condition at 259 

the reference point, RP-2. All degrees of freedom of RP-2 were coupled with those at the end 260 

of the brace. The same displacement histories as used in each test programme [2,3,5] were 261 

implemented in the validation models. The displacement history type “C” [3] as shown in Fig. 262 

2(d) was adopted in the parametric investigation, which followed the loading protocol 263 

recommended by ECCS [46] and began with tensile force at each cycle. 264 

The three-dimensional solid element, C3D8R [48], was adopted in the FE models. FE 265 

models using shell elements, S4R [48], were also constructed for comparison. Shell elements 266 
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can simulate the buckling and post-buckling performance of tubular structures with relatively 267 

low computational time and high accuracy in comparison with solid elements. The full 268 

hysteretic responses and the key points of the fracture process, i.e. cracking initiation and full 269 

fracture are compared with the experimental results in Fig. 8. A moderate difference was 270 

found in the tensile strengths. The solid elements were found to be more suitable for 271 

simulating the ELCF fracture process than the shell elements, as they could simulate the 272 

whole crack propagation process as defined in Fig. 9. Nevertheless, the choice of element did 273 

not influence the cycle in which the prediction of fracture occurred.  Therefore C3D8R-274 

element based models were adopted in this investigation. 275 

A refined mesh was used in the regions of the mid-length and the end of the models, 276 

where local buckling was anticipated to occur. The length of the refined regions is presented 277 

in Fig. 7. Mesh sensitivity and convergence studies were conducted for element sizes of 1 278 

mm, 1.5 mm and 3.0 mm for the refined region in both the longitudinal axis and the 279 

circumferential directions; an element size of 15 mm was used for the coarse mesh region. 280 

The number of elements through the thickness was set as the larger of three and t/1.5. It was 281 

found that the 3 mm coarse mesh significantly postponed the occurrence of cracking through 282 

the tube-wall, although there was only a minor effect on the fracture initiation, as presented in 283 

Fig. 10. Considering the computational time, an element size of 1.5 mm was adopted in the 284 

subsequent FE analyses. The total number of elements for a specimen with a diameter of 48 285 

mm and a length of 1500 mm was approximately 38,000. A typical mesh is presented in Fig. 286 

7. 287 

Geometric imperfections, including both initial global and local imperfections, were 288 

introduced in the FE models based on the superposition of weighted eigenmode analysis data. 289 

A sensitivity study was conducted to assess the influence of the initial imperfections on 290 

buckling and fracture. The amplitudes of global and local imperfections ranged from L/500 to 291 

L/5000 and t/50 to t/500, respectively. Global buckling occurred at an earlier stage for models 292 
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with larger imperfection amplitudes, while the occurrence of fracture initiation differed by 293 

one cycle among the investigated ranges. Following comparisons between the numbers of 294 

cycles to global buckling, local buckling and fracture, the optimum imperfection amplitudes 295 

for each test programme and parametric study are listed in Table 2. The same imperfection 296 

values as those measured for the CHS bracing members in [5] i.e. L/2000 for the global 297 

imperfection and t/100 and t/150 respectively for the local imperfection in the cold-formed 298 

and hot-rolled members, were used in the parametric studies. 299 

4.2. Plasticity and fracture models 300 

4.2.1 Plasticity modelling 301 

In order to reliably predict ELCF fracture, accurate simulations are needed of the stress-302 

strain evolution under cyclic loading. A constitutive model using the Huber-von Mises yield 303 

criterion and a combined isotropic/kinematic hardening rule in ABAQUS [48] was adopted, 304 

which was based on the work by Lemaitre and Chaboche [49]. This model took the 305 

Bauschinger effect under cyclic loading into consideration. The evolution law consisted of a 306 

nonlinear kinematic hardening component using the backstress, α, as described in Eq. (11) 307 

and an isotropic hardening component as a function of equivalent plastic strain as given in Eq. 308 

(12). 309 
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where 0 is the size of the yield surface defined in Eq. (12), 
pl
  is the equivalent plastic strain, 311 

Ck is the kth initial kinematic hardening modulus, γk is the kth rate of decrease of Ck, α is the 312 

overall backstress and αk is the kth backstress; 313 

 pl

0 0
1 bQ e   

        (12) 314 
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where 
0

 is the yield stress at zero plastic strain, Q is the maximum change in size of yield 315 

surface, b is the rate of change of yield surface size with increasing plastic strain. 316 

The hardening effect was considered over a region including the corner and an extension 317 

along the flat face of the tube equal in length to the tube thickness. The model parameters of 318 

the combined isotropic/kinematic hardening rule were calibrated according to the ABAQUS 319 

documentation [48] for each test programme, as listed in Table 3. 320 

4.2.2 Fracture modelling 321 

The framework of continuum damage mechanics [49] is adopted in this research to 322 

describe the material behaviour with due consideration of progressive damage degradation as 323 

adopted in ABAQUS [48]. A typical uniaxial stress-strain curve with progressive damage 324 

degradation is shown in Fig. 11 (solid curve a-b-c-d). The curve a-b-c-d’ represents the 325 

behaviour of the material without considering the damage. Point c marks the onset of damage 326 

(taken as fracture initiation). Beyond this point, the material response degrades under the 327 

principle of strain-equivalence. In FE simulations performed using ABAQUS, Point c is 328 

determined from a fracture initiation criterion and the material softening is described using a 329 

damage evolution rule. 330 

Ductile fracture of metals is dependent on stress triaxiality (η) and Lode angle (θ). The 331 

MMC model [25], proposed and validated at the material level (coupon) in [25] has been 332 

adopted in FE models at member-level by Xu et al. [50-52]. This fracture model, 333 

incorporating a linear damage accumulation rule, has been used to successfully predict 334 

ductile fracture initiation and propagation under monotonic loading. In the current study, the 335 

MMC model with a nonlinear damage evolution rule [15,53] was adopted for reverse or 336 

cyclic loading conditions. 337 

The MMC fracture model in ( f ,   ,  ) space used in conjunction with the Huber-von 338 

Mises yield criterion is summarized by Eq. (5) with a corresponding cut-off region described 339 
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by Eq. (6). Ideally, a comprehensive material test programme covering tension, compression 340 

and shear should be carried out on specially designed coupon specimens to ensure that the 341 

stress states of fracture initiation are covered for different stress triaxiality levels. From the 342 

results of conventional tensile coupon tests listed in Table 4, the parameters A and n 343 

representing the flow strength parameters of the material can be derived. The other 344 

parameters, c1 and c2, should be calibrated using notched round bars with different notched 345 

radii at high stress triaxiality levels and flat specimens (dog-bone, central hole and butterfly 346 

types, and circular punch disks) at intermediate and low stress triaxiality levels. The 347 

parameters can be determined by minimizing the average equivalent plastic strain error (the 348 

difference between test and simulation results) at the onset of fracture. With limited material 349 

test data available, a simplified MMC model calibration procedure, using the conventional 350 

tensile coupon test results only, was proposed and verified in previous member-level 351 

simulations [50-51]. In addition to the parameters A and n, the material parameter c2 352 

accounting for the shear strength, based on the physical implications of the Mohr-Coulomb 353 

model, can be estimated from conventional tensile test results [50]. The friction coefficient 354 

parameter c1 cannot easily be obtained from tensile coupon tests, but can be assumed to be a 355 

constant value for materials with similar crystallographic structures. A sensitivity study [50] 356 

to assess the effect of this assumption on the prediction of fracture initiation, found that a 357 

value of c1=0.12 is suitable for structural steel with nominal yield strengths ranging from 235 358 

MPa to 345 MPa. The above simplified methodology for the calibration of the model 359 

parameters is described in more detail by Xu et al. [50]. The calibrated parameters of the 360 

MMC model for each test programme are listed in Table 4. 361 

Under monotonic loading conditions, the linear damage accumulation rule was found to 362 

adequately predict material fracture initiation [24,40,54]. However, for the periodic loading 363 

cases, the load history effect and the nonlinear damage evolution should be taken into 364 

consideration [14-18]. The individual and combined effects on fracture prediction under 365 
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reverse loading were investigated [18] for steel and aluminium. It was reported that 366 

combining the effects of both the loading history and the nonlinear damage evolution 367 

provided the most satisfactory correlation. In addition to this, it was found that the sensitivity 368 

to the nonlinear intrinsic properties and the load history effect varied with the metal type, 369 

among which steel exhibited a strong load history dependence. Therefore, two weighting 370 

functions [15] with respect to nonlinear accumulation (in Eq. (7)) and the load history effect 371 

(in Eq. (8)) were adopted in this study. The damage evolution rule employed is presented in 372 

Eq. (10) in an incremental form, where dDFI is the damage increment, 
pl
  is the equivalent 373 

plastic strain, as shown in Eq. (13), and 
pl

d is the equivalent plastic strain rate. 374 

0

2
:

3

tpl pl pld d dt         (13) 375 

The range of the damage indicator, DFI, is assumed to be [0,1.0], if the material of the 376 

structural members is assumed to be without initial cracks or accumulated plastic strains, and 377 

the effect of the hardening history from the manufacturing process on the damage 378 

accumulation is not considered. DFI = 0 represents the material behaviour before the plastic 379 

stage, while DFI = 1.0 indicates the fracture initiation. The parameters, cg for nonlinear 380 

accumulation and ch, β1, β2 and kh, for the load reversal effect should be calibrated by material 381 

test results under reversed or cyclic loading and replicated in the numerical simulations on the 382 

basis of the minimum error criteria of the fracture equivalent plastic strain as used in the 383 

MMC model calibration. Due to lack of essential data for each test programme, a sensitivity 384 

study was conducted herein based on the available experimental data for steel 1045 from [15]. 385 

It was found that kh, representing load history effects, had the most significant effect on 386 

fracture initiation in comparison with the other five parameters. The greatest difference in the 387 

cycle of occurrence of fracture was more than six cycles when kh ranged from -0.6 to 1.0, as 388 

shown in Fig 12. Therefore, a calibration process based on the bracing member tests was used 389 

to obtain an optimal group of these parameters. The group of parameters sought would 390 
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minimize the average errors for the number of cycles to fracture between the experimental 391 

and numerical results. The resulting group of consistent values of cg, ch, β1, β2 and kh is listed 392 

in Table 4. For the test specimen HF-H-1500, the evolution of the accumulation damage 393 

indicator, DFI, with the stress triaxiality and normalized Lode angle during periodic loading 394 

are shown in Figs. 13(a) and (b), respectively. An interesting phenomenon was also observed 395 

that the normalized Lode angle was more sensitive than the stress triaxiality in manifesting 396 

the stage alterations, such as local buckling and fracture initiation. 397 

A post-initiation softening rule was also employed by using a linear relationship 398 

between the material degradation and the equivalent plastic strain. To avoid significant 399 

dependence on the mesh, the effective plastic displacement was used instead of the equivalent 400 

plastic strain [48], as shown in Eqs. (14a), (14b) and (15). The introduction of the post-401 

initiation softening rule can help to simulate the fracture propagation and correct crack modes 402 

[16,55,56] and achieve better convergence without a sudden degradation of stress for an 403 

element when using the implicit calculation technique. As illustrated, the softening rule is 404 

defined in terms of effective plastic displacement by using the characteristic length to 405 

alleviate the mesh dependence [48] as shown in Eq. (15).  406 

E෩	=	E	(1‐Dpost)      (14a) 407 

σ෤ = σ/ (1‐Dpost)      (14b) 408 

where E෩	 is the elastic modulus of the damaged material, E is the elastic modulus of the 409 

material free of damage, σ෤ is the effective stress tensor, σ is the usual stress tensor, and Dpost 410 

is the damage variable. 411 

post

pl

C
pl
f

L d
dD

u


       (15) 412 

where LC is the characteristic length of the element for a specified FE model. 413 

The MMC model with the nonlinear damage accumulation rule was incorporated into 414 

the FE models using a user subroutine, USDFLD. The option of element deletion control is 415 
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not offered in ABAQUS/Standard when using USDFLD. Therefore, an element was set to 416 

fail at a maximum post-initiation degradation with a residual stiffness of 2% to avoid severe 417 

non-symmetry of the Jacobian matrix and convergence problems. The flow chart for the 418 

USDFLD of the ELCF fracture model is presented in Fig. 14. 419 

4.3. Validation 420 

Test specimens from three different test programmes [2,3,5] for both CHS and SHS 421 

bracing members were replicated by the FE models.  The experimental and numerical results 422 

were compared with respect to the number of cycles to buckling, hysteretic response, and 423 

fracture process, including initiation and propagation. The models simulated local buckling 424 

induced ductile fracture under ELCF loading to a satisfactory degree of accuracy. 425 

The force-displacement curves from the experimental and numerical results, as shown in 426 

Figs. 3 and 4, were in a good agreement. The primary points of the fracture processes, i.e., 427 

initiation, corner opening and full fracture, are also shown and compared between the test (if 428 

they were available) and simulation results in Figs. 3 and 4. In addition, the numbers of 429 

cycles to global buckling, local buckling and fracture are compared in Table 2. The 430 

definitions of the different stages for ELCF fracture are presented in Fig. 9. Generally, the 431 

results were reasonably accurate, though in certain simulations, the FE models failed to 432 

undergo the complete loading history due to convergence problems after the initiation of 433 

fracture. This is because material models exhibiting softening behaviour and stiffness 434 

degradation often lead to severe convergence difficulties in implicit analysis programmes 435 

[48], though some pre-cautions to avoid convergence problems were taken in the FE models. 436 

The comparisons of the ELCF fracture failure mode and its evolution for the CHS and 437 

SHS bracing members are given in Figs. 5 and 6 respectively. The regions marked in red 438 

were at the maximum degradation value of Dpost, which indicated crack propagation. 439 

Different failure modes and fracture locations observed in the tests, i.e., fracture due to local 440 
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buckling at the mid-length (Figs. 5 and 6(a, b)) and fracture near stiffeners (in Fig. 6(c)), were 441 

accurately predicted by the numerical simulations. Despite this, it should be noted that once a 442 

visual crack formed, the existence of the sharp crack tip required a more refined mesh near 443 

the cracking region to capture the crack propagation precisely. Furthermore, in order to 444 

accurately simulate the fracture process on a micro-scale, a fracture model would need to be 445 

developed that could capture the various fracture mechanisms depending on the stress 446 

intensity, stress triaxiality and Lode angle. 447 

5. Parametric Analyses and Proposed Prediction Formulations 448 

The slenderness parameters (normalized global and local slenderness) in the parametric 449 

study were chosen based on the validated FE models.  Tables 4 and 5 present the material 450 

properties and specimen matrix in the parametric study respectively. The effect of the 451 

manufacturing process was considered using the calibrated material parameters from hot-452 

rolled and cold-formed tubes [57]. The loading protocol “Type C” illustrated in Fig. 2(d) was 453 

adopted. 454 

5.1. Deformation capacity and localized strain prior to fracture 455 

In the experimental investigations [1-7], the localized strain accumulated dramatically 456 

through successive cycles after the occurrence of local buckling. Figs. 15 and 16 present the 457 

typical deformed-shape of the brace at the maximum compressive displacement prior to local 458 

buckling and fracture, with the yielded regions clearly indicated, as observed in the 459 

parametric study. A plastic hinge approach considering the evolution of global and local 460 

strains [58] was adopted and improved to develop a prediction model of localized strain prior 461 

to ELCF fracture. 462 

5.1.1 Global hinge angle, global plastic hinge length and global buckling induced strain, 463 

θ1, LH_G and G  464 
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Fig. 15(a) shows that the plastic hinges formed at the middle and two ends of the brace 465 

during global buckling. The length between the two end-hinges, denoted LH, was employed 466 

instead of member length, L, in the plastic hinge model. Therefore, based on the simplified 467 

model, the average strain due to global buckling at the maximum compressive displacement 468 

prior to local buckling can be expressed as follows: 469 

1

H_G
G

D

L

         (16) 470 

where D is the outer diameter of the CHS brace, LH_G is the global hinge length developed at 471 

the mid-length of the brace as shown in Fig. 15(b) and θ1 is the global hinge angle. The 472 

global hinge length can be determined [2] from Eq. (17)  473 

 Y_G

0
H_G

max

dx
L

x
L




        (17) 474 

where LY_G is the length of the yielded region at the mid-length,  x is the curvature within 475 

this region and max  is the maximum curvature value. 476 

From the geometrical relationship of the deformed brace, θ1 can be calculated as follows: 477 

 1 1 Harc sin 2 / L       (18) 478 

where Δ1 is the out-of-plane deformation amplitude shown in Fig. 15(a). 479 

It should be noted that LH is different from the effective length, KL, defined earlier. The 480 

location of the end-hinges can be approximately defined as the points of the maximum 481 

curvature within the yielded region at the two ends. From the parametric study, LH is 482 

approximately equal to 0.968(L-2LP), where LP is the stiffener length at both ends of the 483 

bracing member. 484 

The parameters θ1 and LH_G indicate the deformation capacity of a bracing member prior 485 

to local buckling. They depend on the inherent material properties and geometry of braces. A 486 

parametric study was conducted to derive the values of θ1 and LH_G. They were evaluated 487 
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based on Eqs. (17) and (18) from the numerical results. Two normalized global and cross-488 

sectional slendernesses, G  and S , were introduced to account for the material and 489 

geometry effects and to accommodate the design approach of AISC 341-10 [36], as shown in 490 

Eqs. (19) and (20) respectively. 491 

limit
 rKL

G         (19) 492 

S

hd

D t


        (20) 493 

where K is the effective length factor, taken equal to 0.5 for the fixed-ended conditions 494 

employed in the parametric study, L is the brace length, r is the radius of gyration of the brace, 495 

λlimit is the brace slenderness limit in an ordinary concentrically V or inverted-V braced frame 496 

in AISC 341-10 [36], 
lim it y= 4 /E f , t is the tube-wall thickness, λhd is the limit of the 497 

width-to-thickness ratio for highly-ductile members in AISC 341-10, λhd = 0.038 E/fy and E 498 

and fy are elastic modulus and yield strength of the material. 499 

The relationship between global hinge angle θ1 and global plastic hinge length LH_G 500 

with the two normalized parameters G  and S  are presented in Figs. 17 and 18, 501 

respectively. As indicated in Figs 17(a) and (b), the hot-rolled (HR) braces experienced 502 

slightly higher deformations before local buckling than their cold-formed (CF) counterparts, 503 

especially when the members did not exceed the limits of highly-ductile members, D/t = 504 

0.038E/fy in AISC 341-10 [36]. However, as shown in Figs. 18(a) and (b), little discrepancy 505 

was found regarding the plastic hinge length LH_G. When the values of KL/r and D/t are set at 506 

50 and 18 respectively, below the limits in AISC 341-10, the influence of the two normalized 507 

parameters on the tube deformation θ1 and plastic strain accumulation level LH_G, along with 508 

their defining equations, are presented in Figs. 17 and 18, respectively. The bracing members 509 
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with stocky cross-sections and large slendernesses would have a larger value of θ1 but a 510 

smaller value of (LH_G/LH) compared to the others. This indicates that these braces will 511 

experience more cycles before the occurrence of local buckling, as observed in the 512 

experimental investigations [3,5]. 513 

Expressions for the global hinge angle and plastic hinge length, θ1 and LH_G are 514 

proposed in Eqs. (21) and (22) respectively. The comparisons between the numerical and 515 

calculated values for θ1 and LH_G are shown in Figs 17(c) and 18(c) respectively. By 516 

substituting Eqs. (21) and (22) into Eq. (16), the average strain developed in the mid-length 517 

region before local buckling can be quantified. 518 

θ1 θ1

S G1 θ1

B C
A         (21) 519 

 
 

H_G H_G

H_G H_G

S GH_G H_G H

S GH_G P0.968 ( )

B C

B C

L A L

A L L

 

 



 
    (22) 520 

where Aθ1, Bθ1 and Cθ1 are parameters for θ1 listed in Table 6 and AH_G and BH_G are 521 

parameters for LH_G listed in Table 6. 522 

5.1.2 Local hinge angle, local plastic hinge length and local buckling induced strain, θ2, 523 

LH_L and L  524 

After the occurrence of local buckling, localized strains accumulate at the peak of the 525 

buckling wave. The local plastic hinge length LH_L was determined in the same way as the 526 

global plastic hinge length LH_G, as shown in Fig. 15(b), with reference to the FE results. The 527 

deformed shape of the local buckling was assumed to be a sinusoidal function [59], given as528 

sin
m x

A
L

   
 

, where A and m are functional constants and L is the brace length. It was 529 

found that local buckling developed symmetrically at the mid-length of all braces. Therefore, 530 
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the simplified representation of the brace at the maximum compressive displacement prior to 531 

fracture shown in Fig. 16 was adopted.  532 

It was assumed that a local plastic hinge (i.e., through the thickness of tube wall) 533 

occurred at each end and one at the mid-length on the compressive tube-wall, as marked in 534 

Fig. 16(a). The analytical model for the local bucking at mid-length is shown in Fig. 16(b). 535 

This model assumed that only localized strain caused by local buckling was accumulated in 536 

the tube-wall after local buckling. The length of the local buckling region Lhalf_w was 537 

determined based on the actual buckling-half-wave derived from the numerical results. 538 

In a similar manner to the derivation of the average strain for global buckling G  at the 539 

member mid-length, the average localized strain for local buckling L  can be approximated 540 

by Eq. (23) when taking the locally deformed tube-wall as a tube with a diameter of t. 541 

 2
L

H_L

t

L

        (23) 542 

where t is the tube-wall thickness, θ2 is the local hinge angle as shown in Fig. 16(b) and LH_L 543 

is the local plastic hinge length. 544 

According to the definition of LH_G and θ1, the local hinge length LH_L and local hinge 545 

angle θ2 can be derived from Eqs. (24) and (25), based on the analytical model in Fig. 16(b). 546 

 Hafl_W

0
H_L

max

dx
L

x
L




        (24) 547 

  1
2 2 Half_Wsin 2Δ / L       (25) 548 

where LHalf_W is the local buckling half-wave length,  x and max are the curvature 549 

function of a half-wave and its maximum value respectively. Δ2 is the deformation amplitude 550 

as shown in Fig. 16(b).  551 

The parameters of θ2 and LH_L manifest the local deformation capacity and plastic strain 552 
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level of a brace member prior to fracture. From the parametric study, the local hinge angle θ2 553 

can be expressed as in Eq. (26). 554 

   2

S G2 θ2 θ2 θ21A B C          (26) 555 

where Aθ2, Bθ2 and Cθ2 are parameters for θ2 listed in Table 6. 556 

As shown in Fig. 19(a), the hot-rolled (HR) braces exhibited clearly superior local 557 

deformation capacity with higher values of θ2 at the onset of fracture than the CF braces. The 558 

value of θ2 varied for a stocky cross-section member (D/t < λhd) while the value dropped when 559 

D/t exceeded λhd, especially for the CF members. As shown in Fig. 19(b), the variation with 560 

the normalized member slenderness was approximately linear, and it indicated that a slender 561 

bracing member would experience less severe local buckling deformation than a stocky 562 

member before fracture. Fig. 19(c) shows good correlation between the θ2 values obtained 563 

from the FE models using Eq. (25) and the values calculated from the proposed Eq. (26). 564 

The local plastic hinge length was found to have a linear relationship with the 565 

theoretical wave-length of symmetrical local buckling for a cylindrical shell under uniform 566 

axial compression [59]. It was assumed that buckling occurred at a stress within the 567 

proportional limit. The half-wave length from Timoshenko’s elastic stability theory is 568 

calculated as Eq. (27). 569 

 
2 2

Elastic
4Half_W 248 1

D t
L 





      (27) 570 

where ν is Poisson's ratio, taken equal to 0.3. 571 

Though Timoshenko also proposed an equation for local buckling deflection, w(x) [59], 572 

it was based on elastic buckling and a uniform compression loading which was quite different 573 

from the local buckling of the bracing members. The brace buckled beyond the proportional 574 

limit and this buckling was combined with flexural buckling. Therefore, the theoretically 575 

proposed elastic deflection function could not be used to calculate the curvature. In this study, 576 
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the local hinge length LH_L was calculated from the simulation results using Eq. (24). The 577 

relationship between Elastic

Half_WL and LH_L, expressed in Eq. (28), is shown in Fig. 20. A longer 578 

local hinge length could be developed prior to fracture for the HR bracing members.  579 

Elastic
_ _ Half_W _

_ _1.22

H L H L H L

H L H L

L A L B

A Dt B

 

 
     (28) 580 

where AH_L and BH_L are parameters for LH_L listed in Table 6. 581 

 Substituting Eqs. (26) and (28) into Eq. (23), the average localized strain that 582 

developed at the member mid-length at the maximum compressive displacement prior to 583 

fracture can be quantified. 584 

5.1.3 Localized strain induced by coupling effects of global and local buckling 585 

The localized strain at the maximum compressive displacement prior to fracture εF, 586 

consists of global and local buckling induced strains, namely εG and εL, and an expression for 587 

this is proposed in Eq. (29). 588 

H_L

2

H_G

1
F L

t

L

D         (29) 589 

For a given a brace member with a specified material property and manufacturing process, 590 

the critical localized strain due to cyclic loading prior to fracture given by Eq. (29) can be 591 

calculated by substituting Eqs (21), (22), (26) and (28). It is reported in the previous studies 592 

[9,60] that the 45°-region of the compressive section would accumulate a high-level of plastic 593 

strain. Therefore, the average values of equivalent Mises strain, F_FEA

2
:

3 ij ij   , obtained 594 

from the numerical results in the 45°-region of the compressive side at the mid-length were 595 

compared with the prediction values calculated using Eq. (29) in Fig. 21. The mean values of 596 

the calculation-to-FE results were 1.00 and 1.03 for the HR and CF braces respectively, 597 
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demonstrating that the developed localized strain prediction model had a satisfactory degree 598 

of accuracy. Furthermore, the proposed equation for the localized strain prior to fracture can 599 

be used in fiber-based FE models of the bracing members in a structural analysis to capture 600 

buckling induced fracture failure.  601 

5.2. Fracture life 602 

5.2.1 Global hinge rotation at maximum compressive displacement before fracture θ3 603 

Empirical models have previously been proposed to predict the fracture life of hollow 604 

structural section bracing members and these have generally been expressed in terms of 605 

indices of displacement ductility (μΔ) [2] and rotation ductility [61]. It is more desirable to 606 

have prediction models that are associated with the material and geometry properties instead 607 

of depending on the loading history, since these can easily be used by design engineers 608 

without knowing the displacement history in advance. Tremblay et al. [61] identified the 609 

discrepancy of prediction accuracy between the two bracing systems, i.e. single bracing and 610 

X-bracing members, when applying an equation in terms of displacement index (μΔ). 611 

Therefore, the rotation in the global plastic hinge prior to fracture was used to predict the 612 

fracture life of SHS bracing members [61]. In addition, some established prediction models 613 

derived from experimental and numerical fracture life data of cold-formed and hot-rolled 614 

members did not consider the effect of the manufacturing process on the fracture life. 615 

However, the differences in the ductility capacity between cold-formed and hot-rolled braces 616 

with the same geometry were observed in the previous tests [3,7]. The rotation index was 617 

therefore adopted to assess the fracture life of CHS bracing members with different 618 

manufacturing processes. 619 

The plastic hinge model and the relationship between axial shortening displacement ΔC 620 

and rotation θ3 at the maximum compressive displacement prior to fracture, are presented in 621 

Fig. 22(a). It is assumed that the axial shortening (ΔC) is only contributed to by the brace 622 
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rotation at the mid-length hinge of an uncompressible brace. The relationship between ΔC and 623 

θ3 is expressed in Eq. (30), and when the approximation of  3 3sin    is adopted, Eq. (30) 624 

can be mathematically simplified to Eq. (31) which coincides with the equation used by 625 

Tremblay et al. [61] for single bracing members. 626 

 C H 3Δ 1 cosL         (30) 627 

2H
C 3Δ

2

L        (31) 628 

where θ3 is the maximum global hinge angle before fracture, defined in Fig. 16(a) and ΔC is 629 

the maximum compressive displacement before fracture, which includes both permanent 630 

plastic tensile displacement and compressive displacement, illustrated in Fig. 22 (a). 631 

A parametric study was conducted to estimate the influence of the normalized 632 

parameters G  and S  on the fracture life index θ3. The values of θ3 were calculated by Eq. 633 

(32) without assuming the approximation of  3 3sin   , since θ3 was no longer a small 634 

value (≥ 10°). 635 

  1
3 3 Hsin 2 / L        (32) 636 

The variation of θ3 with G  and S  is illustrated in Figs. 23(a) and (b) respectively. A 637 

similar relationship with the two buckling parameters was found for θ1 (Fig. 17) and θ3 (Fig. 638 

23). 639 

θ3 θ3

S G3 θ3

B C
A         (33) 640 

where Aθ3, Bθ3 and Cθ3 are parameters for θ3 listed in Table 6. 641 

As anticipated, the rotation at the maximum compressive displacement prior to fracture 642 

θ3 decreases with S  and increases with G , exhibiting the same variation tendency as the 643 

maximum rotation θ1 before local buckling. However, the discrepancy in deformation 644 

capacity between cold-formed and hot-rolled bracing members is more significant, especially 645 



 Text - 28/41 
 

when the ratio of diameter to thickness is below the limit of highly-ductile members in AISC 646 

341-10 [36], as shown in Fig. 23(a). Fig. 23(c) demonstrates that the proposed equation, Eq. 647 

(33) can reliably predict the global rotation prior to fracture θ3.  648 

5.2.2 Relationship between θ3 and displacement ductility μc. 649 

 Based the analytical plastic hinge model shown in Fig. 22 (a), ΔC can be taken to be 650 

equal to ΔY (μc+ μt-1), where μc and μt are the anticipated compressive and tensile ductilities, 651 

respectively. For a specified bracing member under a symmetric cyclic loading history (μc = 652 

μt), the elastic displacement is equal to Lfy/E. Therefore, ΔC can be expressed as follows, 653 

   C c y2 1 /L f E        (34) 654 

Combining Eq. (30) with Eq. (34), μc can be expressed in terms of θ3 in Eq. (35), where LH is 655 

approximately equal to 0.968L, based on the previous parametric study. It should be noted 656 

that the relationship between LH and brace length L may vary for different end boundary 657 

conditions. 658 
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    (35) 659 

where μc is the displacement ductility, θ3 is the maximum global rotation, calculated by Eq. 660 

(33) and E and fy are the elastic modulus and yield strength of the material respectively. 661 

Therefore, the prediction model for θ3 can be used to demonstrate the maximum ductility 662 

μmax that can be achieved for a given bracing member. The maximum allowable ductility 663 

level for bracing members at the global slenderness limit and sectional slenderness limits 664 

specified in AISC 341-10 can be derived from Figs. 24 (a) and (b) respectively. Hot-rolled 665 

CHS bracing members exhibit superior ductility to cold-formed braces, which can be 666 

achieved when the limit of D/t = 0.038E/fy for highly-ductile members proposed in AISC 667 

341-10 [36] is not exceeded. Significant discrepancies are only observed between HR and CF 668 
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members when the normalized parameter S  (= (D/t)/λhd) is equal to or below the value of 669 

1.0, as indicated in Figs. 24(a) and (b). 670 

6. Discussions 671 

Fig. 22(b) shows the relationship between story drift angle θs and the brace deformation, 672 

Δ, in a one-story chevron braced frame [2]. Based on this, the relationship between the axial 673 

deformation range of the brace Δrange and the maximum story drift angle θs_max (expressed in 674 

radians) was proposed by Fell [2] in Eq. (36) 675 

   
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s s s

/
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    (36) 676 

where αs is the ratio of maximum to minimum drift angle demands within one story, which is 677 

equal to 0.4 as proposed by Fell [2], C is the ratio of the rigid-link length (on both ends of the 678 

brace) to LB, equal to zero for simplification, LB is the brace length, βs is brace angle and Δrange 679 

is the axial deformation range equal to ΔC + ΔY. 680 

Based on the definition shown in Fig 22(a), the brace axial deformation range Δrange = ΔC 681 

+ ΔY can be used in conjunction with Eq. (34) with the assumption that only the length 682 

between the two end-hinges LH is considered, i.e., setting LB equal to LH. Therefore, the 683 

maximum drift demand s_max  for a one-story chevron braced frame (brace angle of 45°) can 684 

be expressed in terms of maximum rotation before fracture θ3 in Eq. (37). 685 

y
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     (37) 686 

The dependence of s_max  on the normalized cross-sectional slenderness S  (in Fig. 687 

25(a)) and normalized global member slenderness G  (in Fig. 25(b)) is illustrated in Fig. 25. 688 

Values of S  and G  less than unity imply a highly-ductile configuration within the 689 

slenderness limit in AISC 341-10 [36]. The maximum story drift angle (θs_max) has the same 690 
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variation tendency with the two buckling parameters as the displacement ductility (μc). There 691 

is an interesting observation in Fig. 25(a), for a bracing member at the highly-ductile section 692 

limit (i.e., S 1.0  ) and global slenderness of 0.7λlimit, the calculated maximum story drift 693 

angle θs_max is slightly less than 0.04 rad, which is the requirement for highly-ductile 694 

members in AISC 341-10 [36] and also is defined as the “maximum considered earthquake” 695 

demand [2,62]. As anticipated, the story drift angle capacity of the cold-formed bracing 696 

member is much lower when compared with the hot-rolled one. As shown in Fig. 25(a), only 697 

when the value of D/t is less than 0.835λhd will the capacity be attained. However, this 698 

superior cross-sectional performance of hot-rolled members in comparison with the cold-699 

formed counterparts can only be guaranteed for those sections with the sectional slenderness 700 

not exceeding λhd. In the 2016 seismic design provisions (AISC 341-16 [62]), the limit value 701 

of sectional slenderness for the highly-ductile member, λhd, became 0.053(E/Ryfy) instead of 702 

0.038(E/fy) in the 2010 version [36]. 703 

In Fig. 25(b) it is also found that the bracing members with a small global slenderness 704 

(less than limit y0.726 2.9 /E f  ) cannot meet the 0.04 rad story drift angle, even though 705 

they possess a stocky cross-section that satisfies the slenderness limit of λhd. This can be 706 

attributed to the severe local buckling that may cause premature fracture for these less slender 707 

bracing members. 708 

In the AISC seismic provisions [36,62], the member and sectional slenderness are 709 

determined separately. However, from the experimental observations [1-7], the combined 710 

effect of global and local bucking should be considered in the assessment of the fracture life 711 

of a bracing member. In this investigation, the analytically proposed equations, i.e., Eqs. (33), 712 

(35) and (37) explicitly demonstrate that the fracture life and ductility of bracing members 713 

and the deformation capacity of the braced frame are generally governed by slenderness 714 

parameters, including member and sectional slendernesses, and material properties for a 715 
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specified loading history. Therefore, the interaction of global and local buckling and the 716 

effect of this on the deformation capacity is considered, in terms of slenderness parameters, in 717 

the proposed equations. 718 

It should be noted that the plastic hinge model is developed on the condition of inelastic 719 

buckling. Therefore, the proposed model may not be suitable for members with a very slender 720 

configuration and the tendency to fail by elastic buckling. The Euler elastic critical 721 

slenderness limit, as given in  2
/EI KL  is also highlighted in Figs. 24 and 25. 722 

7. Conclusions 723 

The local buckling induced fracture of concentrically loaded bracing members under 724 

ELCF was investigated. A ductile fracture model was introduced into FE models with a 725 

corresponding damage evolution rule to consider the nonlinear damage accumulation and the 726 

load reversal effect during cyclic loading. The established FE models were validated against 727 

the test results on CHS and SHS bracing members from three different test programmes. 728 

ELCF fracture accompanied by large plastic deformation was assessed. The combined effects 729 

of buckling and ductile fracture on the deformation capacity and the fracture life were 730 

quantified in terms of the normalized cross-sectional slenderness and global slenderness, 731 

using plastic-hinge based analytical models at different stages. The following conclusions can 732 

be drawn from this study: 733 

1. FE models were developed incorporating the modified Mohr-Coulomb (MMC) 734 

fracture criterion and damage evolution rule at the material level, and these could 735 

accurately predict the buckling induced fracture under ELCF for bracing members 736 

with different cross-sections and manufacturing processes. 737 

2. The geometric parameters, i.e. cross-sectional and global slenderness, had different 738 

effects on the global and localized deformation capacity. Bracing members with 739 
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stocky cross-sections and high member slenderness tended to possess superior global 740 

deformation capacity to members composed of slender cross-sections. 741 

3. The hot-rolled tubes exhibited obvious benefits in deformation capacity compared 742 

with their cold-formed counterparts after local buckling. A prediction model for the 743 

localized strain at the maximum compressive displacement before fracture, which 744 

offered satisfactory degree of accuracy, was proposed. 745 

4. The brace ductility prior to fracture was quantified using a rotation index. A 746 

prediction model for the rotation capacity was proposed and could provide accurate 747 

predictions of the maximum global rotation values. This prediction model was 748 

applied to a structure-level study combined with a simplified analytical model of a 749 

one-story braced frame. Based on the parametric study, it is suggested to consider the 750 

coupling effects of local and global buckling when developing the cross-sectional 751 

slenderness limits for a bracing member designed for a specified deformation 752 

capacity. 753 

5. Some bracing members with low global and sectional (less than λhd) slenderness 754 

values suffered from severe local buckling and could not meet the 0.04 rad story drift 755 

angle demand of the highly-ductile members in AISC 341-10.  756 

6. Hot-rolled members under extreme seismic actions should satisfy the cross-sectional 757 

limit for highly-ductile members in the AISC seismic design provisions, in order to 758 

reap the benefits from the hot-rolling manufacturing process. 759 
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Abbreviations 767 

CF:  cold-formed 768 

CHS:  circular hollow section 769 

CVGM: cyclic void growth model 770 

ECCS:  European Convention for Constructional Steelwork 771 

ELCF:  extremely low cycle fatigue 772 

EPFM:  elastic-plastic fracture mechanics 773 

FE:  finite element 774 

GTN:  Gurson-Tvergaard-Needleman 775 

HF:  hot-finished 776 

HR:  hot-rolled 777 

HSFG:  high strength friction grip 778 

LCF:  low cycle fatigue 779 

LEFM:  linear-elastic fracture mechanics 780 

MMC:  modified Mohr-Coulomb 781 

RHS:  rectangular hollow section 782 

SEM:  scanning electron microscope 783 

SHS:  square hollow section 784 

SWDM: stress-weight damage model  785 
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