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Friction in orthopaedic zirconia taper assemblies
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Abstract: The torque resistance of zirconia ceramic heads/titanium taper trunnion junctions was
tested in accordance with ISO 7206-9:1994(E); using twelve modified heads of 32 mm diameter under
representative physiological conditions. Test parameters studied included assembly force, vertical load
during test (test load) and head length. Mean torque resistances measured were 8.9 N m for a 1 kN
test load and 15 N m at 4 kN test load. Coefficients of friction calculated for the torsional stability
ranged from 0.06 to greater than 1.0.

Multiple regression analysis confirmed that the failure torques measured were significantly
dependent on test load (5 =0.77; P <0.001) whereas assembly force and head length played a lesser,
insignificant, part in the variation. Data from push-on/pull-off tests were used to calculate coefficients
of friction under axial loading, which were significantly correlated with taper angle and material.
Torque testing shows greater variability than push-on/pull-off tests for similar combinations, and for
zirconia heads on other tapers. The coefficients of friction measured (0.16-0.31) are significantly

different from values typically used in stress analyses.

assembly, fretting corrosion, wear and even component
fracture. Although some systems utilize threaded fasten-
ings to reduce the risk of movement and fretting, many
have relied on conical taper assemblies with their
‘self-tightening’ characteristics.

Friction between taper assemblies in orthopaedic com-
ponents, especially ceramic femoral heads and their sup-
porting metal taper stems, is vital to the successful
mechanical function of the system and even the survival
of the arthroplasty itself. Taper fits of the femoral head
rely on friction for their resistance to axial disconnection
of the head from the taper, or to prevent rotational
movement of the head on the taper leading to fretting
wear and metal debris generation. Although axial fric-
tion prevents disassembly of the system, torsional insta-
bility has potentially greater effects on the life of the

However, torsional stability of orthopaedic tapers has
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NOTATION
A real contact area of the taper junction
CPTi commercially pure titanium
p ‘average contact pressure’ within the taper
P, push-on force
P, pull-off force
r ‘average radius of contact’ for the taper
S surface shear stress within the taper due to

push-on

s.d. standard deviation
T twist-off torque
a taper half-angle
p partial correlation coefficient
U coefficient of friction
T shear stress within the taper due to torque-off arthroplasty.
1 INTRODUCTION

Increased modularity of hip and knee joint arthroplasties
has been accompanied by complications such as dis-
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attracted little real research. Fessler and Fricker [1]
reviewed torsional and axial measures of taper friction,
but actually reported only one experimental test of tor-
sional friction (specimen 4tVgV). Schifer and colleagues
[2] measured the torques that developed between
ceramic—ceramic hip bearings and ceramic heads/metal
tapers under a range of lubrication and load conditions,
but did not derive the coefficients of friction operating.

Apart from affecting the question of mechanical
survival of the arthroplasty system, the coefficient of
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friction is also used as an important parameter in finite
element analysis of the stresses and strengths of ceramic
head/metal stem assemblies [3—5]. It seemed reasonable
to identify the true range and reliability of this param-
eter, while investigating the validity and practicality of
the ISO standard test (ISO 7206-9 [6]).

2 THEORETICAL BACKGROUND

The relationships between torques and forces present
during push-on, pull-off and torque-off of ceramic heads
have been derived elsewhere [1]. Fessler and Fricker [1]
use Bowden and Tabor’s ‘true area of contact’ math-
ematical treatment of the friction between bodies [7] to
derive expressions for all the forces in the ceramic/metal
taper fit. Working with elastic/plastic solids, they start
from an equilibrium approach to hoop stresses in slices
of the head and spigot, integrated over the full length of
the design contact to describe strains and stresses in the
components and at the interface [8]. It is assumed that
the components approach one another until frictional
resistance prevents further assembly; and the coefficient
of friction is assumed to be independent of the shape
and size of components, the magnitude of the actual
contact area, and the magnitude and types of loads
involved in assembly. (These relations will be considered
further in Section 5.)

For push-on force P;, pull-off P, and twist-off torque
T, the expressions then take the form

P, =uApcosa+ Apsin a (1)

P,=uApcosa— Apsin a (2)

T = rAp(u* — tan* @)'/? (3)
where

p = ‘average contact pressure’ within the taper

r = ‘average radius of contact’ for the taper

A =real contact area of the taper junction
and

a = taper half-angle (Fig. 1)

Since 4 and p are unknown, it is necessary to solve
simultaneously equations (1) and (2) or (1) and (3) to
develop values of u. This approach has been used for
both the push-on/pull-off tests used by manufacturers
and for the present tests.

For push-on/pull-off, solving the equations produces

P, + P, =2uAp cos a (4)
and
P, +P
u= : 2 Ap cos a (5)
P, —P,=2A4psin a (6)
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Fig. 1 Geometry of taper fit and forces. Average radius of
contact r =1(ro+ry)

substituting for Ap gives

ﬂ=tana2i;’z (7)
For twist-off torque, the solution produced is
P, =uApcos o+ Ap sin a (1)
= Ap(u cos a + sin a)
o)
P
A= cosatsina
T =rAp(u* — tan® a)'? (3)
and
e T
r(u? —tan® a)'?
o)
Py T
wcosa+sina  r(u*—tan? a)l? (8)
and
Pirpcosa+sina ©

T (4 —tan? a)'? -

must be solved to derive values of u.

It is noteworthy from equation (9) above that solu-
tions for the torque required depend on the square root
of the expression involving tan o and u, which will take
negative values for certain combinations of u# and taper
angle a; requiring solutions involving the square root of
a negative number. As the angle decreases the limiting
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value of u also decreases: low angle tapers tend to be
‘self-holding’ [9] while large angle tapers tend to be
‘self-releasing’.

Taper radii are typically from 6.4 () to 6.9 mm (r),
so that the true mean radius of contact will lie some-
where within this range. As a first approximation, the
arithmetic mean of the design fit was assumed.

3 MATERIALS AND METHODS

Twelve zirconia ceramic heads of 32 mm diameter were
adapted for testing by grinding two diametrically
opposed flats on the sides. Taper spigots of commercially
pure titanium (CPTi) [ISO 5832/2—1996(E), Grade 4,
Timet, Birmingham] were produced with the conven-
tional hip femoral taper of 5° 42" 30” down to the ‘collar’,
from which point the design was amended to connect
into the test rig.

The tapers of each stem were cleaned with ethanol
and assembled to the ceramic head by hand. Using an
Instron universal materials testing machine and soft
platens the head/taper assemblies were pushed together
with gently ramped forces to 1 or 4 kN, using a load
application rate of approximately 2.5 kN/min.

Head/taper combined specimens were then fitted
upright into the torque testing rig (Fig. 2), immersed in
Ringer’s solution at 37°C, and circulation of the fluid
was commenced. A dwell time of 30 min was allowed
for the assembly to equilibrate at body temperature. The
vertical load was then applied and application of torque
was commenced; torque and rotation were monitored
continuously.

The purpose-built test rig held the specimen in a fluid
bath with a temperature-controlled reservoir and recir-
culating pump. The torque drive and vertical load train
maintained alignment of all components during appli-

cation of the vertical force while allowing free rotation
of the head in response to the applied torque. The torque
drive included a torque transducer (TML Instruments,
Japan) and a geared potentiometer to monitor torsional
resistance and rotational movement. Data capture was
achieved by computer monitoring with analogue-to-
digital conversion (Picolog ADC-16, Pico Technology,
UK) and real-time datalogging. Data channels were
sampled at a rate of 5 Hz. The equipment characteristics
enabled application of ‘dead-load’ normal forces of 1
and 4 kN and ‘ramped’ torsional forces, producing a
torque rise rate of approximately 15 N m/min.

The test was terminated when a significant angular
rotation of the test axle was observed (greater than 1°).
Subsequent plots of torque and rotation with time con-
firmed accurate identification of the true onset of
rotation. The maximum torque before onset of rotation
was reported, in accordance with the ISO standard. After
testing, each head/neck combination was removed from
the test rig, separated using a head remover, and
inspected under stereomicroscopy to x 40 magnification.
Surface changes and damage were noted for both head
and taper components (Fig. 3).

In the initial series, six head/neck combinations were
pressed together with 1 kN force and six with 4 kN, while
testing was carried out under 1 kN dead load. After the
specimens were separated (heads from necks) and stereo-
microscopically inspected, the tapers were cleaned with
ethanol, and were reassembled by simple hand pressure.
Retesting was performed under 4 kN dead load for all
12 specimens.

Statistical analysis using multiple regression analysis
(Statistica, Statsoft Inc., Tulsa, Oklahoma) was under-
taken on the torque values measured, with the indepen-
dent variables of assembly force, dead load (or test load)
and contact length (equivalent to head length as defined
in the hip modularity).

Fig. 2 The torque testing rig and one 32 mm zirconia head specimen in position
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Fig. 3 Micrograph of the internal surface of the ceramic taper
bore, showing transfer of titanium to the ceramic
surface (x 100)

Push-on/pull-off data for a range of stem materials
against zirconia heads were also obtained from commer-
cial product tests (Table 4) and analysed with analysis
of variance using the Statistica software. Having been
undertaken as part of the development strategies of sev-
eral orthopaedic companies, different taper angles and
head sizes were included in this data. The tests were
performed at a NAMAS-certified laboratory according
to the protocol described in ‘Guidance Document for
the Preparation of Premarket Notifications for Ceramic
Ball Hip Systems’, issued by the United States Food and
Drug Administration (US-FDA), dated 27 April 1989.

Coefficients of friction were calculated for the
torque tests as described in Section 2, Theoretical back-
ground (Mathcad 8; Mathsoft, Inc., Cambridge,
Massachusetts). Pooled results for coefficients of friction
for all combinations of material, taper angle and head
size were statistically analysed with one-way analysis of
covariance (ANCOVA; Statistica, Statsoft Inc., Tulsa,
Oklahoma) with the independent variable of taper
material and covariables of taper angle, push-on force
and head diameter.

4 RESULTS

Within the wide variation experienced in torques meas-
ured (4.5-20 N m, Table 1), assembly force showed little
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Table 1 Experimental results

Dead
Torque, T load, P Assembly Radius

Test Designate (N m) (kN) force (mm)

1 IL11 9 1 1 6.572 N/A

2 1L12 5 1 1 6.572 0.181

3 IM11 7 1 1 6.66 N/A

4 IM12 4.5 1 1 6.66 0.13

5 1S11 10.7 1 1 6.747 N/A

6 1S12 8.3 1 1 6.747 N/A

7 4111 8.3 1 4 6.572 0.061

8 4112 8.4 1 4 6.572 0.061

9 4M11 8.3 1 4 6.66 0.06
10 4M12 8 1 4 6.66 0.059
11 4S11 6.5 1 4 6.747 0.056
12 4812 6.5 1 4 6.747 0.056
13 1141 15.6 4 1 6.572 N/A
14 1L42 13.7 4 1 6.572 N/A
15 4141 20.3 4 4 6.572 0.174
16 4142 16.5 4 4 6.572 0.107
17 1M41 14.7 4 1 6.66 N/A
18 1M42 15.0 4 1 6.66 N/A
19 4M41 19.7 4 4 6.66 0.165
20 4M42 19.0 4 4 6.66 0.149
21 1541 16.9 4 1 6.747 N/A
22 1542 17.9 4 1 6.747 N/A
23 4842 15.0 4 4 6.747 0.096
24 4841 16.1 4 4 6.747 0.107

N/A, the equations for coefficient of friction were unable to return a
value for these results.

Tests were designated a, L, b, ¢ where

a represents the push-on force (in kN; 1 or 4),

L represents the head extension length (long, medium or short),

b represents the vertical load during test (in kN; 1 or 4),

¢ represents the specimen number under these conditions.

effect on the torques measured. In contrast, vertical force
applied during testing (test load) showed a much greater
effect on the failure torque than either assembly force or
contact length. For tests at 1 kN test load, the mean
torque to failure was 8.9 Nm (+3.4) compared with
15N m (£3.9 Nm) at 4 kN test load. This relationship
was confirmed by multiple regression analysis, which
indicated that failure torque was significantly affected by
test load (> = 0.726, P < 0.001), with lesser (statistically
insignificant) contributions from assembly force and
contact length (+>=0.25, P =0.27).

When coefficients of friction were calculated for these
torque results, the outcome varied widely (Table 1),
from 0.06 to 0.18. However, for many of the torques
measured, the simultaneous equations could not be
solved because the torques were much greater than pre-
dicted by the theory. Coefficients of friction calculated
from push-on/pull-off data were similarly variable within
experimental series, but ranged from 0.12 to 0.33 with
mean values of 0.25 against cobalt—chromium tapers,
0.19 against titanium alloy, and 0.21 against stainless
steel on 11° tapers. Analysis of covariance determined
that these values differed significantly at the P <0.05
level, but post hoc comparisons only identified the
cobalt—chromium and stainless steel means as signifi-
cantly different. On 5°25" and 6° 03’ tapers the mean
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coefficients of friction were 0.19 on cobalt-chromium
and 0.17 on titanium alloy.

Although Schifer and colleagues [2] reported fric-
tional torque results, they did not calculate the coefficient
of friction for these torques. When these coefficients of
friction were calculated (Table 3), the values obtained
were similar to those of the present study, with a similar
broad spread.

5 DISCUSSION

Volz and Wilson [10] calculated that the maximum
torque that could be generated at the femoral head/
acetabular liner interface was 3.1 N m, under an assumed
vertical force of 3 kN. The torques measured here
(means of 8.9 Nm and 15 N m, at 1 and 4 kN test loads
respectively) are significantly greater than the torques
that could be generated by such means during function
of total hip arthroplasties, and thus represent safe
assemblies in vivo. Schifer and colleagues [2] reported
torque strengths for titanium alloy/zirconia assemblies
of 9 N'm + 3 (mean =+ standard deviation) at 2 kN test
load, 14 N m at 4 kN test load and 29 Nm at 7 kN;
while alumina head/titanium alloy combinations pre-

Table 2 Predicted torques (in N m)
with varying coefficients of

friction
Force

u 1 kN 4 kN

0.04 2.304i 9.217
0.05 0.022i 0.087i
0.06 2.075 8.302
0.07 2.806 11.223
0.08 3.297 13.189
0.09 3.665 14.660
0.1 3.955 15.819
0.2 5.277 21.109
0.3 5.745 22.979
0.4 5.987 23.948
0.5 6.136 24.542
0.6 6.236 24.944
0.7 6.309 25.234
0.8 6.363 25.454
0.9 6.406 25.625

Table 3 Values from Schifer et al. [2]

Taper combination Force (kN) Torque (N m) u
Zirconia-Ti alloy, mean 2 9 0.134
Mean + 1 s.d. 2 12 0.523
Mean — 1 s.d. 2 6 0.075
Mean + 2 s.d. 2 15 N/A
Mean — 2 s.d. 2 3 0.055
Zirconia-Ti alloy 4 14 0.087
Alumina-Ti alloy 4 18 0.127
Zirconia-Ti alloy 7 29 0.11
Alumina-Ti alloy 7 37 0.202
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sented torque strengths of 18 and 37 N m at test loads
of 4 and 7 kN respectively.

The reliance on test load and relative insensitivity to
assembly force demonstrated in this study indicate that,
as long as the surgeon adequately seats the head at the
time of surgery, the function of the taper is relatively
independent of surgical technique. This also confirms the
predictions of Amonton’s Law, that the frictional forces
are independent of the true area of contact. The theoreti-
cal areas of contact available for the three assemblies
were calculated by computer-aided design software
(Pro/ENGINEER, Parametric Technology Corp.
Waltham, Massachusetts) as 305, 455 and 610 mm?; yet
these differences of up to 100 per cent do not cause
correspondingly large changes in the friction actually
developed. It is clear that the true area of contact is a
small fraction of the available area.

From the torques measured and the test parameters,
coefficients of friction were calculated using the theoreti-
cal relations (Table 1). It can be seen that for tests 1, 3,
5 and 6 no value could be calculated. This is because the
torque measured was much higher than that predicted
by the classical theory (as discussed below) and the solu-
tion to the quadratic equation was an imaginary number.
As a check on this, the reverse calculation was also
undertaken; starting with the taper angle and test loads
used in this study and predicting the torque required
over a range of u values from 0.04 to 0.7 (representative
of the range to be expected with ceramic heads)
(Table 2). The torque—force relation was also plotted
against u for values from 0 to 1.5 and for four taper
designs (arctan 0.04 to 0.1 representing taper half-angles
from 2° 17’ to 5°42.5").

It would appear that the theory can only predict tor-
ques over a narrow band of values for y; values in excess
of 0.2 do not cause significant variation in the predicted
torques. In support of these observations the dependence
of Pr/T on u was plotted graphically (Fig. 4). The insen-
sitivity to u values above about 0.3 is again observed;
for greater values of u there is little change in the ratio
Pr/T. The graph also shows that at higher values of u
the relation is also insensitive to large changes in the
taper angle a (from 5 to 11°).

The basis of the theoretical derivation is that assembly
of the taper fit proceeds with increasing contact between
the rough surfaces of bore and trunnion. As asperities
make contact, the normal ‘pressure’ induced increases
until yielding of the asperity permits further approach
and increasing contact area. Progressive assembly
reaches equilibrium when the ‘mean contact pressure’
developed across the ‘true contact area’ attains the
magnitude of Bowden and Tabor’s ‘yield pressure’ [7].
This ‘mean contact pressure’ then contributes to the
development of either pull-off or twist-off forces [1].

The theory appears to work satisfactorily for
push-on/pull-off tests, but breaks down for twist-off. The
graph of the torque—force relation (Fig. 4) suggests that
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Fig.4 Torque—force relations under classical theory: f(u,a)=u cosa + sin a/[V(u? —tan? a)] where,
according to equation (9), f(u,a)=P;r/T and a;=arctan(0.04), a,=arctan(0.05), az=

arctan(0.07) and a, = arctan(0.1)

the theory assumes that increasing friction, u will prevent
assembly of the taper and hence prevent the development
of high assembly ‘pressures’. That is to say, the theory
predicts that the frictional forces develop in response to
the normal forces applied. But with tapers, especially of
low taper angle such as these, the assembly occurs with
substantially parallel or shear forces, which in turn

develop normal or perpendicular reactions. The present
authors believe that this is a source of the inaccuracies
in the present theoretical derivations and intend to
explore the effect of this difference further.

The graphed relationship of P,r/T (Fig.4) also
suggests that the tests’ response to changes in torque
(real or due to experimental error) will increase as T'

Table 4 Other zirconia combinations and push-on/pull-off data

Taper Head Neck Push-on Standard
Taper materials angle size length N load Mean u deviation
CPTi-ZrO, 5°42"30" 28 Short 5 2 0.275 0.0476
Medium 5 2 0.201 0.0267
Long 5 2 0.311 0.1618
CPTi-ZrO, 542" 30" 28 Short 5 2 0.158 0.0094
Medium 5 2 0.158 0.0236
Long 5 2 0.158 0.0095
TiAlloy-ZrO, 5°25"10” 28 Short S 2 0.144 0.0193
Medium 5 2 0.171 0.0104
Long 5 2 0.185 0.0193
TiAlloy-ZrO, 6°2' 22 5 2 0.164 0.0328
CoCr-ZrO, 6°2 22 5 2 0.136 0.0103
TiAlloy-ZrO, 6°2' 28 Standard S 2 0.170 0.0157
Extended 5 2 0.177 0.0405
CoCr-ZrO, 6°2 28 Standard 5 2 0.202 0.0183
Extended S 2 0.165 0.0235
CoCr-ZrO, 5°38'31” 28 15 2 0.204 0.0394
CoCr-ZrO, 11° 25 28 5 2 0.173 0.0173
5% 4 0.190 0.0213
5* 8 0.203 0.0237
TiAlloy-ZrO, 11° 25 5 2 0.242 0.0095
5% 4 0.248 0.0135
5* 8 0.271 0.0169
Stainless steel-ZrO, 5 2 0.211 0.0274
5 4 0.207 0.0204
5 8 0.230 0.0405
* These values represent retests of the previous specimens.
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approaches the value of P, r, to a limiting value of 1.048
(for the present value of a). That is to say, if 7' is greater
than 1.048 times P, r, the equation is insoluble.

Attempting to calculate the coefficients of friction
using the push-on force in equation (1) produced even
more ‘imaginary’ values than the calculations based on
test load, as the multiple regression analysis had pre-
dicted; i.e. push-on force is less appropriate to the theor-
etical calculations than test load. This further suggests
that assembly is not the dominating mode, but the phen-
omena occurring during yielding are more dependent on
the forces operating in the clinical situation.

The difficulty appears twofold. Firstly, the equations
derived by Fessler and Fricker [1] describe the situation
of push-on followed by twist-off in the absence of any
axial force. For the purposes of laboratory or proof test-
ing, it is acceptable to apply a single push-on force,
remove that axial force and apply solely a torque.
However, in the physiological reality, no torque will be
applied without an accompanying (large) axial force
component. Under these conditions, the relationships for
forces and stresses become much more complex than the
‘simple’ dependence described by equation (9). As a first
approximation, it seemed reasonable to attempt to use
these relationships and substitute the test load, for the
push-on force. It is now apparent that a more complex
approach is required: these more complex relationships
are being explored in separate work. The second diffi-
culty is that since the yield behaviour appears more
dependent on the actual loading conditions occurring in
vivo than the simplified mechanical test conditions, there
is a need to define the actual conditions applied to these
tapers during physiological function.

Similar wide scatter of results was reported in the
torque tests performed by Schifer and colleagues
(Table 3) [2] and in the push-on/pull-off data provided
from commercial testing (Table 4). Due to the exper-
imental design of the latter data it was not possible to
separate trends for individual parameters. However, as
expected there was a significant trend for taper material
and taper angle (P < 0.001; for 11° compared with 6° 2’
or 5° 38") with some interaction, but the effects of contact
length and head diameter were not significant. These
data, being derived from commercial development trials,
did not cover a complete range of all material types at
all taper angles, so detailed separation of the trends for
either factor was not possible.

During testing, it was observed that assembly force
affected the behaviour at failure: heads assembled with
4 kN force demonstrated a ‘work-hardening’-type failure
characterized by small amounts of movement (1 or 2°)
while the torque stabilized and then climbed again. In
contrast, heads assembled only with light hand force
showed large movements (5-10°) on attainment of fail-
ure torque, often with significant drops in the applied
torque.

Stereomicroscopic inspection of the taper bores of the
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zirconia heads after testing showed significant textured
transfer of titanium to the ceramic surface (Fig. 3). This
is consistent with frictional interference of asperities on
the titanium and zirconia surfaces; during assembly of
the taper fit and also at torsional failure. However, the
amount of metal transferred is quite small, implying that
the ‘true area of contact’ is correspondingly small, and
practically showing that actual damage to the taper stem
is small.

This also explains the apparent weak effect of ‘head
length’ in the torque variation. Equation (3) predicts
that the torque will be affected by the contact radius,
area and pressure. The ‘true area of contact’ does appear
to be dependent on the loading conditions and forces
used, and, ignoring questions of taper mismatch and sur-
face finish, less affected by the design details. The appar-
ent radii used in the present series (Table 1) vary by less
than 5 per cent. Tests with a greater range of radial
variation might show more interesting dependences.

Fessler and Fricker [1] examined friction in taper joints
for metal and alumina balls on metal tapers, finding
coefficients of friction, u, of 0.2 for alumina on
Co-Cr-Mo or Ti-Al-V alloy, 0.15 for Co—Cr-Mo heads
on alloy spigots and 0.13 for stainless steel on itself.
Lubrication was not found to have a significant effect.

Published values for the coefficient of friction of zir-
conia on any metal have not appeared to date, but the
push-on/pull-off test values analysed here (Table 4) pre-
sent mean values for the coefficient of friction of zirconia
of 0.25 against Co—Cr tapers, 0.19 against titanium alloy
and 0.21 against stainless steel on 11° tapers. On 5° 25’
and 6° 03’ tapers these values are 0.19 on Co—Cr and
0.17 on titanium alloy.

One possible confounding variable in the results of
the present study is the fact that specimens were retested
at 4 kN test load, having first been tested at 1 kN test
load and then cleaned. It was reasoned that any damage
or effect of retesting would be so small at 1 kN load
as to support the trends observed. In fact, it is under-
stood that the results from repeated measures in other
studies have produced variable effects, and these were
generally with harder spigots such as titanium alloy or
Co—Cr alloy. One series of the push-on/pull-off tests
had also retested at increasing load magnitudes on
successive repeats and analysis of variance was unable
to demonstrate any significant effect of retesting.

6 CONCLUSIONS

1. Taper assemblies and material combinations cur-
rently used in clinical orthopaedics demonstrate sig-
nificantly greater resistance to torsional failure than
the torques that could be generated in normal or
abnormal function.

2. Taper assembly torsional resistance is more strongly
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dependent on the force conditions occurring during
loading than on the forces used for assembly.

3. Torsional resistance of taper assemblies varies slightly
with materials used and taper geometry.

4. Frictional theory does not adequately describe the
phenomena occurring in these assemblies.
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