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Abstract

This thesis investigates the design of modular voltage source converters for High Voltage Direct
Current (HVDC) applications. The first half of the thesis focuses on the design of existing
multilevel HVDC technology. A design methodology for sizing modular converters for a given
grid code specification, and with given design constraints in terms of peak sub-module voltage
rating and capacitor size, is developed and used as the basis of comparing converter designs.
Results show that the half-bridge MMC requires an energy storage in the region of 35 kJ/MVA
in order to achieve a good balance between sub-module capacitor size, and required number of

sub-modules.

The design of the Hybrid MMC, which combines half- and full-bridge sub-modules in the de-
sign in order to achieve DC fault tolerance, is then investigated using the same design method-
ology, an advantage of which is that the optimum modulation index can be determined, rather
than assumed. Results show that the highest efficiencies may be achievable if the converter is
operated at a modulation index of 1.2. The power-loss and thermal properties of several convert-
ers are then analysed. The Alternate Arm Converter and over-modulating Hybrid MMC show
the greatest efficiencies, though the AAC suffers from relatively high junction temperatures
within its director switches.

The potential of designing overload capability into MMCs, to enable them to provide system
support services such as frequency response is then investigated. Results show 30% overload
ratings may be achievable with only a 10% required increase in the number of sub-modules

within the converter. System studies show that significant response improvements to the AC
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system can be made even if the converters need to be dynamically rated to prevent excessive
junction temperatures being reached.

The second half of this thesis focuses on a brand new multilevel thyristor-augmented structure
called a power-group, which has the potential to allow voltage source converters that are tolerant
to faults on both the AC and DC network to be constructed, while having efficiencies similar
to those achievable with Current Source Converter (CSC) technology. Results show that this
is possible while also retaining high quality current waveforms and independent control of real
and reactive power.

Results throughout the thesis are backed up by a combination of simulation and experimental

work using a lab-scale multilevel converter that was constructed during the project.
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1 Introduction

Historically the main use of High Voltage Direct Current (HVDC) systems has been the bulk
transmission of power over long distances and inter-connecting neighbouring asynchronous AC
systems. Recently new applications have been found, most prominently the interconnection of
large offshore wind-farms to onshore grids [1]. HVDC stations are significantly more expensive
that the AC equivalent transformer. However as the transmission distance increases, HVDC
becomes the more economic choice over AC due to its lower incremental cost with distance.
This lower incremental cost is due to the lower losses within a DC transmission line or cable, a
reduced conductor size requirement, as well as reduced right of way requirements in transmission

corridors. This is illustrated in Fig. 1.1.
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HVAC Terminal
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Figure 1.1: AC and DC transmission cost versus length for AC and DC systems



For overhead lines this becomes true at transmission at a distance of approximately 500-800
km, depending on factors such as power rating, land cost and electricity prices, reducing to
around 50-150 km when considering cable systems due to the increased capacitance per length
of a transmission cable in comparison to an overhead line [2, 3].

Power converters, capable of processing power at a Gigawatt scale with operating voltages
in the several hundreds of kilovolts, are the key technology which enables HVDC systems. The
converters themselves are physically large, complex devices, containing thousands of power elec-
tronic devices, control equipment, filtering elements, cooling systems and ancillary equipment.
A converter has additional losses, lower reliability and reduced availability in comparison to the
AC transformers. HVDC does however have several key benefits over AC transmission which

can make it the correct techno-economic choice in certain applications [2].

The transmission distances possible are not limited by the reactive power requirement of

the conductor system, or by power angle stability limitations.
e [t can connect asynchronous AC areas together.
e Power flow through the converter station can be directly controlled.

e It has a higher power density per conductor cross section vs. AC systems, and improved
utilisation of a line or cable’s voltage insulation design. This results in reduced right of

way and reduced conductor requirement for a given power rating.

1.1 History of HVDC

1.1.1 Early technology and Line Commutated Converters

HVDC systems have been a part of the conventional power system for many years. The advent of
HVDC began with the invention of the mercury-arc valve in 1902. The first transmission systems
using these technologies were realised in the 1930s and 1940s. Before this series connected

motor-generator units were used to transmit power at DC as early as 1889 [4].



The Gotland transmission scheme, a 20 MW system commissioned in 1954 with a 98 km
sub-sea cable that linked the island of Gotland to mainland Sweden, could be considered the
first 'modern’ DC transmission scheme. This was quickly followed by several other schemes,
notably the 160 MW link across the English channel, linking the French and British power
systems together. Power ratings of these schemes climbed rapidly, culminating in the Nielson
River DC Transmission System, a £450 kV system with a power rating of 1.62 GW. Mercury-
arc valve based systems were then phased out in favour of newer thyristor based solid-state
systems with higher power densities and efficiency. The first notable thyristor based scheme
was the Back-to-Back asynchronous inter-connector between Quebec and New Brunswick [5].
Thyristor based schemes are still the most popular converter technology for the bulk transfer of
power over long distances. The recent Rio Madeira scheme in Brazil is capable of transferring
6.3 GW of power over a distance of 2,135 km, with future schemes in planning stages with even
higher power ratings [6].

A typical converter circuit arrangement for thyristor based HVDC converters is shown in
Fig. 1.2. Two six-pulse bridge are operated in series, with a 30° phase shift introduced through
the use of transformers with star-star and star-delta windings. The amount of active power flow
can be controlled by varying the firing angle of the thyristors with respect to the AC voltage

waveform.
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Figure 1.2: 12-Pulse Line Commutated Converter

Thyristor and mercury-arc valve HVDC converters require an external AC voltage to com-
mutate the switch and force it out of conduction. For this reason they are commonly referred
to as Current Source Converters (CSC) or Line Commutated Converters (LCC). They appear
as a current source to the grid that they are connected to and are incapable of generating their
own AC voltage waveforms.

LCC systems are a very robust technology that allows extremely high power levels to be

achieved. However they have several disadvantages from a power systems perspective:

e They lack independent control of real and reactive power.

e They require a large amount of reactive power compensation.

e They require substantial current waveform filtering.

e They rely on the external grid to commutate the thyristor valves, meaning they cannot

operate into a weak grid.

e They are unable to black-start an AC system.

e Power reversal requires an inversion of the DC voltage polarity.



1.1.2 Voltage Source Converters

For a converter to act as a voltage source, and thus achieve independent control of real and
reactive power, it requires power electronic switches that are capable of both turning on and
switching off. Converters with such capability are referred to as Voltage Source Converters
(VSC).

Power electronic switches with both the current handling capabilities and voltage blocking
capability required to design HVDC scale VSCs were not feasible until the introduction of the
Insulated Bipolar Gate Transistor (IGBT). Other technologies, such as the Power MOSFET
and the Gate Turn Off Thyristor had made lower scale VSCs for drive applications practical.

The first commercial transmission scale VSC based HVDC scheme was commissioned in
Gotland, Sweden in 1999 by the engineering company ABB, who had also pioneered the original
Gotland LCC based scheme [7]. The scheme used a two-level converter, as illustrated in Fig. 1.3,
with a sinusoidal-pulse width modulated voltage output. Such schemes suffered from relatively
high losses due to the switching frequency required to keep the harmonic distortion low and
have a requirement for filters to remove the higher order harmonics generated by the converter.
Achieving a valve stack of series IGBT devices capable of switching the DC bus voltage was one
of the main technical achievements in the project. A single valve may contain several hundred
devices in series. If a single device within the valve switches earlier or later than the other
devices in the series chain it would be exposed to the full voltage of the DC link, far exceeding
its rated blocking voltage, resulting in destruction of the device.

The two-level topology initially used for HVDC applications was then replaced by a three
level neutral Point Clamped (NPC) topology, illustrated in Fig. 1.4. This was done to drive
down the requirement for high switching frequencies, with the aim of reducing the losses that
result from this. This NPC topology was then replaced with a more optimised two-level design
that reduced the switching frequency required and used more advanced IGBT modules [8].
Power levels increased steadily over the following decade, with schemes such as the East-West

Inter-connector, linking Ireland and Wales reaching 500 MW.
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Figure 1.4: 3-level neutral point clamped HVDC converter.

Up to 2010, the market for VSC HVDC was monopolised by ABB. This changed with the
introduction of the Modular Multilevel Converter (MMC), which is discussed in detail in Sec-
tion. 1.2.3. The first commercial installation of this topology was the Trans Bay Cable project
by Siemens [9], linking San Francisco with Pittsburgh through an 85 km sub-sea cable through

San Francisco bay. The scheme was rated to 400 MW and operated at £200 kV.

Since its introduction the MMC has proliferated in use. Some of the most notable cases are



the North Sea wind-farms ordered by TenneT. There are ten wind-farms in total, either already
operational or under construction as of writing. BorWin (3 HVDC Links), HelWin (2 Links)
and DolWin (3 Links) schemes and SylWin (2 Links). All of these schemes, apart from BorWin
1, are based upon MMC topologies. The various schemes are being supplied by a combination
of ABB, Siemens and GE Grid. The average power is in the region of 800 MW, with most
operating at a DC voltage close to £300 kV. Fig 1.5 shows an outside view of the offshore

platform from the BorWin2 scheme, as well as a picture of the inside of the valve hall.

(a) Offshore platform - copyright: TenneT. (b) Valve hall - copyright: Siemens.

Figure 1.5: SylWinl HVDC link.

1.1.3 Multi-terminal Systems

The increasing demand for renewable energy sources, has also driven a resurgence in the idea of
constructing multi-terminal DC systems. Most HVDC links to date have been point-to-point,
with two terminals and either a cable or overhead line connecting them. VSC based systems are
particularity well suited to use in multi-terminal systems as they are capable of reversing the
direction of power-flow by reversing the current flow, unlike in LCC based systems where the
voltage polarity must be reversed. The most notable multi-terminal VSC systems to date are

the Zhoushan system [10], which contains five terminals rated to 400/300/100/100/100 MW,



and the Nan’ao system [11], which contains one onshore 200 MW station, and two island based
stations rated to 100 MW and 50 MW. The implementation of multi-terminal HVDC systems

have numerous challenges which must be overcome [12].

e Control of DC networks.

e AC and DC system interactions, particularity where the power rating of the DC system

becomes a significant fraction of the AC systems to which it is connected.
e DC system protection [13]. This will be discussed further in Section. 1.2.2.

e Techno-economic issues regarding who pays for, owns and operates such multi-terminal
networks. This is a particular challenge as most multi-terminal networks are envisaged to

connect numerous countries, or even continents together.

There have been numerous proposals for pan-continental HVDC networks, which would over-
lay existing AC grids, but provide much more flexible operation, as well as enabling power to
be transmitted over longer distances. One example of a proposed multi-terminal network is the
European Wind Energy Associations 2020 vision shown in Fig. 1.6. Other examples of such
proposals are the now defunct Desertec proposal [14], which proposed building large amounts
of Concentrating Solar Power stations in North Africa, and then exporting the power back to
Europe through a multi-terminal HVDC grid and the North Sea Offshore Grid, which is an
active proposal by the European Commission [15]. It aims to establish an offshore DC net-
work that links Germany, the United Kingdom, Ireland, Belgium, the Netherlands, Denmark,

Sweden, Luxembourg and France.
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Figure 1.6: European wind energy association 2020 vision plan [16].

1.2 Multilevel Converters

By increasing the number of voltage levels within a converter, the harmonic content of the
resulting waveforms can be decreased. This results in a reduced requirement for filtering,
reduced electromagnetic interference and reduced losses due to a lower switching frequency
requirement. This was ABB’s driving motivation in switching from the original two-level design
to the three-level NPC. The operational principle of the NPC can be further expanded up to
higher number of levels, however this number of diodes required in the NPC is quadratically
proportional to the number of levels, which enforces a practical limitation on the number of

levels [17].

The introduction of the Modular Multilevel Converter [18], discussed in the following section,
and the can be seen as a landmark in HVDC technology. Not purely for the converter topology
itself, but for the modular multilevel concept it introduced. Two of the basic building blocks of

modular converters, the half-bridge and full-bridge sub-module are shown in Fig. 1.7. Numerous



other sub-module arrangements are possible, however these are the two most common. The
half-bridge sub-module is capable of generating a positive voltage output, while the full-bridge
sub-module can generate both positive and negative voltage outputs. The precursor to this
topology was a delta arrangement STATCOM [19], developed by Alstom Grid, which used

full-bridge sub-modules and Gate Turn-Off Thyristors as the switching devices.

J kx|
GRS 3
3] 3 | J
o o
(a) Half-bridge sub-module (b) Full-bridge sub-module

(¢) Sub-module - copyright: GE Grid

Figure 1.7: Sub-module for modular HVDC applications.

Each sub-module contains a floating sub-module capacitor, controlled to a nominal voltage.
By switching the IGBTs within the sub-module, this capacitor can be inserted into the current
path, or bypassed. The voltage of sub-module capacitor can therefore be made to appear across

the output terminals of the sub-module. By connecting sub-modules in series a stack or chain-

10



link valve can be formed, capable of generating stepped voltage waveform with many levels.

This is illustrated in Fig. 1.8.
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(b) Full-Bridge sub-module stack
Figure 1.8: Series arrangement of sub-modules to form a valve stack.
This stepped voltage waveform can be achieved while keeping the switching frequency of

individual sub-modules to a low value. This leads to a modular design, where one converter

comprises several hundred smaller sub-modules, each of which is functionally a converter in its

own right. This has several advantages in terms of design:

e The sub-module capacitor is a convenient power source for deriving the supply power

for the IGBT gate drivers, eliminating the need for ancillary circuits or power supply
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transformer arrangements.

e Each IGBT must only block the voltage of its local sub-module capacitor, allowing high

voltage converters to be designed without the need to series operate IGBTs.

e The modular design enables redundancy to be easily designed into the converter, and

simplifies manufacturing.

This modular design approach allows converters with a large number of levels to be achieved,
without the penalty in terms of increased device count that previous generations of multilevel
circuit topologies incurred [20]. An example of the voltage waveforms that can be achieved with

a relatively low number of levels is given in Fig. 1.9.

Voltage (pu)
Voltage (pu)
Voltage (pu)

°

0 0.005 0.01 0.015 0.02 0 0.005 0.01 0.015 0.02 0 0.005 0.01 0.015 0.02
Time (s) Time (s) Time (s)

(a) 7 levels (b) 10 levels (c) 21 levels

Figure 1.9: Multilevel approximation to a sine wave.

For a HVDC scale converter, which may operate with a DC voltage in the region of 1 MV,
the required number of series operated sub-modules within the converter is in the hundreds.
The harmonic distortion of such converters can therefore be extremely low. This reduces or
eliminates the need for filtering of the AC and DC current waveforms generated by the converter.

The application of the modular multilevel principle is not limited to just AC-DC converters,
but also to DC-DC converters [21, 22, 23] as well as AC-AC converters [24, 25, 26, 27]. The
MMC itself has also found application in lower voltage motor drive applications [28]. Such

applications can introduce challenges in operating an MMC which are not applicable to HVDC

12



scale MMCs. In motor drive applications the main additional challenges are related to designing
the converter to operate over a wide frequency range, which impacts the converters energy

storage requirement, as well as operating with only a small number of sub-modules.

1.2.1 Energy and Voltage Deviation

The voltage that each sub-module can generate is determined by the voltage of its sub-module
capacitor. This is determined by the stored charge within the capacitor. The voltage capability
of a series stack is sub-modules is therefore linked to the overall amount of stored energy within
the converter. When a sub-module capacitor is inserted into the current path it will be either
charged or discharged. This causes a voltage ripple to be imposed on the sub-module capacitor
voltages as the stored charge within the capacitor is increased or reduced by conducted current
that passes through it.

The energy deviation of a stack of sub-modules refers to the cycle-by-cycle deviation of the
stored energy within that stack. If the average power processed by a stack of sub-modules is
zero, i.e the average power on both sides of the converter are equal, than the energy content
within each stack will return to its starting point at the end of each electrical cycle. Any
imbalance between the powers on either side of the converter will result in a deviation in the

total stored energy content within the converter.
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1.2.1.1 Voltage Balancing

Not all sub-modules within a series stack will see identical currents. Their voltage will therefore
drift away from each other over time if there is no control mechanism present to prevent this.
One of the most common methods of preventing this is the use of a sorting algorithm, which
was initially presented in the first paper on the MMC [18]. The sorting algorithm works by
ranking each sub-module based on their measured capacitor voltages. The sub-module with the
lowest /highest capacitor voltage is then preferentially inserted first, depending on if the current
direction is such that it will charge/discharge the sub-modules, and so on until the voltage
reference has been achieved.

An illustration of the sorting algorithm being applied to a stack of 10 sub-modules within an
MMC is given in Fig. 1.10. The first sub-module within the stack (sub-module 1) is highlighted
in bold and is used to illustrate the operation of the sorting algorithm. When the power of
the stack (given by the product of the voltage generated by the stack of sub-modules and the
current flowing through it) is positive, the stack is absorbing energy and so the sub-modules
that insert their capacitors will increase their voltage and vice-versa. When the rank of sub-
module 1 is above the number of inserted sub-modules, such as between t=0.02 s and t = 0.03
s, it is not used to generate a voltage and so its voltage remains static. When its rank is below
the number of inserted sub-modules, such as between t=0.013 s and t=0.02 s, it is used to
generate a voltage, and so its capacitor voltage will change due to the charging/discharging
action of the current flowing through it. The rank of each sub-module is updated at several
points throughout each cycle, ensuring that the sub-module voltages do not diverge from each

other. These updates to the rank of each sub-module are commonly referred to as rotations.
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Figure 1.10: Sub-module voltage balancing using the sorting algorithm.

Another common method of stack voltage generation and the voltage balancing of sub-
modules is the Phase-Shifted Pulse Width Modulation (PS-PWM) method presented in [29,
30, 31]. In this method each sub-module has its own triangle wave carrier waveform which is
phase-shifted from its neighbouring sub-modules by %’r radians, where N is the number of sub-
modules per stack. The controller’s voltage reference for the entire stack is normalised by the
sum of the sub-module voltages and passed to every sub-module. Voltage balancing between
sub-modules is handled in a distributed manner by having a sub-module compare its voltage
level to the mean of the sub-module voltages within the stack and adding a proportional gain
onto the modulation index, so that it is either inserted more or less depending on the current

flow direction.
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1.2.1.2 Energy Balancing

The energy content within a modular converter may be disturbed by fault scenarios, either
internal or external to the converter, resulting in a net overall energy deficit/surplus or an
asymmetry in how the stored energy is distributed through the converter. To rebalance the
converter it is necessary to have some form of Energy Management System (EMS) implemented
within the converter control, which is capable of controlling the stored energy content within
the converter back to its nominal set-point [17].

The balancing of the overall energy content within the converter can be performed by adjust-
ing the processed power on both sides of the converter (i.e AC-side and DC-side for an AC-DC
converter). This imbalance in power will result in a net increase or decrease in the energy stored
within the converter. To account for asymmetric imbalances some form of horizontal balancing,
and vertical balancing mechanisms are also required. Horizontal balancing concerns the balance
of energy between different phases within the converter, while vertical balancing concerns the
balance of energy content contained in stacks of sub-modules which are located within the same
phase.

An example of energy balancing in a modular converter is given in Fig. 1.11. At t=0.05 s an
asymmetric AC fault occurs which results in an imbalance between the powers on the AC and
DC side of the converter. This results in a disturbance to the voltage levels of the sub-modules
within the converter. The overall energy balancing mechanism adjusts the balance of power
between the AC and DC side of the converter, bringing the total energy within the converter
back to its nominal level. The horizontal balancing currents adjust the energy balance between
the phases of the converter so that each phase contains an equal amount of energy. The vertical
balancing currents address any imbalance between the stacks of sub-modules that are located

within the same phase.
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Figure 1.11: Energy balancing in a modular multilevel converter due to a disturbance caused
by an AC fault.

1.2.2 DC Faults

In VSC converters, such as the two-level converter and the half-bridge MMC, there is an uncon-
trollable path through anti-parallel IGBT diodes in the event of a DC fault. This is illustrated
in Fig. 1.12. This results in a large DC side fault current due to the uncontrolled rectifica-
tion of AC current through the converter, with the magnitude of the fault current limited only
by the impedance of the AC network. In point-to-point systems, DC faults can be cleared
by opening the AC side breakers. This protection approach may not be suitable for multi-
terminals systems for several reasons. Clearing a DC fault through this method would require
each terminals AC breaker to be opened, the DC grid would then have to be de-energised and
the faulted line isolated. The DC grid, and all converter stations at the terminals would then
have to be re-energised and then re-synced to their respective AC systems. This approach may
take a considerable amount of time, and may not be adequate for multi-Gigawatt schemes that

interconnect several AC systems.
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Figure 1.12: DC fault response of a non-DC fault tolerant converter.

Alternatives to clearing DC faults with AC side breakers are the use of fast acting DC circuit
breakers, capable of detecting and clearing a DC fault within a short (< 10 ms) time-frame [32].
DC circuit breakers pose a significantly large more challenging design problem than AC circuit
breakers. This is because in an AC systems the stored energy within the system will naturally
be brought to zero twice per cycle, providing opportunities to break any arcs that form when
the breaker opens. In a DC system this is not true, meaning that the energy within the system

must be absorbed by the breaker itself in order to interrupt a fault current.

The design of a HVDC circuit breaker from ABB [33] is illustrated in Fig. 1.13. The main
conduction path during normal operation is through a fast mechanical breaker and a load
commutation switch of anti-series IGBTs rated to a low voltage. This design results in low
on-state losses. In parallel with this is a branch of sub-modules that each contain a varistor.
Each sub-module can either bypass or insert its varistor into the current path. An inductor is
placed in series with the breaker to limit the rate of rise of current during a fault event. When a

fault is detected the load commutation switch IGBTs are switched off, this commutates the fault
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Figure 1.13: Hybrid DC circuit breaker design -adapted from [33].

current from the main branch into the varistor sub-module branch, allowing the fast disconnecter
to open under zero current conditions. This means the fast disconnecter reduces the required
voltage withstand requirement of the load commutation switch, resulting in a design with very

low on-state losses.

With the fault current now in the varistor sub-module branch, the breaker can then control
the effective fault impedance by varying the number of varistor sub-modules that are inserted
into the fault current path. This means the breaker can either drive the fault current to zero, or
act in current limiting mode if required, depending on the protection strategy employed. When
the current has been driven to zero, the residual circuit breaker opens and the fault is fully

cleared.

An alternate option for dealing with DC faults, that does not involve circuit breakers, is
to design HVDC converters that are capable of either blocking the fault current, or retaining
current control throughout the fault, meaning that the AC fault contribution to a DC fault can
be prevented. To do this the converter stacks must be capable of generating enough negative
voltage to oppose the voltage from the healthy AC grid during the DC fault, necessitating
the use of sub-modules that are capable of generating a negative output voltage, such as full-
bridges. This is illustrated in Fig. 1.14. In the event of a DC fault the fault could be isolated
by waiting for the stored energy within the DC system to discharge into the fault, the faulted
line could then be cleared by dis-connectors that are only required to open under zero current

conditions. Fault tolerant converters may be particularly useful for overhead line applications,
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Figure 1.14: DC fault response of a DC fault tolerant converter.

where non-permanent faults such as flash-overs due to lightning and tree strikes may occur.

1.2.3 Modular Multilevel Converter

The Modular Multilevel Converter (MMC), introduced in [18], has become the standard topol-
ogy for implementing VSC based HVDC schemes, supplanting previous generations of two- and
three-level topologies. Since its introduction the number of suppliers of competing VSC HVDC
products has also expanded rapidly, with the market now containing in the region of 6 suppliers,
around half of which are Chinese. This is a stark contrast to the VSC market of a decade ago,
where ABB was the sole manufacturer capable of supplying VSC HVDC products.

A circuit diagram of the MMC is shown in Fig. 1.15. The converter is composed of 6 arms,
two of which constitute a phase leg of the converter. Each arm contains an arm inductor,
necessary for control purposes, as well as a series stack of half-bridge sub-modules.

The AC currents within an MMC split between the upper and lower arms of each phase.

Under balanced conditions the DC current splits evenly between the three phases. Each arm of
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the converter therefore conducts a combination of the AC current and the DC current. The AC
currents cancel each other out at the positive and negative DC rails, resulting in a smooth DC
current that requires little to no filtering. Example voltage and current waveforms from one
arm of an MMC operating at unity power-factor are shown in Fig. 1.16. Each arm generates
an AC voltage with a DC offset. In its standard arrangement, the converter is operated with
an AC voltage that is below the DC rail voltage. This means that the voltage each stack must
generate is always positive, meaning half-bridge sub-modules can be used.

The MMC has a well-documented issue with uncontrolled circulating currents that can occur
under certain control schemes [34, 35, 36, 37]. These circulating currents appear due to a
common mode voltage being imposed across the arm inductor. This common mode voltage
appears due to the sum sub-module voltage ripple not being accounted for in the modulation

scheme.
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Figure 1.16: Stack voltage and arm current of an MMC at unity power factor.

1.2.4 Alternate Arm Converter

The Alternate Arm Converter (AAC) [38, 39] is a hybrid voltage source converter topology [40,
41] which combines the IGBT switches (called the director switches) of a two-level converter
with stacks of sub-modules similar to those of the MMC. The circuit diagram of an AAC is
shown in Fig. 1.17. The prime motivation in the development of the AAC was to achieve a
DC fault tolerant converter, without sacrificing the efficiency of the converter to a large degree.
It also has the advantage of requiring a reduced number of sub-modules in comparison to the

MMC; this may have advantages for offshore applications, where volume may be of concern.

The basic operational principles of the AAC, adapted from [42], are illustrated in Fig. 1.18.
The director switches within each arm are closed for half of each cycle, while the director switch
in the other arm of that phase is open. The AC current on each phase is then ’directed’ through
the arm with a closed director switch, resulting in each arm conducting for only half an electrical

cycle. The director switch and sub-modules within the arm which is open work together to block
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Figure 1.17: Schematic of Alternate Arm Converter.

the required voltage.

This operational mode results in the DC current being formed from the direct rectifica-
tion/inversion of the AC current waveform. This has several implications: The DC current
contains a six-pulse ripple, requiring DC side filtering. The AC and DC side power flows are
coupled, resulting in the converter requiring to be operated at a AC to DC voltage ratio of 7

(~ 1.27), referred to as the ’sweet spot’.

For energy balancing reasons, it was found to be necessary to operate the converter so that
there are two periods during each cycle, referred to as the overlap periods, where the upper
and lower director switches within each arm are both open at the same time. This allows
balancing currents to be run between the upper and lower arms of the converter. This enables
the converter to be operated when it is not exactly at the sweet spot, without the stored energy

content within the converter being

A new operational mode of the AAC, aimed at addressing several of the shortcomings of the
previous design has been proposed [43, 44], and is the mode considered within this thesis. In
this new operational mode, an Extended Overlap (EO) period of 60 degrees is used. Under
this operational mode, one phase of the converter is always in an overlap period throughout the

entire electrical cycle. This ensures a continuous path for the DC current. The AC currents
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can be made to follow the path shown in Fig. 1.19.

The AC currents cancel at the midpoint of whichever phase is in overlap. This eliminates the
six-pulse ripple from the DC current waveform, and allows the AC and DC side powers to be
decoupled. This ensures a continuous conduction path for the DC current, allowing a smooth
DC current waveform to be achieved. The EO mode of operation also allows the DC and AC
side powers to be decoupled, resulting in an elimination of the sweet-spot energy relationship
between the AC and DC side voltage magnitudes. The EO-AAC has the following advantages

over the original AAC topology:

e Removal of the six pulse ripple from the DC side current waveform, eliminating the need

for a large DC side capacitance and filter.

e Elimination of the ’sweet-spot’ energy balance relationship between the DC and AC side

voltage magnitudes.
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Figure 1.19: Current paths within the EO-AAC throughout one full electrical cycle.

e Replacement of the inductors within each arm with a pair of DC side inductors, reducing

the overall volume of the converter.

e Little to no discontinuities in the arm current waveform.

It achieves these features, whilst retaining the three main advantages of the original AAC

topology, namely:

e DC fault ride through capability.
e Reduced energy storage requirement in comparison to the MMC.

e Improved efficiency in comparison to the full-bridge MMC.

The EO-AAC is operated with a zero sequence harmonic voltage, as shown in Fig. 1.20,
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Figure 1.20: Stack voltage waveform and arm current of the EO-AAC. Top: Stack voltage
waveform generated by a combination of the stack of sub-modules and the director switch.
Bottom: Arm current waveform at unity power factor.

imposed on the AC phase voltage waveform [45]. This zero sequence flattens the voltage that
the converter is required to generate during the overlap period since a longer overlap period
implies that the voltage generation capability of the stacks of SMs within each arm must be
increased. This voltage generation requirement has a strong impact on the number of SMs
which must be included within the converter, and therefore the overall converter efficiency. A

star-delta transformer is used to prevent any zero-sequence components from being transmitted

to the AC grid.
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1.3 Thesis Structure

This thesis structured as follows:

Chapter 2 details the work undertaken in developing a lab-scale experimental multilevel con-

verter which is used to generate results at several points within this thesis.

Chapter 3 investigates the design of the Modular Multilevel Converter, with an emphasis on
design for realistic converter design requirements from an AC grid perspective. The analysis is
then extended to the case of the Hybrid Modular Multilevel Converter, which combines full-

and half-bridge sub-modules within its stacks so as the achieve DC fault tolerance.

Chapter 4 investigates the power-loss and thermal characteristics of several converter topolo-
gies. A Finite Element Model of a heat-sink mounted IGBT is detailed. Transfer function from
this model are combined with a power-loss block to estimate the overall power-losses within

each topology, as well as the distribution of losses within the converter itself.

Chapter 5 investigates how overload capacity, for providing grid services such as fast frequency
support, could be built into Modular Multilevel Converters. A focus is placed on the use of
controlled circulating currents to get around the limitation imposed by the peak arm current
limit of the converter. The potential of dynamically rating converters based upon their estimated
device junction temperatures is investigated. Simulations of such a scheme implemented in a

test network that is representative of the Great Britain network are then carried out.

Chapter 6 introduces a proposed hybrid multilevel structure, composed of sub-modules and
thyristors, for achieving high efficiency voltage source converters, while retaining features such

as DC fault tolerance and high quality AC and DC current waveforms.

Chapter 7 concerns the design, control and operation of converters based upon the Power-
Group concept. Chapter 8 then investigates what converter topologies are most suited fore
augmentation using power-groups. The final chapter then investigates the dynamic response of
power-group augmented converters, several modifications to the converters circuit layout and

control scheme are proposed to address issues highlighted by the fault study.
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1.3.1 Original Contributions

The original contributions within this thesis by the author are detailed below:

The converter control system used within this thesis was developed by Dr. Michael Merlin,
with some modifications to allow operation as the Hybrid MMC and the power-group augmented
converters made by the author.

The lab-scale experimental converter detailed in Chapter 2 was designed and built collabora-
tively, with the people involved identified at the start of that chapter.

The work in Chapter 3, on developing a method for designing MMCs for a given P/Q specifi-
cation, as well as the work on optimising the operating point of the Hybrid MMC are the work
of the author, and was done with some helpful discussion and advice from Dr. Michael Merlin.

The heat-sink mounted thermal model of an IGBT and the IGBT power-loss blocked described
in Chapter 4 were developed by the author based upon previous work in the literature, which
is cited in the relevant sections. The analysis of the thermal and power-loss characteristics of
the converters in this chapter are solely the work of the author.

The idea of using circulating currents to suppress the peak arm current within an MMC,
examined in Chapter 5, had been proposed in the literature and the relevant citations are
given. The author has expanded on this previous work and looked at how this impacts the
converter design and operation when this method is applied to achieving a short-term overload
capability, which has not previously been examined. The system study section of Chapter 5
was carried out collaboratively with Dr. Claudia Spallarossa and Dr. Inma Martinez-Sans.

The power-group concept, which is examined in Chapters 6-9, was proposed by the author,
and is based upon a previous circuit proposed by the late Prof. Colin Oates who was involved in
a consultancy project that was undertaken during the course of the author’s PhD studies. The
proposed power-group turn-on and turn-off procedures detailed in Chapter 7 were developed
with some assistance and feedback from Dr. Michael Merlin and the engineers from Grid
Solutions, who are identified at the start of Chapter 6. The power-group centralised controller

developed in Chapter 7 is solely the work of the author. The converter topologies examined
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Chapter 8 were identified through a collaborative process of investigation and discussion with
the engineers from Grid Solutions, as well as Dr. Michael Merlin. The work on the dynamic
and fault response of power-group augmented converters in Chapter 9 is solely the work of the

author.
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2 Design and Build of a Lab-Scale

Multilevel Converter Demonstrator

This chapter describes the work that undertaken in designing, building and commissioning a
lab-scale prototype multilevel converter which is used for experimental verification of results in
several parts of this thesis. The build of the converter was a massive effort, taking three people
who started with virtually no hardware design experience approximately 2 years to complete.
Virtually every single PCB and system within the converter has undergone numerous revisions,
hacks and upgrades, some of which will probably undergo at least another round of revisions in
the future. At the time of writing a second converter of identical electrical specification is under
construction, with numerous improvements to various parts of the design being implemented
from the lessons learned in building the first converter.

My main partners in constructing the converter were Philip Clemow and Geraint Chaffey.
Thanks should also go to Catriona Sheridan, Tom Luth, Michael Merlin and Claudia Spallarossa
for their help with soldering various parts of the converter. Special thanks also to Michael
for all of the work in adapting the simulation version of the converters controller into the
implementation that runs on the hardware.

The completed converter integrated into its cabinet is shown in Fig. 2.1a. The Opal-RT
OP5600 real-time controller occupies the upper part of the system. The grid interface trans-
former (bright orange) is at the base, various inductors (blue) can be seen in the middle of
the converter. The sub-modules (black) are arrayed at the right-hand side of the converter. A

view of the right-hand side of the cabinet, showing the array of 60 sub-modules, is shown in
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Fig. 2.1b. The director switches for each arm, which allow operation as an AAC, are arrayed

at the bottom and can be distinguished by their blue snubber capacitors.

Imperial College

London

(b) Array of sixty sub-modules

(a) Front view

Figure 2.1: Multilevel converter demonstrator.

2.1 Converter Specification

The initial brief for the converter was for it to be capable of operating as either an MMC or
as an AAC. Operation as an AAC requires full-bridge sub-modules, though to retain maximum
flexibility the sub-module was designed with a tap connection that allows them to be operated

as true half-bridges. The nominal specification for the converter is given in Table. 2.1. The
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control for the converter was implemented on an Opal-RT OP5600 real-time simulation system.
This allowed testing of the controller in simulation models before implementation in hardware.
This allows changes to the controller to be rapidly implemented in the simulation model, before

being compiled and loaded on to the Opal-RT controller.

Table 2.1: Demonstrator Multilevel Converter Specification

Characteristic Value

DC Voltage +-750

Power Rating 15 kW

Number of Sub-Modules per Arm 10

Sub-Module Type Half/Full-Bridge

AC Voltage 1170 V (AAC) / 950V (MMC)
Sub-Module Capacitor 500/770/890/1160 uF
Transformer Arrangement Star-Delta

Transformer Turns Ratio 2.82

2.2 Controller and I/O system

The control signals from the OPAL to the sub-modules, as well as other ancillary circuits such as
the contractor control boards, are transmitted though fibre-optic links. The use of fibre-optics
ensures the OPAL remains isolated from the electrical circuit, as well as providing good noise
immunity for the control signals. The OPAL’s inbuilt digital out connections are connected to
an optical out board, for transmission through fibre optics. This is shown in Fig. 2.2a.
Currents and voltages within the converter are measured using LEM voltage and current
sensors, which provide isolated measurement using the Hall effect. The LEMs output a current
output proportional to the measured current on the primary side. This current is sent through
ribbon cables back to the OPAL analogue in measurement boards, shown in Fig. 2.2b, where
they are terminated through a resistor. The OPAL then measures the voltage across this

resistance. The signals are then scaled internally to give the correct magnitudes.
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(a) Optic fibres for digital out com- (b) Analog measurement boards and
mands terminations

Figure 2.2: I/O Arrangement at the back of the Opal-RT controller.

Numerous currents and voltages are measured for control and measurement purposes within
the converter. All six arm currents are measured, as well as the three secondary side AC currents
and the two DC currents. All sixty sub-modules have separate capacitor voltage measurements.

The primary and secondary side AC line voltages are measured, as well as each DC pole voltage.

2.3 Sub-Module Design

The sub-module is the most critical component within multilevel converters. As the converter is
designed for experimental work the sub-module was designed to be robust to both over-current
and over-voltage events. The sub-module design is shown from two angles in Fig. 2.3. The
sub-module is composed of two boards, one of which contains the capacitor bank and LEM
voltage transducer, and the other main board which contains the full-bridge arrangement of

IGBTs, gate-drivers and associated control circuit. The IGBTs are mounted on a fan cooled
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heat-sink which can be seen at the bottom of the board.

Figure 2.3: Sub-module design.

2.3.1 Control Circuit

A top-down view of the sub-module with the capacitor board removed is shown in Fig. 2.4. The
board is electrically split into two parts. The right-hand side contains the power circuit, while
the left hand side contains the control circuit, as well as the plugs which provide power to the

board.

Figure 2.4: Top-view of main sub-module board.
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On the left-hand side of the board, the power-plugs (white) can be seen. These were designed
so that many sub-modules could be daisy-chained together, rather than providing separate leads
to each sub-module. This plug contains a main 24V supply, and 12 V supply which is used to
power the sub-modules, and a shared return path for both supplies. The 24 V supply is used
to power the Traco Isolated DC-DC Converters which provide isolated power to the control
circuit, as well as to the gate-drivers in the power circuit

The control circuit is electrically isolated from both the supply circuit, and from the power
circuit. This was done to provide good noise immunity. Its power is derived through one of
the Traco Converters which provides 5 V. The inputs to the control circuit are three optical
receivers, which receive digital commands sent from the Opal-RT controller. These optical
receivers can be seen on the left-hand side of the board, in between the two white plugs. The
three signals are composed of an enable signal which de-blocks the sub-module when it is high,
a signal that controls what state the left-hand side of the full-bridge is in, and a signal that
controls what state the right hand side of the full-bridge is in. These signals from the optical
receivers are passed through an inverting Schmitt trigger buffer, which acts as a buffer to the
output for the optical receivers, as well as inverting the logic. The outputs of the Schmitt
trigger is passed to an IXDP 630 PWM Control Chip (16 pin DIP chip). This chip implements
the dead-time for each pair of IGBTs within the full-bridge, converting the three logical signals
received from the optical receivers into four signals which are sent to inputs of the gate drivers.
The length of dead-time applied by the PWM Control Chip is controlled by an RC oscillator
pair. The gate-drivers used are ADUM 4223 isolated half-bridge drivers, one is used for each
IGBT pair within the full-bridge. The input and output stage of the gate-driver is electrically

isolated from each other.

2.3.2 Power Circuit

The power circuit occupies the right hand side of the board. An isolation barrier runs through

the middle of the board, separating the control and power circuits. The ADUM 4223 acts as the
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interface between the control and power circuits, bridging the isolation barrier. Three TRACO
isolated power supplies provide power to the gate drivers on the power circuit. One of these
TRACO?’s provides power for the two low-side IGBT's, while the two high-side IGBTs each have
their own TRACO. The gate resistors for each IGBT can be seen at the top of the board in the
centre. Two film capacitors (red) can be seen located between each IGBT pair. This provides
high frequency filtering for the DC link in the sub-module. Two ten pin headers can are located
at the top and bottom of the power circuit. These are where the electrical connection to the
capacitor board is made. The external electrical terminals for the sub-module are located on
the right-hand side of the board. The terminal at the top-right of the board connects to the
mid-point of the left-hand IGBT pair. There are two terminal at the bottom-right of the board.
The terminal closest to the edge connects to the mid-point of the right-hand IGBT pair. The
other terminal is a tap point which connects to the negative point of the sub-modules DC bus.
This tap allows the sub-module to be operated as a true half-bridge, electrically bypassing the
right-hand IGBT pair.

The IGBTs used are IRGP4550DPBF ultrafast IGBTSs rated to block 600 V and conduct a
50 A load current continually at a case temperature of 100°C'. The nominal peak current that
the converter switches during normal operation is 10 A, while the nominal sub-module voltage,
depending on converter topology, is in the region of 110-170 V. The IGBTs were chosen to be
over-rated by such a large margin to account for fault situations. The IGBTSs are mounted on

a heat-sink which has its own cooling fan.

2.3.3 Capacitor Board

The capacitor board, which can be seen mounted on top of the sub-module in Fig. 2.3, contains
the capacitor bank which forms the sub-module capacitor, as well as the LEM voltage trans-
ducer which provides isolated measurement of the capacitor bank. It connects electrically and
mechanically to the main sub-module board through four sets of header pins, one pair of which

is purely there for mechanical reasons.
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The capacitor board has one main bank of five 100 uF capacitors in parallel. Switches then
allow 270 uF and 390 uF capacitors to be added to this bank, giving four possible sub-module
capacitor sizes. This variable capacitor arrangement was done as converter is designed to be
capable of operating as several different topologies, each of which has different stored energy
requirements. One design issue with this arrangement is the imbalance in size between some of
the capacitors, leading to uneven current sharing between the capacitors. Future revisions of
this board, which are being prototyped at time of writing, will feature three switch-able banks,

each formed of different numbers of the same capacitor, ensuring more even sharing of current.

The current loop output of the LEM sensor is transmitted back to the analog measurement
board at the OPAL through ribbon cables. One ribbon cable is shared between each set of 10

sub-modules within each arm.

2.3.4 Director Switch Design

The director switch within each arm, used for operation as an AAC, is formed of two series
IGBTSs, both driven by the same ADUM 4223 gate driver that is used within the sub-modules. It
design is derived from the sub-module design and uses the same heat-sink and board dimensions.

Its design is shown in Fig. 2.5.

Figure 2.5: Director switch design.
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The design target selected for the director switch was for it to be capable of safely switching
a 2 pu over-current while blocking the entire pole-to-pole DC voltage of 1500 V. To achieve
this two IXGX32N170H1 1.7 kV IGBTs operated in series were used. The propagation delay
between the two channels of the gate-driver were measured and found to be less than one
nanosecond. Under testing this was found to be close enough to ensure good transient sharing
of voltage between the two devices during switching operations. To absorb the inductive energy
stored within the arm inductors each IGBT has an RC snubber placed across it. The snubber
capacitors (blue) can be seen mounted on top of the director-switch, while the snubber resistors,
which are in a TO-247 package, are mounted on the heat-sink along with the IGBTs. A Metal
Oxide Varistor (MOV) is also placed across each device, this can be seen on the top of board,
mounted close to the snubber capacitor. This MOV protects the IGBTs in the event of an

over-voltage.

2.4 Overall Experimental Set-up

The overall experimental set-up used for testing the converter is shown in Fig. 2.6. The ex-
ternal grid voltage is generated by a controllable 90 kVA TriPhase converter. This allows the
AC voltage to be adjusted depending on which converter topology the multilevel converter is
operating as. It is also capable of synthesising AC side faults.

The DC bus is formed of two series operated 1 kV, 15 kW DC power supplies. For operation
during rectifying mode a bipole arrangement of 15 kVA TriPhase inverters is used in parallel
with the DC supplies.

For simulating DC side faults (credit to Geraint Chaffey and Philip Clemow) a fault resistor
and large IGBT are used. A protection circuit of thyristors are used to prevent the DC fault

from being applied to the TriPhase Bipole converters.
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Figure 2.6: Experimental setup for testing of multilevel demonstrator converter - Credit: Philip
Clemow

2.5 Experimental Results

The converter is used to generate results in several chapters within this thesis. Some selected
results and presented here to show the converters performance as both an MMC, and as an

EO-AAC.

2.5.1 Operation as Modular Multilevel Converter

Results from the converter when operating as an MMC are shown in Fig. 2.7. The converter
exhibits good performance, with high quality AC- and DC-side current waveforms. The sub-

modules voltages are also well controlled to their nominal set-point.
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Figure 2.7: Converter operating as an MMC at a set-point of 1 pu P and 0 pu Q.

2.5.2 Operation as Alternate Arm Converter

Results from the converter when operating as an EO-AAC in steady-state at 1 pu active power
(inverting) and 0.5 pu reactive power (capacitive) are shown in Fig. 2.8a. The converter exhibits
good performance, capable of generating low distortion AC side current waveforms. The DC
current is also free from six-pulse ripple, verifying the EO-AACs ability to generate a smooth
DC current without the need for a large DC side filter. The sub-module voltages are also stable
around their nominal set-point.

The voltage generated by each stack of sub-modules, the average SM voltages within each

stack, and director switch voltage of the upper arm of phase A over one cycle are shown in the
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Figure 2.8: Converter operating as an EO-AAC at a set-point of 1 pu P and 0 pu Q.

upper plot of Fig. 2.8b. The lower plot shows the arm current overlaid with the phase current.
It can be seen that for part of the cycle, the arm is conducting only the phase current. During
the overlap periods, the arm is conducting the phase current from a different phase, as well as
the DC current. When the director switch is open, the arm is not conducting and the director

switch and stack of sub-modules work together to generate the necessary voltage.
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2.5.3 DC Fault Test

The results from the EO-AAC withstanding a 200 ms fault on the DC bus is shown in Fig. 2.9.
Pre-fault the converter was set to -1 pu active power (rectifying) and -0.5 pu reactive power
(inductive). The controller is set to retain the reactive power set-point through the DC fault.
The results of this test are shown in Fig. 2.9.

At the instance of the fault, the DC bus voltage rapidly collapses with a large spike of the
DC current from the DC bus capacitor which reaches 68.5 A. This peak current is shown off
the scale of the plot to show the finer details of the DC current during the test. The DC bus
under-voltage event is detected by the control system, and the converter does not contribute
to the DC side fault current. The converter maintains good control over the AC side currents,
quickly dropping its active power and moving into STATCOM mode. The DC current can be
seen to go to zero after the DC bus capacitor has been drained.

After fault clearance the converter recharges the DC bus and resumes active power flow.
As the DC current is measured outside the DC bus capacitor, no current is measured during
the recharging stage until the bus voltage becomes high enough to forward bias the protection
thyristors.

The converter exhibits good ability to maintain the energy levels within the sub-modules
during the DC fault. A slight disturbance is seen at the start of the fault, however the energy
management system prevents the sub-modules from running away from their set-point. After the
fault clears, the sub-modules are returned to their nominal voltage levels within approximately

100 ms.
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and -0.5 pu Q. The format is the same as in Fig. 2.8a.
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3 Design of Modular Multilevel Converters

In this chapter, the design of Modular Multilevel Converters is investigated, with an emphasis on
the sizing of the sub-module capacitor and how this impacts the required number of sub-modules
in the converter. Analytic expressions for the current, voltage, power and energy deviation of
a stack of sub-modules within a converter stack are derived as a function of the converters
power set-point. These expressions are then used as the basis of a methodology that has been
developed to design a half-bridge MMC for a given P/Q specification. The requirements for
voltage source converters specified by the Grid Code of the Great Britain network are used to
provide a realistic design specification. The analysis for the MMC is then expanded to cover

the case of the Hybrid MMC, which is designed to be tolerant to DC faults.
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Figure 3.1: Schematic of Modular Multilevel Converter
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3.1 Overview of Major Works in Literature

The MMC was introduced as a concept in [18]. Its basic operation is described as well as early
control strategies for controlling the voltage of each sub-module within the converter. The main
advantages of the converter are identified, namely its modularity and easy scalability, as well as
the high quality waveforms that are achievable without any AC or DC side filtering equipment.

In [35] the authors investigate the interaction between the AC voltage and power set-points,
and the internal voltages and currents within the MMCs. The analysis is based upon the
voltage references for each stack of sub-modules, which are set as sinusoidal references which
sets the number of sub-modules that are inserted within each stack. As this techniques does not
account for the time-varying voltage within each sub-module some error is introduced between
the requested stack voltage, and the generated stack voltage. This causes a circulating current
to flow through the converter, which the analysis correctly predicts.

In [46], the required level of energy storage within an MMC is investigated. An expression
for the minimum energy storage requirement as a function of the peak rated sub-module volt-
age, nominal stack voltage and peak to peak energy deviation of the stack is derived. The
possibility of changing the nominal sub-module voltage depending on the converters set-point
is also explored. A case study finds that the minimum required energy level within a grid con-
nected MMC operated with third harmonic injection is in the region of 21 kJ/MVA, when only
set-points at unity power factor are considered.

In [39], the required sub-module capacitor size in both the modular multilevel converter, as
well and the alternate arm converter is investigated. The analysis is based on the assumption
that the ripple on the sub-module capacitor voltages be limited to +-10% of their nominal
value. The papers find that in the case of the MMC, the minimum energy storage requirement
to achieve this is in the region of 39 kJ/MVA, while in the case of the AAC the minimum energy
storage requirement is 12.5 kJ/MVA

In [47], the internal dynamics and control of MMCs are investigated. This paper proves that

the MMC can be analysed based upon the sum capacitor voltage, rather than the individual
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capacitor voltages, which simplifies the analysis. Expressions for the capacitor ripple voltage
are derived. Two controllers, which compensate for the capacitor ripple voltage and so reduce
the magnitude of any circulating current within the converter are also introduced.

In [48], two modulation methods for MMCs are compared. The first is direct modulation
whereby the reference signal for each stack directly controls the number of inserted sub-modules.
The second is modulation reference method takes account of the ripple on the capacitor voltage,
and so does not introduce an unintentional circulating current

In [49], a design methodology for dimensioning MMCs from an industrial perspective is pre-
sented. Unlike most other papers on the design of MMCs, this paper takes both the impact of
the converter transformer, and the variation in the AC voltage magnitude into account. Guide-
lines on the expected leakage reactance of a transmission scale transformer are given, as well as

the required size of the arm inductors.

3.1.1 Converter Design Requirements

As discussed in [49], HVDC converters must be designed so that they are capable of meeting
their contractual obligations for available active and reactive power capability. They must do
this while also meeting specifications for harmonic distortion and remaining competitive in terms
of efficiency. The GB Grid code gives the following specifications for grid connected voltage

source converters:

e Be capable of operating at full rated active power at a leading power factor of 0.95, and

a lagging power factor of 0.85, over an AC voltage variation of +5%.

e Be capable of remaining transiently stable through any AC side fault for a duration of

140 ms, and be capable of resuming at least 0.9 pu of pre-fault power within 0.5 seconds.

e Reduce active power output under AC fault conditions in proportion to the drop in AC

voltage magnitude.
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These requirements are used as the basis for the design of the converters in the following

sections.

3.2 Operating Limits

To make the best utilisation of the sub-modules the converter should be designed so that it can
properly operate across its entire P/Q specification. The design of the converter should be so
that a good balance between both the capital cost of the converter, and efficiency is reached.
The P/Q capability of multilevel converters is limited by four factors, which will be described

in the following subsections.

3.2.1 Current Limit

There is a limit imposed on converters P/Q capability by the peak current that the IGBTSs
within the converter can reliably continuously switch during normal operation. As will be
discussed in Section. 5.1.2, the IGBTs within the converter may be capable of switching off
currents significantly higher than the peak current rating of the valve. However they may not
be able to do so continuously due to the large thermal shock associated with switching off such
large over-currents. In addition fault events can cause a loss of current control, and so the peak
rating of the valve must be chosen so that the worst case over-current event can still be safely

turned-off by the IGBTs.

3.2.2 Peak Sub-Module Voltage Limit

One key design aspect of the sub-modules within MMCs, that will have a strong impact on
the expected reliability of both the IGBTs and sub-module capacitor, is the peak rated voltage
that the sub-module is designed to be capable of continuously operating at [49]. To prevent
this peak rated voltage from being breached during normal operation, the nominal voltage that

the sub-modules are operated at must be chosen so that the peak voltage reached by the sub-
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modules under the worst case normal operating condition does not exceed this limit. This is

illustrated in Fig. 3.2.

Sub-Module Voltages

Peak Rated Voltage

Nominal Voltage

0 0.005 0.01 0.015 0.02

Figure 3.2: Sub-module voltages fluctuating around the nominal voltage, but staying below the
peak rated voltage, over the course of one cycle.

A HVDC converter might be expected to have a service life of 20-30 years (175200-262800
hours), with maintenance intervals every 1-2 years. To achieve this the sub-modules themselves
must be designed for reliable operation. The failure rate of IGBTs and diodes is strongly
influenced by the DC bus voltage that they are operated at [50]. This is due to cosmic ray
induced failure mechanisms. For example, taking the data from [50], the failure rate due to
cosmic ray induced mechanisms for an ABB 5SNA 1200E330100 device operated at a DC bus
voltage of 2000V is 50 Failure in Time! (FIT), while at 2100V it is 1200 FIT, and at 2200V it
is 7000 FIT.

The film capacitors used within power applications also have limitations on the peak voltage
that they can withstand. Events like an over voltage can cause a breakdown in the plastic film
dielectric that is used to form the capacitor [51, 52]. Film capacitors have a self-healing property

under this condition whereby the breakdown causes a plasma to be formed by the dielectric at

!The term Failure in Time (FIT) is defined as a failure rate of 1 per billion hours of operation
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the breakdown point within the layer. This plasma evaporates the metal conducting layer near
the breakdown region, the rapid expansion of this combined plasma then cools and causes an
insulating layer to be formed over the breakdown region, stopping the discharge. Other events
like partial-discharge caused by air bubbles being formed between the internal layers of the
capacitor also cause damage and a reduction in the overall capacitance of the capacitor. Both
of these events are related to the voltage stress applied across the capacitor, as well as external

factors such as temperature and humidity.

3.2.3 Voltage Limits

If the converter is put into a situation where it can no longer generate the necessary voltage,
then the converter will lose some measure of current control. The effects of this could vary from
a small disturbance to the harmonic quality of the current waveforms, to a dangerous over-
current event. There are two voltage limits that restrict a half-bridge MMC’s P/Q capability,

both of which are illustrated in Fig. 3.3, and are detailed in the paragraphs below.

Stack Voltage
T

T
= Vey

Stack Voltage
Over-Modulation Limit

1 1 1 1 1 1 1 1 1
0 0.002 0.004 0.006 0.008 0.01 0.012 0.014 0.016 0.018 0.02

Figure 3.3: Voltage generated by a stack of sub-modules within an MMC. The sum voltage
capability of the sub-modules defines the maximum voltage that can be generated by the stack,
while the use of half-bridge sub-modules prevents the stack from generating a negative voltage
output.
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The first voltage limit that restricts an MMC’s P/Q capability is termed the over-modulation
limit within this thesis. The peak phase voltage that the converter can generate is bound by the
DC pole voltage. In a half-bridge MMC that uses half-bridge sub-modules, the minimum voltage
that a stack can generate is limited to zero volts. This prevents the converter from generating
a voltage greater than the DC pole voltage. Attempting to generate a voltage higher than the
DC pole voltage (i.e attempting to over-modulate) will result in an uncontrolled current flow
from the AC to the DC system, with a potential disturbance to the DC voltage levels of the

system.

The other voltage limit imposed on the converters P/Q capability is termed the stack voltage
limit. This limit is imposed by the voltage capability of each stack of sub-modules within the
converter, given by the instantaneous sum of the capacitor voltages within each stack. Due to
the cycle-by-cycle ripple imposed on the sub-module capacitor voltages, the voltage capability
of each stack is a time varying value. If the converter attempts to generate a voltage greater
than the available voltage within the stack, then the stack will saturate to this value, leading
to a loss of current control as the converter can no longer meet the voltage demand from the

current controller.

Figure 3.4 shows two simulation results of an MMC losing current control. The first simulation
shows it losing control due it breaching the over-modulation limit, and the second due to
breaching the stack voltage limit. The results shown focus on one arm of the converter. In the
case of the loss of current control due to breaching the over-modulation limit, shown in Fig. 3.4a,
the converters capacitive power set-point was increased while its active power set-point was set
to a fixed amount. As the reactive power set-point increases the converter attempts to over-
modulate its output but cannot, resulting in current control being lost. This result in distortions
to both the phase currents and to the arm currents. The initial loss of current control due to the
attempt to over-modulate then results in a disturbance to the energy levels within the converter,

resulting in the stack voltage limit then being breached.

In the case of loss of current control due to breaching the stack voltage limit, shown in
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Fig. 3.4b, the converters inductive reactive power was ramped upwards while its active power
set-point was fixed. In this case the voltage that the converter must generate reduces. However
the sum voltage ripple on the sub-module capacitors increases, causing the available voltage
within the stack of sub-modules to intersect with the requested demand from the current con-
troller. The stack can no longer generate the required voltage and distortions to the arm current

waveforms result.
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Figure 3.4: Current control loss in a modular multilevel converter.

3.3 Half-Bridge Modular Multilevel Converter

This section details a derivation of general expressions for the currents, voltages, power ex-
change, and energy deviation of the stacks of sub-modules within a modular multilevel con-
verter. These derivations are then used to formulate a dimensioning methodology for rating
an MMC for a given P/Q specification, whilst making the best utilisation of the sub-modules

within the converter. This method is easily automated, which allows numerous designs to be
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compared. This design methodology for the half-bridge MMC is then later modified for the case
of the Hybrid MMC, which is detailed in Section. 3.4.

3.3.1 Derivation of expressions for the converters internal voltage, current

and energy deviation waveforms

This subsection details the derivation of expressions for the arm currents, the stack voltage, and
the stack energy deviation as a functions of the converters set-point, AC voltage magnitude, DC
voltage magnitude, arm inductor size, and leakage inductance of the converters grid interface
transformer. The derived expressions are then later used to design the converter for a given
P/Q specification.

For clarity the following definitions are used within this thesis. A converter arm refers to all
components that are located between the AC phase connection point at the converter side of the
grid interface transformer, and and a DC connection point. The MMC therefore has six arms,
two per phase, each containing an arm inductor and a series arrangement of sub-modules. The
arm within a phase that connects the AC point to the positive DC connection point is referred
to as the upper arm, while the arm that connects the AC point to the negative DC terminal is
referred to as the lower arm. An arm current refers to the current flowing through one of these
arms. The stack voltage refers to the voltage generated by the stack of sub-modules within a
converter arm, excluding any voltage across any inductance within the arm.

The following definitions for the power generated by the converter are used, and are illustrated
in Fig. 3.5. Positive active power refers to power that is delivered from the DC system to the AC
system (inverting), while negative active power refers to power delivered from the AC system to
the DC system. Positive reactive power is capacitive (i.e the converter is generating a voltage
higher than the AC grid it is connected to) while negative reactive power is inductive (i.e the
converter is generating a voltage lower than the AC grid it is connected to).

The derivations are done using the assumption that the ratio of the AC to DC voltage ratios is

a variable. In a half-bridge MMC, this ratio has strict limits imposed by the converter inability
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Figure 3.5: Real and reactive power definition used within thesis. Positive active power is power
delivered by the converter from the DC system to the AC system. Positive reactive power is
capacitive power delivered to the AC system.

to generate a voltage higher than its DC pole voltage. However later in the chapter, an MMC

variant which is capable of over-modulating is considered.

The modulation index of the converter, m, is used to define as the ratio between the nominal
peak phase voltage, to the DC pole voltage, as given in (3.1). A modulation index of 1 implies
that the converter is generating an AC voltage waveform in which the peak of the phase voltage

is equal that of the DC pole voltage.

v
Vhase (wt) = m—Z sin(wt) (3.1)

In this work the modulation index is chosen to refer to the relationship between the magni-
tudes of the peak AC phase voltage at the point-of-common coupling with the grid, and the
nominal DC voltage at the positive pole of the DC bus. The voltage at this point can be written
as (3.2). Kac is used to represent the variation in the AC voltage around its nominal value.

This variation is typically in the region of +5%.

>
Vpee(wt) = mKAC%Csin(wt) (3.2)

Rearranging (3.2) allows the RMS line voltage to be expressed as a function of the modulation

index, and the DC voltage, as given in (3.3).
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\% 3
ViL = mKAC%C 3 (3.3)

The converter will typically be interfaced to the AC grid through a transformer. This allows
the voltage at the converter side of the transformer to be selected to make the most utilisation
of the DC terminal voltage. The inclusion of a delta winding on the converter side of the
transformer also prevents any zero sequence components from entering the AC system. This
also gives the added benefit of allowing the converter to be operated with third harmonic
injection, enabling the converter to boost its AC voltage output by an additional 15% [53].

The leakage inductance of a transmission scale transformer is significant, in the region of 0.14
pu [49]. The voltage rise across the converter transformer can therefore not be ignored when
calculating the internal voltage waveforms within the converter. In addition, any any P/Q set-
point calculation should be done referenced to the converters point of common coupling (PCC)
with the AC grid, rather than at the converter terminals. Failing to do so ignores the relatively
large reactive power demand of the transformer itself. In addition to the leakage reactance of
the transformer, the MMC also has inductors located within each arm of the converter. These
exist for control purposes, and to limit the rate of rise of current through the converter during
fault scenarios. A single phase presentation of an MMC is shown in Fig. 3.6a, where Lypqsc is
the leakage reactance of the converter transformer, and L, gives the size of the arm inductors.

In an MMC, the phase current is split evenly between the upper and lower arms. The result
is that the voltage placed across the upper and lower arm inductors are equal in magnitude,
but electrically shifted by half a cycle. The voltage at the top of the upper inductor, and the
voltage at the bottom of lower arm inductor are therefore the same. This means that from the
AC side, the two phase inductors appear in parallel, while they represent no impedance from
the DC side during steady-state operation [54].

To simplify the analysis, it is useful to exploit this fact and do the analysis based on a virtual
AC point (V.), that represents the voltage at the top of the upper arm inductor, and the bottom

of the lower arm inductor. This allows the converter to be represented as in Fig. 3.6b, with the
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arm inductors appearing in parallel with each other, and in series with the leakage reactance of

the transformer.

Voc/2
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(a) Arm inductors included within the arms of (b) Arm inductors referenced to AC side.

the converter.

Figure 3.6: Single phase representations of a modular multilevel converter.

The voltage at the this virtual point, V¢, can be then calculated from (3.4), where Sp. is the

complex power as measured at the pcc.

*

S .
‘/C = Vpcc + %]W<Lphase +
pcc

Lstack )
2

This can be expressed using the per unit system as in (3.5).

|Specpa|”
Kac

Speeoul| .
= (KAC + |IP(CZI;3 Sln(¢pcc)(Xphasepu +
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2
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The voltage at V. can then expressed as in (3.6), where the value of K, is given by (3.7).

Ve(wt) = mK Vpe sin(wt) (3.6)
} Spccpu . Xarmpu ? | Spccpu Xarmpu ?
K. = (KAC + 7KAC Sln(¢pce)(Xphasepu + 9 )) + ( Kac COS(¢pcc)(Xphasepu + 5 ))

(3.7)

To calculate the phase current it is also useful to calculate the AC side power as measured at

Veonw- This can be calculated as in (3.8).

*

onvpu hasepu

Ve
X S
pCC u - armpy PCCpu
( ac T L ](Xphasepu + Tp> TaZ

Sconvpu

—_—
IS + j Spccpu Spccpu
PCCpu P}
Kac
2

15,
J 7(Xphasepu + Xarmpu/Q) (38)

(‘vahascpu + AXarrnpu /2)

= Spccpu +

3.3.1.1 Derivation of Arm Current

The currents flowing through the converter can then be derived based upon the converters P/Q

set-point and the AC voltage magnitude, in this analysis both referenced to V .

The phase current, Iphase, can be given as in (3.9), where ¢ is given by ZS..

[Sel

3V,

Iphase(wt) = sin(wt — ¢c) (3.9)

Subbing in (3.3) allows the phase current to be given in terms of the DC voltage and the

modulation index. This is given in (3.10).
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[Sel

2
2 el g _ 1
S mE Voo sin(wt — ¢) (3.10)

Iphase (Wt) -

The DC current can be expressed as in (3.11), where Kpc is a scalar used to represent any

deviation of the DC voltage from its nominal value.

|Se| cos(dc)
Ipc = ———-— 3.11
e = S (3.11)

In an MMC operating under balanced conditions the phase current is split evenly between
the upper and lower arms, whilst the DC current is divided equally between all three phase

legs. The arm current flowing through the upper arm of a phase leg can then be expressed as

in (3.12).

|Sc| cos(¢c)
6KpcVpe

Se )
Tack(wt) = #sm(wt — ¢e) +

= 12
3mK: Vpc (3.12)

3.3.1.2 Derivation of the power and energy exchange of a stack of sub-modules

The voltage generated by the stack of sub-modules within the upper arm of the converter, Viiack,
is given by the difference between the DC voltage and the voltage at V.. Assuming the use of
third harmonic injection, with the magnitude of the third harmonic given by a scalar (Ks.q)

relative to the magnitude of the fundamental, the voltage of the stack can be written as in

(3.13).

Vitack(wt) = KpcVpe — (mK Vpe sin(wt) + KaamKVpc sin(3wt)) (3.13)

The power exchange of the stack can then be written as a product of the arm current and

the stack voltage as in (3.14).
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Pack(wt) = (KDCVDC — (mKCVDC sin(wt) + KsqmK:Vpo sin(3wt)>

Sl cos(¢e)

X (’57C| sin(wt — ¢c) + T
DC

3.14
3ImK . Vpc ) ( )

Expanding terms, Pstacx can be then be written as (3.15).

_|Sel { Kpc B 1 L . B
Pipack (wt) = 3 | Kom sin(wt — @) + 5 cos(¢e) — sin(wt) sin(wt — @)
= e (o) sin(wt) — Kspa sin(3wt) sin(wt — é0) — 234 o6 ) sin@wt) | (3.15)
2Kpc 2Kpc

Integrating this stack power allows the exchange of energy between the stack of sub-modules

and the AC and DC systems, AFjgtack, to be derived. This is given in (3.16).

AFEgtack(wt) = || ( _ Kbe cos(wt — ¢c) + %cos(qbc)wt + isin(th — ¢c) — %cos(gbc)wt

3w mK,
K. Kspq . _ KsamK.
+ QT;L(DC cos(wt) cos(pc) + ; d (sin(4wt — ¢c) — 2 sin(2wt + ¢c)) + 7227;10 cos(¢e) cos(3wt)>
(3.16)
Simplifying this gives (3.17)
_ ’SC| KDC 1 .
AEgack(wt) = " K. cos(wt — ¢¢) + : sin(2wt — @)
C K T . K T . K T KC
+ cos(wt) cos(pe) — —> d sin(2wi+ o)+ — d sin(dwt— o)+ —od e drm cos(3wt) cos(¢)
2Kpc 6 Kpc
(3.17)
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The overall time varying energy within the stack (Egtack) can be then be calculated by adding
the energy exchange of the stack to the nominal amount of stored energy within the stack, as

in (3.18).

Estack(Wt) = Enom + AFstack (Wt) (3'18)

Assuming that divergence of the sub-module capacitor voltages from each other relatively
small, the available voltage within the stack, Vi, given by the sum of the instantaneous

sub-module capacitor voltages, can then be calculated as in (3.19).

2E‘stack <Wt)

Vavail (Wt) = C/N

(3.19)

The average sub-module voltage can then be calculated by dividing the available voltage

within the stack, by the number of sub-modules, as in (3.20).

Vavail (Wt)

VMayg (WE) = N

(3.20)

Figure 3.7 shows energy deviation waveforms of an MMC with m=0.95, normalised by the
apparent power as measured at the PCC, at four different operating conditions. As there are
no DC terms within the energy deviation expression the net exchange of energy into and out of
the stack of sub-modules within the converter arm can be seen to be zero over each fundamental
cycle.

The normalised peak and minimum energy deviation of an MMC with m=0.95, with variation
in the converters power angle, is given in Fig. 3.8. The peak and minimum values can bee seen
to be symmetric for rectifying and inverting operation. The peak energy deviation can be seen
to be larger for capacitive power factors. The minimum energy deviation however significantly

greater for inductive power factors, than for capacitive power factors.
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Figure 3.7: Energy deviation of a stack of sub-modules in an MMC with m=0.95.
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Figure 3.8: Normalised peak and minimum energy deviation of the MMC with variation in the
power angle. Converter operated at a modulation index of 0.95.
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3.3.1.3 P/Q Capability Diagram

Using the above derivations it is possible to generate a P/Q capability graph for an MMC. This
is done by sweeping the converters set-point results across a mesh-grid and then finding the
critical points which cause an operational limit to be breached. An example P/Q capability
graph is given in Fig. 3.9.

In general, the following observations can be made; The capacitive reactive power-capability
is limited by a combination of the over-modulation limit and the peak sub-module limit. The
converters inductive reactive power capability is limited by the stack voltage limit. At power
factors close to unity the converters active power factor is limited by the arm current limit. As
the converters power factor is then moved away from unity, it is then limited by one or more of

the other limits.

3.3.2 Design of the MMC for a Given P/Q Specification

The derivations in the above section allow the P/Q capability of an MMC to be analysed for
a given AC voltage variation, sub-module capacitor size, number of sub-modules and nominal
sub-module voltage. However to make the best utilisation of the sub-modules, and so maximise
the converter’s efficiency, the converter should be designed so that the outer limiting factors on

its P/Q capability, intersect with the converter’s design specification.

3.3.2.1 AC Voltage Selection

The maximum output voltage of the half-bridge MMC is constrained by the DC terminal voltage.
For efficiency reasons it is desirable to operate with the highest possible AC to DC voltage ratio,
whilst still being able to meet the P/Q specification across the given variation in AC voltage.
This minimises the magnitude of the AC component of the arm current, which in turn then
impacts the energy deviation of the overall stack, and the sub-module capacitor ripple.

As the phase voltage at the converter terminals can be described as (3.7), where the value of

K. can be calculated from (3.21).
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Ve(wt) = mK Vpe sin(wt) (3.21)

The use of third harmonic injection allows the peak of the AC phase voltage to be boosted
by 15% above the DC terminal voltage [53]. Some safety margin should be included within the
design. This can be included in the design process by the introduction of an over-modulation
safety factor (KmOdsafety)7 which defines how close to the DC terminal voltage the converter is

allowed to come. Setting the peak allowable voltage, defined in terms of K04 equal to the

safety ?

peak of the converter voltage gives (3.22).

1
(1= Knmod,y, V0 = 71z mEeVie (3.22)

Rearranging this in terms of the modulation index, and subbing (3.7) in for K, gives the
expression (3.23), which can be solved to find the maximum allowable modulation index. By
sweeping across the outer points of the P/Q specification, the limiting case can be found.
Typically the limiting point is rated active power, rated capacitive power at the maximum

rated AC voltage above nominal.

(1= Kmodyyop,) ¥ 1.15
m =
S CCpu . Xal‘m u 2 S CCpu Xarmpu 2
\/(KAC + TR sin(Gpee) (Xphasep, + —52)) + (FFr2 co8(@pee) (Xphasep + —52))

(3.23)

3.3.3 Design with a known Nominal Energy Storage

Methodologies for designing an MMC from two separate starting points are presented. The
first starting point, presented in this sub-section, assumes that the converter will be designed
using a known nominal energy storage within the converter stacks, and with a defined maximum
voltage rating on the sub-module. The required sub-module capacitor size, nominal sub-module

voltage and minimum number of sub-modules are then solved for. The nominal energy storage
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represents the sum of the energy stored within each sub-module capacitor within the stack, when
the sub-module capacitor is at its nominal voltage level. The second methodology, described in
Subsection. 3.3.4, allows the converter to be designed when the size of the sub-module capacitor

is already known.

3.3.3.1 Solving for the Nominal stack Voltage

When designing the converter, it is important to consider some safety margins to allow for
disturbances to the energy levels within the converter due to fault conditions. These safety
margins can also be used to account for the failure of sub-modules within the converter over
time. The energy safety margin, Fgafety, introduced here represents the amount of energy that
a converter stack can be perturbed downwards, and still be capable of generating all specified
PQ set-points across the specified variation in AC and DC voltages.

The maximum voltage that the converter stack is capable of generating is given by the sum
of the sub-module capacitor voltages within the stack. This voltage is a time varying value due
to the energy deviation of the stack over each cycle. When dimensioning the converter, it must
be ensured that the converter has sufficient voltage capability to meet the voltage demand at all
operating points across the specified variation in external grid conditions. At the same time, it
is desirable to include the minimum amount of sub-modules required, with some safety margins
added, to maximise the converters efficiency.

The nominal rated stack voltage, Viated, 1S given by the sum of the sub-module capacitor
voltages, when the sub-modules are all balanced and at their nominal voltage. This is expressed

in (3.24)

erated =N x VSMnom (324)

Fig. 3.10 shows the stack voltage and stack energy of an MMC when it is operating at its
design limit. The available voltage within the stack, considering the safety margin, intersects

the stack voltage at one point during the cycle, denoted wtcyit.-
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Figure 3.10: Stack voltage and stack energy levels when the converter is operating against its
limit. Top: Stack voltage, available voltage and available voltage with safety margin. Bottom:
Stack energy, stack energy with safety margin and instantaneous required energy to meet voltage
demand.

At this point in the cycle, when all sub-modules within the stack are inserted, i.e. the stack
is generating its maximum possible output voltage, the energy within the stack (FEstack) can be

calculated from (3.25).

1C
FEgtack (Wtcrit) = 5 sttack(Wtcrit)2 (3'25)

The stored energy within the converter stack can also be described as the nominal energy
within the stack, E,om, plus the cycle-by-cycle variation of the energy, AFE(wt), minus the

safety margin in terms of energy, Fg,fery. This is expressed in (3.26).

Egtack(wt) = Enom + AE(wt) — Egafety (3.26)
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The nominal energy within the stack can be calculated from the nominal voltage rating of

the stack of sub-modules, as given in (3.27).

1C
Enom:** rate 2 2
5 NV ted (3.27)
Substituting (3.27) into (3.26) gives (3.28).
1C 9
Estack(Wt) = §N‘/rated + AE(Wt) - Esafety (328)
(3.25) and (3.28) can be equated to give (3.29).
1C 1C
§N‘[stack(Wtcrit)2 = iﬁ‘/rated2 + Al?((f‘-)tcrit) - Esafety (329)

Dividing both sides of (3.29) by the expression for the nominal energy given in (3.27) gives
(3.30).

Vstack(Wtcrit)2 — 14 AE(Wtcrit) + Esafety

3.30
V;ated Enom Enom ( )

This can then be rearranged in the form of (3.31), which gives the required rated voltage of

the stack.

1

+ AE(Wtclrit) _ Esafety
Enom Enom

(3.31)

Viated = Vstack(Wtcrit)\/ 1

By sweeping the converters set-point across the outer points of the given P/Q specification,
and the given AC and DC voltage variation, the worst case value can be found for the rated
voltage of the stack can be found. The worst case values of Viger (Wterit) and AE(wteit) can

then be denoted as V.Mt and AEt, respectively.

stack
The value of wt.-;+ can be found be finding the maximum value of the difference between the

square of the stack voltage, normalised by the square of the peak stack voltage, and the energy
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deviation of the stack, normalised the nominal energy stored within the stack. This can be

expressed as in (3.32).

V. t)2  AE t
Whepit = arg HS%X { stacic (WQ) o ;ack (w ) } (3.32)
stack nom

3.3.3.2 Solving for the Sub-Module Capacitor Size and Nominal Sub-Module

Voltage

Once the rated voltage of the stack has been determined, the nominal sub-module voltage,
VoMo, and the sub-module capacitor size, C', must be found. To make the best utilisation
of the sub-modules this peak continuous voltage rating of the sub-module should be reached
under the worst case operating condition under steady-state operation [49]. To solve for this
condition it is useful to assume that the sub-modules are all tightly controlled around their
mean value, and then solve for the peak rated mean sub-module voltage (V™). For practical
dimensioning, the value of Vi* could be reduced by a margin (1 — «) below the actual peak

sub-module limit. The size of this margin would then be dependent on the sub-module voltage

balancing algorithm used. This is illustrated in Fig. 3.11.

In a similar manner to how the rated voltage of the stack was solved for it is useful to solve
for the nominal sub-module voltage on an energy basis. This can be done by equating the
difference between the energy within the sub-module when it is at its peak rated voltage and
when it is at its nominal voltage, with the peak positive energy deviation of the overall stack.

The nominal energy within a sub-module can be given by (3.33).

EHOI‘H
ESMnom = N

(3.33)

The nominal energy within the stack (Eyom) can be written in terms of the rated stack voltage,

as in (3.34).
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Figure 3.11: Sub-module voltages and stack energy levels when the converter is operating against
the peak sub-module voltage limit.

1C

Enom = ——
nom 2N

‘/ratedQ (334)

Rearranging (3.34) in terms of N gives (3.35).

_ C'Vlrated2
2E1nom

N (3.35)

Subbing (3.35) and (3.34) into (3.33) allows the nominal sub-module energy to be expressed
in terms of the nominal stack energy, the sub-module capacitor size and the rated voltage of
the stack. This is expressed in (3.36).

2F2

EsMpom = 5 (3.36)
Cv}ated2
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The energy within a sub-module when it is at the peak rated mean voltage can be expressed

as in (3.37).

1
By, = 5CVAT (3.37)

The nominal energy within the stack can be expressed as in (3.34), in terms of the rated
voltage of the stack, the sub-module capacitor size and number of sub-modules.

The nominal energy within the sub-module, Egpn can then be given by the maximum

sub-module energy, minus the maximum positive energy deviation of an individual sub-module.
Assuming that the voltage balancing algorithm keeps the sub-modules voltages to within a tight
tolerance band, the maximum positive energy deviation of a sub-module can be considered to
be the maximum positive energy deviation of the overall stack under the worst case operating

condition (AE), divided by the number of sub-modules within the stack. The nominal sub-

module energy can be expressed as in (3.38).

1 max2  AFE
ESMnom = §CVSM 2 - T (338)
Subbing in (3.35) gives (3.39)
1 s 2BnomAE
E — = max2 ]
SMnom ZCVSM C‘/;Qated (3 39)
Equating (3.36) and (3.39) gives (3.40).
2F2 1 5 2FEnemAE
— 2 = VR - ——— 3.40
C‘/rited 2 M Cv;ited ( )

Rearranging in terms of the sub-module capacitor, C, gives (3.41), which allows the required

capacitor size to be found.

4Fpom (Enom + AE
o (Enom + AE) (3.41)
v dVSnI\l/iLX

rate
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The number of sub-modules within a stack, N, and the nominal sub-module voltage, Vsas nom

can then be solved from (3.42) and (3.43).

1 C
N = 2B 2 ted (3.42)
V,
ViMuom = 77 (3.43)

3.3.4 Design with a known sub-module capacitor size

For practical reasons, it may be desirable to design a converter with pre-determined sub-module
capacitor size. This could be due to limited variety of available capacitor sizes, or if the sub-
module capacitor is a standard design which is used for numerous different projects, which may
have varying specifications in terms of P/Q capability and AC voltage variation. This can be
done by first solving for the critical angle, and then simultaneously solving for the nominal

sub-module voltage and the rated stack voltage.

3.3.4.1 Condition on the Peak Sub-Module Voltage

The nominal energy within a sub-module can be expressed as in (3.44), based upon the maximum
allowable sub-module voltage, the peak positive energy deviation of the stack and the number
of sub-modules. It can also be written as in (3.45), based upon the nominal sub-module voltage
and number of sub-modules within the stack.

AE

1 2

(3.44)

1
ESMnom = §CVS2Mn0m (345)

Equating (3.44) and (3.45) and rearranging in terms of the nominal sub-module voltage gives
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(3.46)

2AE
VaMuom = |/ Vinax? — NC (3.46)

3.3.4.2 Condition on the Stack Voltage Limit

The condition for the stack voltage can be solved for as follows. At the critical angle, the energy

within the stack (Egtack) is given by (3.47).

1C
Estack(Wtcrit) = *7Vstack(W7fcrit)2 (3'47)

2N
The stored energy within the converter stack can also be described as the sum of the energy
within the sub-modules at their nominal voltage, plus the cycle-by-cycle variation of the energy,

AFE(wt), minus the safety margin, E.

sufety- LNis is expressed in (3.48).

1
Estack(Wt) = N§CVSQMI,OH] =+ AE(Wt) - E;z;fety

(3.48)

(3.47) and (3.48) can be equated to give (3.49), which is only valid at the critical angle
(Wt ). The unknown expressions within this equation are the number of sub-modules (N), and

the nominal sub-module voltage (Vam, .. )-

1C

1
5sttack((*)tcrit)2 = ]\75(7‘/5Mnmn2 + A-E’("’Jtcrit) - E+

safety

(3.49)

The exact location of the critical angle is dependant on the level of energy storage within the
converter governed by both N and Vg, and is closely correlated with the lowest energy and

highest voltage points of the stacks.

Taking (3.49) and dividing both sides by the expression for the nominal energy (given by
N3CVE&, ) gives (3.50).
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+
Vs2tack (wt) . AE(Wt) - Esafety (3_50)

NQVgMnom a N%CVSMnom

Rearranging this expression gives (3.51).

L 3.51
AE(wt)—ET (3.51)

safety
1 2
N 2 CVS]\/Inom

NVsityom = Vstack(wt)
1+

The critical point is the point which maximises (3.51), i.e maximises the required voltage
capability within the stack. When first solving for this point an estimate for the nominal
energy (ESS ) within the converter can be made. The critical angle can then be found from
(3.52). To ensure the critical angle has been found, the entire design process can be iterated
with the value of E¢! updated based on the previous results. This has been found to converge

nom

within 1-2 iterations of this process.

1
Wtepit = arg max Vitack (wt) N (3.52)
1 + Eest E—

nom

3.3.4.3 Solving for the number of Sub-Modules and the nominal Sub-Module

Voltage

Substituting (3.46) into (3.51), simplifying and then grouping terms gives the third order polyno-
mial expression (3.53). Solving for the roots of (3.53) and then choosing the lowest positive root
(in order to maximise the converter’s efficiency) that satisfies the condition: Vg < Vo™,

nom —

gives the required number of sub-modules within the stack.
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C ~
V(G VRE) + 2 (Va2 (— KB+ AB(wte) = Bl
. 2AE .
— (AEVSHIQ/?X2)> + N( - T( - AE + AE(WtCTit) - E;z;fety)
C

- 5 Snle/[axz‘/stack(“’tcrity) + Vvstack(Wtcrit)QAAE =0 (353)

The nominal sub-module voltage can then be found by substituting the resulting value of N
into (3.44). To design for a given P/Q specification, the required value of N can be checked for
each outer point of the P/Q specification, with the values of Vsﬁéggk and AE recalculated for
each operating point. The maximum value of AE across the P /Q specification. The required

number of sub-modules can then be taken as the resulting worst case value of N.

3.3.5 Analysis

Ib:ThermalChap Using the methods detailed in the sections above, a sweep of converter designs
with variation in both the nominal energy storage and the sub-module capacitor size are made
for a converter designed to meet the GB grid code requirements. The design specifications of
the converter are given in Table. 3.1. Arm inductors that are 0.2 pu in size are chosen based
upon the results presented in [49]. The energy safety margin was chosen as 3 kJ/MVA based
upon simulation experience of AC fault ride through requirements. The DC voltage was chosen
based on rating of the maximum available XLPE cable [55]. A 1500 A DC current was chosen
to line up with the IGBT that is modelled in the following Chapter 4. A K04, fety value of
0.05 was chosen to give some control margin in case of variations in the DC voltage, without
excessively de-rating the converter. Accurately setting this value would require a full system
study to be undertaken.

The results of the sweep of converter designs are shown in Fig. 3.12a and Fig. 3.12b respec-

tively. It can be seen that as the nominal energy of the converter is decreased the required

number of sub-modules within the converter increases rapidly. This is because the ratio of the
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Table 3.1: Modular multilevel converter design specification.

Characteristic Value
Rated Power 1575 MW
Rated DC Current 1500 A
DC Voltage +525 kV
AC Voltage Variation +5%
Transformer Leakage Reactance 0.14 pu
Arm Inductor Size 0.2 pu

Peak Rated Sub-Module Voltage 2000 V
Over-Modulation Safety Factor  0.05
Energy Safety Margin 3 kJ/MVA
Kinod 0.05

safety

energy deviation of the stack, to the overall energy within the stack increases. To compensate
for this, the sub-module voltage must be reduced in order to prevent the peak sub-module limit
from being breached while at the same time the overall rated voltage of the stack must be
increased in order to prevent the stack voltage limit from being breached.

Most work on the design of the MMC has assumed that the rated voltage of the stack is
equal to the DC pole to pole voltage. Using this analysis it can be seen that this condition is
satisfied when the nominal energy within the converter is ~35 kJ/MVA, or with a sub-module
capacitor of ~9 mF. In [46] it was estimated that the minimum energy storage requirement was
22.5 kJ/MVA. However this values was estimated assuming the converter only operates at unity
power-factor, without variation in the AC voltage. When the energy levels within the converter
are increased past ~35 kJ/MVA, the rated voltage decreases slightly below the DC pole to pole
voltage and settles asymptotically, with little reduction in the required number of sub-modules

once the stored energy within the converter is increased past ~40 kJ/MVA.

3.3.5.1 Analysis Verification

To verify the analysis, a detailed simulation of a converter using the parameters of an MMC

designed with 30 kJ/MVA. The P/Q capability graphs for this converter are shown in Fig. 3.13.
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Figure 3.12: Design of a Modular Multilevel Converter to meet the GB grid code requirements.

The GB Grid Code P/Q specification is shown in the black rectangular box.

Four outer points of the P/Q envelope were tested using the simulation model. The results

of these tests are shown in Fig. 3.14. As expected the converters P/Q capability is limited by

one of the limiting factors at each point tested, with the simulation results agreeing with the

analytic results with close approximation.
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Figure 3.13: P/Q capability graphs of an MMC with 30 kJ/MVA energy storage designed to
meet the GB grid code requirement.
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Figure 3.14: Simulation verification of converter P/Q capability. Top sub-plot shows the stack
voltage, sum sub-module voltage and asafety margin. Middle plot shows arm current. Bottom
plots shows the average sub-module (SM) voltage. Operating limits shown in dashed lines.
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3.4 Hybrid Mixed-Stack Modular Multilevel Converter

The previous section focused on the design of the half-bridge MMC. This topology delivers a
converter with high efficiency and controllability. However it remain weak to DC side faults due
to the half-bridge stacks inability to generate a negative voltage output. If fault tolerance is a
required feature of the converter, as it may be in overhead line applications or multi-terminal
networks, than this issue could be solved by replacing the half-bridge sub-modules with full-
bridge sub-modules. However this leads to a doubling in the conduction losses within the
converter. An interesting compromise between these options is a hybrid design [56], where each
stack contains a mixture of half-bridge and full-bridge sub-modules. By including a sufficient
level of full-bridges within the stacks, the converter could be designed to be DC fault tolerant,
without compromising the overall efficiency of the converter to the same extent that a wholly

full-bridge design would. This Hybrid MMC design in illustrated in Fig. 3.15.

Figure 3.15: Hybrid modular multilevel converter.
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The inclusion of full-bridge sub-modules within the converter stacks means that the con-
verter’s output voltage is no longer constrained by the DC pole voltage (i.e i%) [57], allowing
the converter to be designed to over-modulate its output during normal operation. The question
of what the most efficient AC to DC Voltage ratio to operate at is addressed within this section.
The design methodology from the previous section is adapted and expanded to the case of this
topology.

The previous section of this chapter has examined how to size a half-bridge MMC for a given
P/Q specification. It was found that the energy deviation of the stacks of sub-modules within
each arm has a strong impact on the required rating of the converter. The modulation index that
the Hybrid MMC is operated at has been found to have a strong impact on the energy deviation
of the converter. This is illustrated in Fig. 3.16, which gives the normalised peak and minimum
energy deviation of an MMC, with variation in modulation index. The peak energy deviation
can be seen to reduce for all power angles with an increasing modulation index. The minimum
energy deviation can be seen to decrease for inductive power factors, while for capacitive power

factors an inverse relationship can be seen.
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Figure 3.16: Normalised peak and minimum energy deviation of the MMC with variation in the
modulation index and power angle.

Waveforms from two Hybrid MMCs are shown in Fig. 3.17. The first converter, shown in
Fig. 3.17a, is designed with a modulation index of 0.9, and does not utilise the negative voltage
capability of its full-bridge sub-modules during normal operation. The second converter, shown
in Fig. 3.17b, operates at a modulation index of 1.2, and so over-modulates its output voltage.
For part of the cycle the stack voltage goes negative, allowing the converter to generate a voltage

higher than the DC terminal voltage.

Figure 3.17 illustrates several points about the design of the Hybrid MMC. As the AC to
DC voltage ratio increases, the AC current magnitudes for a given power set-point will reduce.
However at the same time the converter stacks must be rated to generate a higher peak voltage.
The change in modulation index also impacts the power and energy deviation of the stack. As

shown in the previous section, the magnitude and shape of the energy deviation waveform can
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Figure 3.17: Hybrid modular multilevel converter generating 1 pu P and 0.3 pu Q.

have a large impact on the required rated voltage of the stack, and on the nominal sub-module
voltage selection. This section of this chapter investigates which AC to DC voltage ratios are
the most attractive in terms of power efficiency, as well as the overall impact of the modulation
index selection on the converters design and operation. The design methodology for the half-
bridge MMC, developed in the previous section, is expanded to the case of the Hybrid MMC. A
sweep of modulation indexes is then made, with the resulting impact on the converters efficiency
and required number of sub-modules and semiconductor devices assessed. The results indicate

that a modulation index in the region of 1.2 may the best choice from an efficiency perspective.
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3.4.1 Overview of Major Work in the Literature

The possibility of designing the Hybrid MMC to over-modulate its output, and all of the impacts
that this will have on its dimensioning have received some attention [58, 57, 59], but a full
investigation into what modulation index results in the highest efficiencies has not yet been
performed. In [57], the design of the Hybrid MMC, considering operation at modulation indexes
of 0.8163 and 1.633 was investigated. Modulation indices between these two values were not
considered, but an expression for the required number of full-bridge sub-modules to block the
AC side contribution to a DC fault was derived. Issues with voltage divergence between the
full-bridge and half-bridge sub-modules at higher modulation indexes were identified. In [59]
analytical expressions for the energy deviation and sub-module capacitor voltage ripple of full-
bridge converters as a function of the modulation index were presented. The authors proposed a
modulation index of 1.4 as this resulted in the elimination of the fundamental component within
the SM capacitor voltage ripple. In [58], an MMC design using Semi-Full-Bridge sub-modules
is presented, but efficiency results are not given. Following the lead in [59], the authors show
experimental results of the converter operating at a modulation index of 1.4. In [60] a method
for charging of the sub-modules during AC side start-up of the converter was presented. An
expression for the capacitor ripple voltage was derived as a function of the modulation index.
In [61] the design of Hybrid MMCs using various different SM topologies was investigated.
However, the analysis was performed assuming a relatively low modulation index of 0.81 in all
cases. Other works have focused on the control of Hybrid MMC [62] and its DC fault ride
through capability [63, 60] as well as reliability aspects of the design [64]. Other multilevel
converter topologies have also been designed to over-modulate their output. The Alternate
Arm Converter has been designed to operate at a modulation index of % (=~ 1.27) as this results

in a net zero deviation in the stored energy within the converter over each cycle.
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3.4.2 Design of the Hybrid MMC

The analysis that follows makes several assumptions. Firstly that the sub-module capacitor size,
and peak rated voltage of the sub-module are assumed to be the same for both the half-bridge
and full-bridge sub-modules within the stack.

Under these assumptions, the required positive voltage rating of the stack in the Hybrid
MMC can be determined in an identical manner to the half-bridge MMC, using either of the
methodologies developed in Section. 3.3.

The required voltage rating of the full-bridge portion of the stack is dependent on what
strategy the converter employs during DC faults, and if the converter is expected to be able to
operate as a STATCOM during the loss of the DC system. The two fault strategies that the

converter can employ during DC faults are to:

e Actively block all of its sub-modules, driving the AC current to zero and preventing any

AC side current contribution to the DC fault.

e Remain connected to both the AC and DC buses during the DC fault and retain control

over the AC side currents.

3.4.2.1 Maximum Modulation Index & Peak Sub-Module Voltage

As noted in [57], the hybrid has a limitation on the maximum modulation index that can be
achieved before it becomes impossible to maintain the correct balance of energy between the
full-bridge and half-bridge portions of the stack, without increasing the ratio of full-bridge to
half-bridge sub-modules beyond what it is necessary to successfully deal with DC side faults.
This is because for the part of the cycle when the converter stack is generating a negative
voltage, only the full-bridge sub-modules can be utilised. This limits the voltage balancing
mechanisms ability to prevent the energy content of FB sub-modules from deviating away from
the mean value of the overall stack. This issue is illustrated in Fig. 3.18 for the Hybrid MMC,

showing example cases at three modulation indexes.
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Figure 3.18: Stack voltage, power and average sub-module energy deviation in the Hybrid MMC
at different modulation indexes. Converter generating an output of 1 pu P and 0.3 pu Q in all
cases.

In [57], a derivation that aims to find the maximum practical modulation index was presented.
However the derivation assumed that only a specific portion of the full-bridge portion of the
stack is used for negative voltage generation. They found that a modulation index greater than

1.3 causes the full-bridge to diverge in voltage from the half-bridges.

No satisfactory analytical method was found that gave satisfactory results on the maxi-
mum upper modulation index for a given modulation index and ratio of full- to half-bridge
sub-modules. Instead a script which implements a perfect voltage balancing mechanism was
implemented, and then the modulation index stepped across a range to allow the upper limits
to be found. Both design cases, where the converter is designed to block the fault current
under DC fault conditions, and when it is designed to be capable of operating as a STATCOM
were examined. The difference in energy between the average energy within a full-bridge and
half-bridge within the stack at the end of one fundamental cycle was then checked. The four
outer points of the GB grid specification were checked for each case. The results are shown

in Fig. 3.19. Values of zero indicate that balancing is possible across each cycle, whereas non-
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zero values indicate that the converter will not be able to balanbce the energy content in the
full-bridge and half-bridge sub-modules. From these results, a practical limit of 1.4 on the mod-
ulation index can be inferred if the converter is designed to fault block. The converter designed
for DC fault ride through can operate at a slightly higher modulation index due to an increased

ratio of full-bridges to half-bridges within each stack.
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through.

Figure 3.19: End of cycle energy deviation between full- and half-bridge sub-modules within
Hybrid MMC with variation in set-point and modulation index.

Another design issue that has been identified in the Hybrid MMC is that while it still may
be possible to balance the full-bridge and half-bridge portions of the stack over each cycle, it
may not be possible to do this by the time the overall energy deviation of the stack reaches
its maximum point. This condition would result in an imbalance between the peak average
voltages that the full- and half-bridge portions of the stack reach, which may require further

de-rating of the sub-modules. This issue is illustrated in Fig. 3.18c.

To mitigate this problem a closed loop controller has been developed which adjusts the nom-
inal voltage for the full-bridge sub-modules and the half-bridge sub-modules, so as to even the
peak average voltage that each set of sub-modules reaches. This adjustment is done on an

overall energy balance basis, so that the overall nominal energy levels within the stack are not
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disturbed. The controller is illustrated in Fig. 3.20.

Trigger
I

I
C (Z) [ AEadjust

Peak Detect

Peak Detect

Figure 3.20: Nominal voltage set-point controller.

The error signal for the controller is generated by comparing the measured peak, over the
previous cycle, of the average full-bridge sub-module voltage, to the peak average sub-module
voltage. The output of the controller then adjusts the set-point for the nominal energy in each

portion of the stack, as in (3.54) and (3.55). The controller adjusts its output once a cycle.
EFB = EnomKFB + AE‘aLdjust (354)

EHB = Enom(1 - KFB) + A-Eadjust (355)

The nominal voltage that for each sub-module type is then calculated from (3.54) and (3.55).
The measured sub-modules within the stack are then normalised by these values, and then

passed to the sub-module voltage balancing mechanism.

2ErpB
Vi = — 3.56
FBuon =\ o NO (3.56)

2F
VitByom = \/ (HB (3.57)

1— Kpg)NC

The operation of this controller is illustrated in Fig. 3.21. The controller is activated at t=0.1
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seconds. Before this an imbalance between the peak full-bridge and half-bridge voltages can
be seen, with the full-bridge sub-modules reaching higher peak voltages. When the controller
is activated the nominal set-points of full- and half-bridge are quickly adjusted, and reach and
equilibrium point where the peak voltages of both sets of sub-modules are roughly equal. Using
this controller, the assumption that the nominal sub-module voltage can be chosen based upon

the maximum energy deviation is considered valid.
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Figure 3.21: Controller adjusting the nominal voltage of the full- and half-bridge sub-modules
to balance the peak voltage reached by each group within a hybrid stack.

3.4.2.2 Rating for Blocked Operation during DC Faults

If the converter is designed simply to block the AC fault current contribution to the fault then
the full-bridge portion of the stack can be sized according to the maximum AC line voltage,
following the analysis presented in [57].

When a DC fault happens the DC voltage can drop down to zero volts. Examining the

circuit diagram shown in Fig. 3.22, it can be seen the AC line voltage is blocked by the series
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combination of a full-bridge stack within an upper arm of the converter, and a full-bridge stack

within a lower arm of the converter.

A
VstackFB l L

E=
E=
E=

A
VI' T
ine

Figure 3.22: Peak reverse voltage requirement of the converter stacks in a mixed-stack MMC
under a pole-to-pole DC short circuit conditions.

The full-bridge stacks must therefore be rated as in (3.58), to generate a negative voltage

equal to half of the peak AC line voltage.

o
VRatedpp = 7kAcVLL (3.58)

Substituting in the expression for the line to line voltage from (3.3), and simplifying gives
expression (3.59), for the rated negative voltage, VRatedpy, that each stack of the converter must

be capable of generating.

V3o
VRatedpp = TmKAcVDc (3.59)

The number of required full-bridges, Npp, within each stack is then given by the rating of

the full-bridge stack, divided by the nominal sub-module capacitor voltage.
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(3.60)

3.4.2.3 Rating for DC Fault Ride Through & STATCOM Operation

If the converter needs to be rated to perform a DC fault ride through, then the sizing of the
full-bridge can be carried out in a similar manner to the overall stack, based upon the worst case
energy deviation under DC Fault conditions, or the peak energy deviation condition, whichever

is found to be the limiting condition on the converter’s operation.

Sizing Under Stack Voltage Capability Restriction Depending on the converters spec-
ification for STATCOM operation, either the stack voltage capability, or the peak sub-module
voltage limit could be the limiting factor in the converters design. For the case where the
stack voltage capability is the limiting factor the required ratio of full-bridge to half-bridge

sub-modules can be determined by following the methodology given below.

The overall number of sub-modules within the stack is given by N. The ratio of full-bridge
to half-bridge sub-modules is given by Krp. The number of the full-bridge sub-modules within
the stack can then given by Ngg = KrpN. Under the assumption that the same capacitor and
nominal voltage are used for both the full- and half-bridges, then the ratio Krp also describes
the ratio of the energy stored within the full-bridge, to the overall energy stored within the
stack. In this case, the value of Kpp can then be solved for by adapting (3.49) for the DC

Fault (DCF) case. This is given in (3.61), where Vit DCF and £

safety are the stack voltage

and energy deviation of the stack at the critical point under DC fault conditions, and Egafetypg
is whatever safety margin is applied upon the design. The critical point should be chosen so
that it occurs when the stack voltage is negative, as the converter will be able to utilise its
half-bridge sub-modules to generate voltage during the positive portion of the stacks voltage

waveform.
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P DCF(Wtcrit)2 = KFBN§CVSM

2 KggN stack 4+ AEDCF(‘*"tCrit) — Ej

safety

(3.61)

nom

Multiplying across and placing in terms of Kyp gives the polynomial expression given in

(3.62). This can be solved to give the required value of Kpp.

AEPCY (wtei) — By )
K#p(NVaMuon)? + Krp(N VSMmm)2( e ety) — VolE (wtait)” =0 (3.62)
N§CVSMnom

stack

Sizing Under Peak Sub-Module Voltage Limitation If the peak sub-module voltage
limit is found to be the limiting factor in the converter its reactive power specification under
DC fault conditions then the required ratio of full-bridge to half-bridge within the stack can be
solved for using the following method.

The maximum nominal energy that a sub-module can be operated at under DC fault condi-
tions can be determined using the expression given in (3.63), based upon the energy within the
sub-module when it is at its peak rated voltage, and the peak positive energy deviation of the

stack, divided by the number of full-bridge sub-modules.

1 A EDCF
E = —CV&P* - 3.63
This can be rearranged in terms of Kyp, as in (3.64).
AEDCF
Kyp = (3.64)

N(GOVRP? = Bsviuon)

3.4.3 Results

A detailed design sweep of a Hybrid MMC designed using the methodology presented in the
previous section was carried out for three sub-modules capacitor sizes. The inputs to the design

script are given in Table 3.2, and are chosen to match those give in Table 3.1. The arm inductor
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sizes are reduced to 0.1 pu as the converter no longer needs to be rated for the peak fault
current experienced during DC pole to pole faults [49], 0.1 pu was found to be sufficient for
control purposes. The P/Q specification used is taken from the GB grid code requirements for
voltage source converters [65]. It calls for the converter to be capable of generating 0.3/-0.5
pu reactive power, whilst at rated active power over a 5% variation in AC voltage. The DC

voltage is assumed to be well controlled to its nominal value.

Table 3.2: Converter Design Specification

Design Inputs

Rated Power 1.575 GW
DC Current 1500 A
Modulation Index 1.2

Q at Rated Power 0.3/-0.5 pu
Q under DCF 0.3/-0.5 pu
DC Voltage +-525 kV
AC Voltage Variation +-5%
Peak sub-module Voltage 2000 V
Eatety 3 kJ/MVA
Esatetyps 3 kJ/MVA
Transformer Leakage Reactance 0.14 pu
Arm Inductor 0.1 pu

The results of this design sweep are shown in Fig. 3.23. As the modulation index is increased,
the rated voltage of the stack needs to rated for a comparatively smaller amount above the
peak stack voltage demand. This is due to the reduced energy deviation. For the two smaller
capacitor sizes considered, a decrease in the required rating of the stack above the peak voltage
demand is seen. In addition to this the sub-modules within the converter need to have the

nominal voltage de-rated below Vgyi'

* by a smaller amount, leading to increased utilisation of
the sub-modules. These factors combine to reduce the required increase in sub-modules as the
modulation index increases. Sizing the converter to perform STATCOM operation under DCF

conditions comes at a penalty of an increased ratio of full-bridges to half-bridges in all cases.

The variation in the the value of N with the sub-module capacitor used is quite large at
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low values of m. As m is increased this difference is reduced. For the case with the smallest
considered capacitor size the value of N decreases initially as m is increased, before increasing
again once a value of m=0.95 is reached. The overall number of devices (Npey) within the current

path (1 for each half-bridge, 2 for each full-bridge) increases at a relatively shallow incline as

IRMS

the modulation index increases. The RMS current flowing through the arm (I}

) decreases as

the modulation index is increased due to the reduced AC current component flowing through

IRMS

the converter arms. The product of I3 7

and Npey, which can be used as an estimate of the
expected power-losses within the converter, shows a notable decrease as the modulation index
is increased from 0.8 to 1.2. From 1.2 to 1.4 it is relatively level, with a slight upwards trend
observed as the modulation index increases past 1.4.

Efficiency estimates for Hybrid MMC designs using the three considered sub-module capacitor
sizes with stepped changes in modulation index were undertaken using the power-loss calculation
method presented in [66]. The results of this are shown in Fig. 3.24. The IGBT used was a 3.3
kV 1500A device from ABB semiconductors [67]. The results show a relatively sharp decrease
in the overall losses as design is pushed into the over-modulation. Most of the gains in terms
of efficiency improvements are accrued by a modulation index of 1.2, with a levelling out in
losses past this point. At lower modulation indexes there is noticeable variation in the power-
losses with the sub-module capacitor used. This difference is reduced as the modulation index
is increased. This indicates that a sub-module capacitor which may be an uneconomic choice
for use in a design which does not over-modulate, such as a half-bridge MMC, may be a more
viable choice in an over-modulating design. This could offset some of the increased capital
cost associated with the increased number of sub-modules if the converter is designed to over-

modulate.

3.4.4 Experimental Results

To verify the design methodology presented, as well as verifying the operation of the converter

at a modulation index of 1.2, a Hybrid MMC was dimensioned and tested using the lab-scale
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Figure 3.23: Hybrid MMC design variation with modulation index. Solid lines show rating for
STATCOM operation, dashed lines show rating for blocked operation.
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Figure 3.24: Variation in estimated losses in a Hybrid MMC designed with a 9 mF sub-module
capacitor with the modulation index. a) Rating for STATCOM operation during DC faults b)
Rating for DC fault blocking

multilevel converter. Because the lab-scale converter has only 10 sub-modules per stack, it was
not possible to do the experiment using a design with Krg = 0.55 and a modulation index of
1.2. A sweep of design inputs, with variation in the sub-module capacitor, DC voltage and peak
rated sub-module voltage was undertaken. By relaxing the AC voltage variation on the P/Q
capability to 0%, a solution was found with a required number of sub-modules close to 10, and a
required number of FBs close to 5. The inputs and outputs from the design is given in Table 3.3.
The leakage inductance of the transformer is significantly below that of the simulation model,
given in Table 3.2, due to the limitations of experimental rig.

The converter was run using the parameters from the table above, with the values of N
and Npp rounded to 10 and 5 respectively. Two outer points of the P/Q specification were
tested during steady-state operation. Results from each run are given in Fig. 3.25. The sub-
module voltages were logged using the OPAL-RT controllers data acquisition system. The arm
current and stack voltage were logged with an oscilloscope using a current probe and differential
voltage probe. A moving average of the measured stack voltage was generated and overlaid on
the measured stack voltage. The converter can be seen to be operating close to its design limits

in both set-points tested, with the mean sub-module voltage reaching
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Table 3.3: Design Inputs and Solution

Design Inputs

Design Solution

Rated Power

m

Q at Rated Power (pu)

Q under DCF (pu)

SM Capacitor

DC Voltage

AC Voltage (RMS L-L)

AC Voltage Variation

Peak sub-module Voltage

E+
safety

Eéafety

Transformer Leakage Reactance

Arm Inductor

15kW

1.2

0.3/-0.5

0.3/-0.5

770 uF

725 V

1066 V

+-0%

170 V

3 kJ/MVA

3 kJ/MVA

6 mH (0.025 pu)
23.5 mH (0.095 pu)

N

Nrp

Nominal sub-module Voltage
Nominal Energy Storage
Rated Voltage of Stack
Rated Voltage of FBs

9.932
5.095

162 V

40.2 kJ/MVA
1.609 kV
0.825 kV

1500 [

1000

500

Voltage (V)
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> i

= 1 165
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o 160 [y
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(a) a) (b) b)

Figure 3.25: Hybrid MMC experimental verification. Top: stack voltage, moving average of
stack voltage, sum sub-module capacitor voltage, design safety limit (dashed line. Middle: sub-
module Voltages (dashed) and mean sub-module voltage (solid). Bottom: arm current a) P:
-1 Q: 0.3 - converter limited by Peak Sub-Module Voltage Limit b) P: -1 Q: -0.5 - converter
limited by Stack Voltage Limit
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The converter was also tested under a DC fault scenario, the results of which are shown in
Fig. 3.26. Prior to the fault the converter was set to generate -1 pu active power and 0.3 pu
reactive power. When the DC fault is detected the converters controller is programmed to drop
its active and reactive power set-point, and then ramp back up to its reactive power set-point
after one cycle. During the DC fault the converter periodically attempts to recharge the DC
bus by injecting a small amount of active power into the DC system. When the fault is cleared
the controller detects a rise in the DC voltage when it injects active power. The controller
then actively recharges the DC bus voltage and ramps back to its pre-fault set-point. The sub-
module voltages are well controlled during the fault, with a slight disturbance to their levels at
point of fault inception and during the re-charge stage. The converter retains current control
throughout the fault.

A close up of the DC fault results, focusing on the internal converter currents and voltages
in the upper arm of phase A the 5 cycles following the fault inception is given in Fig. 3.27. The
filtered moving average of the stack voltage can be seen to be moving slightly past the safety
margin, but still below the overall available voltage within the stack. This is because the fault
results in some disturbance to the energy levels within the converter. Such disturbances can
be expected and are one of the reasons why the energy safety margin was included within the
design specification. In addition the lab-scale converter has 5 FB sub-modules, whereas the
design called for 5.095. The rated negative voltage capability of the stack is therefore slightly

below the required level given by the design method.
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Figure 3.26: Experimental results from the lab-scale multilevel converter operating as a Hybrid
MMC going through a DC fault scenario. Pre-fault set-point is P: -1 pu Q: 0.3 pu. From top:
DC pole voltages, AC side current at secondary side of transformer, upper arm current - phase
A, upper stack voltage, FB portion of stack voltage, average sub-module voltages.
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Figure 3.27: Internal current and voltages of upper arm of the phase A during DC fault. Top:
Arm current Middle: sub-module voltages (dashed) and mean sub-module voltage (solid) Bot-
tom: moving average filtered overall stack voltage, stack voltage generated by FBs, available
negative voltage and safety margin
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3.5 Chapter Conclusion

In this chapter a methodology based upon analytical derivations for sizing both a half-bridge
MMC and the Hybrid MMC were presented. Results indicate that a practically sized MMC
must have a least 30 kJ/MVA of energy storage in order to function correctly. Designs with
lower amounts of energy storage are possible, however they require both the rated voltage of the
stack to be increased past the DC pole to pole voltage, and the nominal sub-module voltage to
be chosen significantly below the rated peak sub-module voltage. This results in a large increase
in the required number of sub-modules for the converter to function. There was also found to
be little benefit in increasing the nominal energy storage within the converter past 40 kJ/MVA.

For the Hybrid MMC inclusion of full-bridge sub-modules allows the AC voltage magnitude
to be decoupled from the DC voltage magnitude. This allows greater freedom in the converters
design. Moving from an under-modulating design, to a design with a modulation index of
1.2 was found to result in an almost 10% reduction in power-losses. This is achieved without
resulting in a large requirement for additional sub-modules and power electronic devices. The
energy deviation was also found to decrease as the modulation index increases, making smaller

sub-module capacitor sizes a practical option.
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4 Semiconductor Power-Loss and Thermal

Modelling

This chapter details an investigation into the power-loss and thermal characteristics of several
converter topologies. Particular attention is paid to topologies which are DC fault tolerant, in-
cluding the Hybrid MMC investigated in the previous chapter and the Alternate Arm Converter.
To achieve this a thermal model of a heat-sink mounted IGBT as well power-loss blocks for the
estimation of the losses within the semiconductor devices were developed. These models are
combined to allow a closed-loop estimation of device junction temperatures taking temperature

dependent variation in characteristics into account.

4.1 Thermal and Power-Loss Modelling

Manufacturers typically require that the maximum temperature at the junction of the silicon
dies reached within IGBT modules be limited to below 150 °C, or 125 °C, and that the operating
temperature under normal conditions be limited to 80% that of the maximum value [68, 69].
Devices with higher current ratings are typically limited to the lower value of 125 °C. Operating
the device above this level can lead to a breakdown in reverse voltage blocking capability and
thermal runaway, leading to device destruction. The system must be designed so that the
junction temperature never exceeds this value.

In addition to damage to the device caused by excessive temperatures, any cycles power-

losses and junction temperature that a module undergoes during its operation can have a large
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impact on the expected lifetime of the module. This cycling is broken down into two time
scales. The first cycling, called power cycling, occurs at time frames of around 2 seconds. This
thermal cycling causes stress in the soldering of the electrical connections within the IGBT
module due to the different coefficients of linear expansion. If the power cycling causes the
soldering to deteriorate sufficiently then the device will experience electrical failure. Cycles at
a longer time frame and with a larger change in temperature (AT}) are referred to as thermal
cycling. This causes unequal expansion of the insulation substrate and the copper base-plate
within the modules, which results in fatigue to the solder layer between them [68]. This can
lead to device failure as it causes the thermal resistance of the module to increase, leading to
thermal runaway as the device can no longer dissipate the power-losses incurred within the
silicon dies. Manufacturers usually supply power cycle and thermal cycle capability curves for
IGBT modules which allow the estimation of the lifetime of the modules. The degradation of
lifetime is dependent on absolute junction temperature as well as the magnitude of the power
or thermal cycle [70]. Looking beyond lifetime issues for high power applications, it is desirable
to keep the junction temperature as low as reasonably possible. This is because the level of
thermally generated electron hole pairs increases with temperature, thus decreasing the devices

conductivity and leading to an increase in power losses.

4.1.1 ANSYS Finite Element Based Modelling of a heat-sink mounted IGBT

As it is impractical for this thesis to experimentally acquire a thermal model of a water-cooled
device one has been developed using the Finite Element Method (FEM) electronics thermal
simulation package ANSYS IcePak. The module used is from ABB Semiconductors [70] and is
used for several of their high power devices, with voltage ratings in the 3.3-4.5 kV range and
current ratings in the region of 1000-1800 A. This device was chosen as it is typical of the IGBT
modules used in the construction of modular multilevel converters, with the exception of ABB’s
Cascaded Two Level Converter [29], which utilsies series connected press-pack devices.

The external view, as well as a diagram illustrating the internal construction of one of the
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these modules, is shown in Fig. 4.1. Each IGBT is formed out of a parallel connection of several
IGBT dies and diode dies that are connected together through an internal bus-bar and wire-
bond connections. For a high-power IGBT, such as the one used in this chapter, there can be as
many as 24 IGBT dies connected in parallel, with 12 diode dies. The electrical connections to
the module are made via bolt that protrude from the top of the devices case. This connection
are directly connected to aluminium busbars within the module. These busbars are connected
to the IGBT and diode silicon dies within the module. These dies are grouped in three, two
IGBT dies and one diode die, mounted upon a copper sub-busbar. Two of these groups are then
mounted upon a ceramic insulator, 6 of which form the overall module. The ceramic insulators
are bonded to baseplate formed of Aluminium Silicon Carbide (AlSiC). The baseplate forms

the outer surface of the bottom of the IGBT module packaging.

(a) External view - Source: ABB.

Solder
Copper Baseplate

S Sa
{

Ceramic Insulator
Copper

Baseplate

Thermal Grease

Heatsink
Coolant Liquid

(b) Internal construction

Figure 4.1: IGBT High-Pak module.
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Following the method in [71], the cooling liquid is not modelled, as effectively modelling the
cooling liquid requires the use of a fluid dynamics finite element modelling. Instead the cooling
effect of the coolant on the heat-sink is modelled by applying a heat transfer coefficient to the
boundary. This heat transfer coefficient was found and verified by experiment in [71] and is
given a value of 4400 W/K.m?.

The density, specific heat capacity and conductivity values used within the ANSYS model of
the modules internal layers are given in Table. 4.1. Following the thermal modelling approach

in [71], several layers are combined for modelling purposes.

Table 4.1: Devices internal layers physical properties.

Material Density (kg/m?) Specific Heat (J/kg.K) Conductivity (W/m.K)
Silicon and Solder 2330 556.9 130
Copper 8933 195 387.6
Ain, Solder & Copper Layer 41724 249 153
Thermal Grease 1000 1000 1
AlSiC 2890 808 165
Extruded Aluminium 2800 900 205

Table 4.2: IGBT module internal layer dimensions.

Layer Material Length (mm) Width (mm) Depth (mm)
Silicon Die Silicon and Solder 14.06 14.34 0.52
Copper Substrate Copper 45 15.17 0.3
Ceramic Insulation Ain, Solder & Copper Layer 49.535 58 1.5
Baseplate AISiC 137 187 5
Thermal Grease Thermal Grease 137 187 0.05
Heat-Sink Extruded Aluminium 157 207 10

The IGBT module, modelled within ANSY'S IcePak is shown in Fig. 4.2. The modules internal
bus-bars and bond-wires are not modelled. This was found to not be necessary in [71]. This is

because the thermal impedance from the silicon dies, through the bond-wires and the modules
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bus-bars path is dominated by the route down through the modules base-plate to the heat-sink.

(a) Isometric view (b) Top-down view

(c) Isometric view (d) Top-down view

Figure 4.2: IGBT module modelled within ANSYS IcePak.

The transient thermal step response of the device is determined by inserting a 2-d heat source
on top of each silicon die within the model, following [66]. Each heat source is set so that the
total power applied in each case is 1 kW. In the case of the IGBT dies this 1 kW of heat is divided
between 24 dies, whilst in the case of the diode it is divided between 12 dies. Measurement
points are placed at the geometric centre of each silicon die, and then at each layer of the cooling
path to ambient, below the die measurement points. Screen-captures of the simulation showing

the final steady state temperatures reached are shown in Fig. fig:TransTherm ANSYS.

The diodes reach a higher temperature because the heat dissipated in both cases is a constant,
but the number of diode dies is half that of the IGBT dies. A cross section through the x-axis,

directly through four silicon dies, is shown in Fig. 4.4.

The transient thermal impedance response for each test is shown in Fig. 4.5.
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(a) IGBT dies heated. (b) Diode dies heated.

Figure 4.3: ANSYS transient thermal step response final temperature on the surface of IGBT
module.

(a) IGBT dies heated. (b) Diode dies heated.

Figure 4.4: ANSYS transient thermal step response final temperature on the surface of IGBT
module.

The results for each transient thermal impedance response are fitted to an equation in the
form of (4.1). The curve fits are done using Matlab’s curve fitting toolbox. This equation can

then be transformed into the Laplace domain for use in Matlab simulations.

Zin(t) =3 71— eXp(;—;)) (4.1)

The results of the curve fitting are shown in Table. 4.3. The results for the thermal impedance
from the IGBT junction to the diode junction match very closely with the results from the diode
junction to the IGBT junction. This is to be expected due to the symmetry of the tests. An

average of the terms is used when calculated the cross-coupling impedance results.
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(a) IGBT dies heated. (b) IGBT dies heated.

Figure 4.5: Transient thermal impedance response of heat-sink mounted IGBT

(4.1) can be represented in the Laplace domain in the form of (4.2).

i

Zin(s) = Z = (4.2)

3—1—%

Transforming each transient thermal impedance into the Laplace domain results in a set
of three transfer functions which represent the thermal impedance of the IGBT and diode
junctions to ambient, as well as cross coupling impedances between both junctions. These

Laplace equations can then be embedded within circuit level simulations.

~0.21455% + 3.0815% 4 4.751s + 0.7442

Z . = 4.3
thigrr—> ambient () s* +61.9453 + 419.65%2 4 373.7s + 33 (43)
. (s) = 0.4298s> + 5.732s% + 6.8765 + 1.028 (4.4)
thpiode—>Ambient \”) (11760 6753 + 383.552 + 291.35 + 27.68 ‘
0.001194s + 0.0001187
AT B = 4.5
th]unctwn<—>]unctwn (5) 82 + 021525 _'_ 001047 ( )
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Table 4.3: Transient thermal impedance curve fitting results.

(a) IGBT dies heated - IGBT (b) Diode dies heated - Diode

junction to ambient. junction to ambient.
il n Vi il m Vi
i| 0.0184 0.0034 1] 0.01865 0.0070
i| 0.1524 0.0037 2 | 0.1616 0.0078
i| 1.072  0.0050 3 1.33 0.0078
i| 10.08 0.0104 4| 9.013 0.0145

(¢) IGBT dies heated - IGBT (d) Diode Dies Heated - Diode

junction to diode junction. junction to IGBT junction.
i n i i o Vi
1| 7.242 0.0049 1| 7.242 0.0049
2 | 13.75 0.0061 2 | 13.75 0.0064

4.1.2 Power-loss estimation blocks

To estimate the power-losses within individual IGBTs within a circuit level simulation of a
modular converter blocks have been created within Simulink. These blocks are based upon the
work presented in [66]. The output of the power-loss blocks are applied to the thermal model of
the IGBT, with junction temperature feedback then applied to the power-loss block in a closed
loop manner to give some junction temperature dependant scaling of device characteristics.

The power-losses within an IGBT module can be characterised into five categories:
e IGBT conduction losses

IGBT turn-on losses

IGBT turn-off losses

Diode conduction losses

Diode reverse recovery losses

Curves for each characteristic are extracted from the manufacturers data-sheet and trans-

formed into look-up tables within simulink. In the case of the IGBT and diode conduction
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losses, curves at junction temperatures of 25 °C and 150 °C are given. The switching loss
characteristics are specified at a junction temperature of 125°C, with no other curves given at

other temperatures.

4.1.2.1 Conduction Losses

The conduction losses within the diode dies and IGBTs are both calculated in the same manner.
The current flowing through the device is passed to two look-up tables, one with the extracted
V-I characteristic at 150 °C' and the other at 25 °C'. The junction temperature of the device fed
back from the thermal model is used to average between the two curves to get a temperature
corrected forward voltage drop. This is then multiplied by the current flowing through the

device to get the instantaneous power dissipation.

4.1.2.2 Switching losses

Switching events are detected based upon logic blocks which take the devices gate signal, current
and voltage as inputs. The device data-sheets specify switching losses in terms of energy. Sim-
ulation models of converters are implemented as fixed time-step simulations. When a switching
loss is detected, the switching energy is divided by the time-step of the simulation and applied

as a single pulse of power one time-step in length.

E .
Hoss = }wztch (46)
step

An example of the power-loss and thermal model block operating is given in Fig. 4.6. The
sharp spikes in the power losses correspond to switching losses while the steady. The junction
temperatures. In this case most of the losses occur in the IGBT dies. The cycle-by-cycle ripple

in the die junction temperatures can also be seen.
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Figure 4.6: Power losses and junction temperatures within an IGBT module.

4.2 Power-loss and thermal characteristics of converters

In this section the power-loss calculation method and IGBT thermal model described in the
previous sections are used to investigate and compare the power-loss and thermal characteristics
of several multilevel converters, including the half-bridge MMC, several variants of the Hybrid
MMC and the Alternate Arm Converter. The converters are all simulated at a +525kV scale
and a 1.575GW power rating. The MMC based converters were designed using the methodology
presented in Section. 3. The AAC was designed using the same 9 mF sub-module capacitor as
the MMC converters. Its nominal sub-module voltage was chosen through manual adjustment
using a simulation model so that the peak voltage reached is the same 2000 V design limit as

the MMC based topologies. The considered topologies are summarised below:

e A half-bridge MMC that operates at m=0.96.
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The EO-AAC operating at its optimal AC to DC voltage ratio.

A Hybrid MMC designed for DC fault ride through that operates at m=0.96.

A Hybrid MMC that uses semi full-bridge sub-modules (described in Section. 4.2.1.1) and

that operates at m=0.96.

Hybrid MMC designs at m=1.2, one of which is designed for DC fault ride through, the

other for DC fault blocking.

The characteristics of the six considered converters are given in Table. 4.5.

Table 4.5: Converter specifications.
Half-Bridge MMC ~ AAC  Hybrid MMC Hybrid MMC w. Hybrid MMC  Hybrid MMC

Sparse FB
Vbe +525kV +525kV +525kV +525kV +525kV +525kV
Vac 617 kV 857 kV 617 kV 617 kV 772 kV 772 kV
Modulation Index (m) 0.96 1.332 0.96 0.96 1.2 1.2
DC Fault Strategy NA DCFRT DCFRT Block DCFRT Block
C 9 mF 9 mF 9 mF 9 mF 9 mF 9 mF
Nominal sub-module Voltage 1.836 kV 1.91 kV 1.836 kV 1.836 kV 1.882 kV 1.882 kV
Number of Half-Bridges 589 0 297 338 277 320
Number of Full-Bridges 0 367 292 251 348 305
Total number of sub-modules 589 367 589 589 625 625
Number of Director Switches 0 354 0 0 0 0
Number of IGBTs 1178 1822 1762 1516 1946 1860
Number of Additional Diodes 0 0 0 251 0 0
Nominal Energy Storage (kJ/MVA) 34 22.95 34 34 37.95 37.95

Because of the number of converters examined in this section, the analysis is split into sections
based upon sub-module type. The last section then presents the overall power-losses within each
converter, as well as the maximum device junction temperatures and overall required number
of IGBTS, sub-modules and capacitors within each converter. An ambient coolant temperature

of 70 °C' is assumed for all cases.

4.2.1 Overview of Work in the Literature

Work in the literature on this area has mostly focused upon the half-bridge MMC. In [72] the

power-losses and thermal characteristics of MMCs is investigated. The study is carried out
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using power-loss and thermal models that employ junction temperature feedback. The authors
find that there is a significant imbalance in the junction temperatures between the upper and
lower IGBTs within each sub-module of the MMC when it is processing active power.

In [72], the impact of thermal cycling stress on the estimated lifetime of IGBTs within MMCs
used for drive applications is investigated, considering various control strategies. The authors
conclude that the zero sequence voltage imposed on the converters waveform may have a sig-
nificant impact on the distribution of losses within the converter.

In [73], the potential for using circulating currents within Modular Multilevel Converters to
limit the amplitude of thermal cycling caused by changes in output power are investigated. The
authors find that it is possible to reduce the change in junction temperature within during a
stepped load change from 1 pu to 0.5 pu active power by 50%.

In [74] average models of the conduction and switching losses within an MMC are derived
and validated against simulation results. The authors found that the modulation method that
they considered, based upon nearest level control and the sorting algorithm, introduces a slow
cycling in junction temperatures between IGBTs in different sub-modules within the converter.

In [75] a steady-state model of an MMC, including device losses as well as losses in the
inductors and cooling system, is developed.

In [76] the development of an electro-thermal model of an MMC implemented on an FPGA
for real-time applications is detailed.

In [77] analytical expressions for the losses within an MMC are derived. The authors find
the overall losses are in the region of 0.92% when operating at rated power. This is with a
relatively small IGBT (800 A) and a 200 MW test case converter. The switching losses are also

comparatively large in comparison to the results from other authors.

4.2.1.1 Sparse Full-Bridge

The Sparse or Semi Full-Bridges, shown in Fig. 4.7 has attracted some attention [78, 79, 61]

as a possible method of implementing Hybrid Modular Multilevel Converters with DC fault
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Figure 4.7: Sparse full-bridge sub-module.

tolerance, while reducing the required number of IGBT modules within the converter. The
upper right IGBT module (3) is replaced by a diode, with the diode only conducting during
fault situations when the sub-module is blocked. The power-loss and thermal characterisitcs of
a Hybrid MMC that is constructed using this sub-module type is investigated as part of this
Chapter.

Constructing the Hybrid MMC using these sub-modules leads to a reduction in the required
number of IGBT modules in the converter, with some expected gains in terms of capital cost.

However this comes with the following disadvantages:

e Removal of the ability to generate a controlled negative voltage at both current polarities

e Removal of the zero-voltage generation state using the upper two IGBTs. This means the

lower right IGBT (4) must continually conduct the arm current.

e Converter must be designed to not over-modulate its output during normal operation.

Two options exist for using the Semi Full-Bridge to deal with DC side faults. The sub-
modules could be blocked, as shown in (a) and (b) of Fig. 4.8, in which case they will generate
either a positive or negative output voltage depending on the current direction, driving the arm
current to zero. Alternatively the converter could utilise the two semi-blocked states shown in
(c) and (d) of Fig. 4.8 for the portion of the cycle where the stack must generate a negative
voltage. This allows the converter to retain partial control over the currents flowing through

the converter arms. By attempting to generate a negative stack voltage, the controller will
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quickly drive the current to zero. The converter can then remain connected to both the DC
and AC buses during such fault situations. However, unlike the Hybrid MMC with full-bridge
sub-modules, and the AAC, the Hybrid MMC with semi full-bridge sub-modules is not capable
of controlling the AC side currents to a non-zero value i.e it cannot function in STATCOM

mode during DC side faults.

(a) Sub-module blocked - Posi- (b) Sub-module blocked - Neg- (¢) Sub-module semi-blocked -
tive arm current. ative arm current. Positive arm current.

OVT
=3

(d) Sub-module semi-blocked -
Negative arm current

Figure 4.8: Current paths through semi full-bridge sub-module.

4.2.2 Zero Voltage Duty Cycle in Full-Bridge Sub-Modules

All of the converters examined in this section utilise either half- or full-bridge sub-modules.
Half-bridge sub-modules contain only two active states, and one blocked state where all IGBTs
are turned off. However full-bridge sub-modules have four active states, two of which result in
the same output voltage, this is illustrated in Fig. 4.9.

The existence of two active state that result in zero voltage outputs means that there exists
some flexibility in what path the current takes through each sub-module. The zero-voltage state

duty cycle (9,,) is defined here as the ratio of how often the lower path through IGBTs 2 and
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Figure 4.9: Full-bridge current flow routes.

4 is utilised, as opposed to the upper path through IGBTs 1 and 3. A §,, of 0% corresponds to
only IGBTs 2 and 3 being used, while a 4., of 100% corresponds to only IGBTs 1 and 4 being
used.

By adjusting the value of §,,, some control over the distribution of power losses within the
sub-module can be gained. This is illustrated in Fig. 4.10 for the case of a full-bridge in an AAC
operating at rated inverting power. By adjusting ¢, the power-losses in the IGBT modules 1
and 4 can be made to vary by approximately 800 W, corresponding to a temperature swing of

24 °C.
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This flexibility could be used to re-distribute the losses within a full-bridge sub-module if
one of the devices is detected to be experiencing higher junction temperatures. An example
simulation of this is given in Fig. 4.11. The power-losses within IGBT 1 were increased by
100% at t=5 s. The controller detects the increase in junction temperature and adjusts 4, in
response. The dashed lines show the resulting temperature if J,, was kept to a constant 0.5
throughout. The maximum junction temperature reached in the sub-module can be seen to

decrease if §,, is adjusted to account for the uneven spread in losses.
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Figure 4.11: Online zero-voltage duty cycle adjustment to re-balance the junction temperatures
in a sub-module with failing IGBT module. Dashed line shows response if zero-voltage duty
cycle is held constant.

4.2.3 Half-Bridge Thermal and Power Loss Characteristics

The power-losses and steady-state junction temperatures within the half-bridge sub-modules
of the considered MMC based topologies are shown in Fig. 4.12. The power-loss distribution
between the upper and lower IGBT module is uneven for all cases, with the lower IGBT module
exhibiting significantly more power-losses. The diode in the lower sub-module is under the most
thermal stress, reaching 114°C' at m=0.96 and 110°C' at m=1.2. This occurs when the converter
is operating in rectifying mode. The Hybrid MMC designs that operate at m=1.2 exhibit slightly
lower power-losses and junction temperatures. This is due to the lower current magnitudes that

it must conduct for a given power set-point
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Figure 4.12: Power-loss distribution within the half-bridge sub-modules within the considered
topologies.

4.2.4 Full-Bridge Sub-Module

The power-losses and associated junction temperatures within the sub-modules of the converter
designs that utilise full-bridge sub-modules are given in Fig. 4.13. In all cases the d,, for each

sub-module was set to 50%.

The distribution of power-losses within both the AAC and the Hybrid MMC at m=0.96 are
almost identical, with IGBTs 1 and 4 showing higher loading than IGBTs 3 and 4. This is
because IGBTs 3 and 4 only conduct during one of the two zero voltage generation states, while
IGBTs 1 and 4 conduct during positive voltage generation and one zero voltage state each.
The maximum IGBT temperature reached is ~ 95 °C' , while the maximum diode temperature
reached is ~ 100 °C'. The Hybrid MMC designs at m=1.2 show a slightly lower loading one

IGBTs 1 and 4. The maximum IGBT temperature reached is ~ 88 °C , while the maximum
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diode temperature reached is ~ 95 °C'. This is due to the lower current magnitudes through the
converter. IGBTs 2 and 3 show similar loading to in the Hybrid MMC design at m=0.96. This
is because at m=1.2, the full-bridges negative voltage state is utilised, resulting in IGBT's 2 and
3 conducting more current. The Hybrid MMC with Semi Full-Bridges exhibits a large degree
of imbalance between its three IGBT modules, with both IGBTs 2 and 4 under considerable
thermal stress. Max junction temperatures of 115 °C' and 120 °C respectively are reached in

these sub-modules, close to the operating limit of the IGBT modules.
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Figure 4.13: Power-loss and junction temperatures within the IGBT modules within three dif-
ferent Hybrid MMC designs. From top: IGBT die losses, diode die losses, IGBT junction
temperature, diode die losses.

4.2.5 Director Switch

Unlike other sub-module types the director switch of the AAC conducts the whole arm current

and is nominally soft-switched, meaning switching losses should be negligible. The power-losses
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and resulting junction temperatures of the AAC’s director switch are given in Fig. 4.14.

The losses in both the IGBT and diode are similar to that of IGBT 4 in the sparse full-
bridge sub-module in the hybrid MMC. The maximum diode junction temperature reaches
approximately 120°C, approximately 50°C' above the ambient coolant temperature of 70°C.

The maximum IGBT temperature reached is approximately 107°C.
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Figure 4.14: Power-loss and junction temperature distribution within the director switch of the
AAC.

4.3 Overall Converter Efficiency Comparison and Conclusion

The overall power-losses within the considered converters, with variation in set-point, are given
in Fig. 4.15. The Hybrid MMC that is designed to simply block DC faults at a modulation
index of 1.2 is the most efficient DC fault tolerant converter considered. The Hybrid MMC
at m=1.2 that is designed to operate as a STATCOM, and the AAC are broadly comparable
in terms of efficiency, and are both slightly less efficient than the half-bridge MMC. The non

over-modulating Hybrid MMC designs are the two least efficient DC fault tolerant topologies
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considered.
The switching losses within each topologies are given in Fig. 4.15b. The switching losses in
each case are low in comparison to the overall losses within the converter, being dominated by

the conduction losses by a factor of approximately 7-10, depending on topology.
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Figure 4.15: Overall power-losses within the considered converter topologies.

4.4 Chapter Conclusion

This chapter introduced a thermal model of a heat-sink mounted IGBT, as well as a power-
loss model which can be used in conjunction with the thermal model to get estimates of a
converters overall power-losses, as well as the junction temperatures reached by the devices
within the converter.

These were then used to investigate the expected power-losses within several converter topolo-
gies. An overview of the study conducted in this chapter is given Table. 4.6. The half-bridge
MMC is the most efficiency topology, however it is weak to DC side faults. The other con-
verters studied were design to be DC fault tolerant, and in some cases, capable of operating
as a STATCOM during such condition. The Hybrid MMC and the AAC give broadly compa-

rable efficiencies. The AAC however has a slightly lower required device count, and requires
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significantly less sub-modules (~ 57%) than the Hybrid MMC. The use of sparse full-bridges
eliminates the option of designing the Hybrid MMC to over-modulate. This limits the efficiency
that can be achieved. In addition the removal of one of the zero-voltage states in the full-bridge

sub-modules results in higher junction temperatures and overall losses being reached.

Table 4.6: Overview of converter design, power-loss and thermal characteristics.
Half-Bridge MMC ~ AAC  Hybrid MMC  Hybrid MMC w. Hybrid MMC  Hybrid MMC

Sparse FB
Modulation Index (m) 0.96 1.332 0.96 0.96 1.2 1.2
DC Fault Strategy NA DCFRT DCFRT Block DCFRT Block
Total number of sub-modules 589 367 589 589 625 625
Number of IGBTs 1178 1822 1762 1516 1946 1860
Number of Additional Diodes 0 0 0 251 0 0
Max IGBT Junction Temperature (°C) 104.05 107.27 104.18 107.35 99.02 99.02
Max Diode Junction Temperature (°C) 115.5 120.01 115.4 120.11 109.24 109.24
Power Loss at Rated Inverting Power 0.4462 0.5527 0.6097 0.5889 0.5365 0.5148
Power Loss at Rated Rectifying Power 0.42 0.5344 0.612 0.5857 0.5167 0.4935
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5 Design of Converters to Achieve Overload

Capability

This chapter investigates how overload capacity might be included within the converter design
specification of MMCs, and what design penalties must be paid in order to achieve this. The
first half of the chapter investigates the aspects of the design relating to the required de-rating
applied to each sub-module and the overall required number of sub-modules. The second half
examines the potential for dynamically rating the converter during overload, so as to not exceed
a defined maximum junction temperature limit.

The maximum power ratings currently available for VSC systems are in the region of 1.8 GW
in a single sub-sea cable based link and 2.5 GW in an on-shore system [80]. As the technology
further matures, even higher power ratings can be anticipated and VSC converters of such high
power rating may be expected to provide ancillary services to the AC systems in which they
are located [81]. These services could include, for example, fast frequency response in support
of the AC system during a frequency disturbance or emergency power re-routing in case of loss
of an AC or DC transmission line. The provision of these features implies that the converter
must have some level of power capability reserved above its nominal rating.

Overload capability in voltage source converters may enable VSC based HVDC to provide

the following system support features:
e Emergency power re-routing during the loss of an AC or DC transmission circuit.

e Frequency support through neighbouring synchronous areas interconnected through HVDC
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82, 83, 84].
e Power oscillation damping using HVDC systems [85, 86].

Overload capability is available for Current Source Converters (CSC) based HVDC systems
[87]. For example the Three Gorges-Changzhou and Three Gorges-Guangdon HVDC bipolar
links are designed for a nominal rating of 3 GW, with a continuous overload rating of 3.48 GW,
and a five second overload rating of 4.5 GW [88]. Such overload capability has not yet been
demonstrated or presented as an option by VSC manufacturers.

This chapter will investigate the potential for designing overload capacity into Modular Mul-
tilevel Converters, with a focus placed on the half-bridge variant of the MMC, as this is the
de-facto standard topology which is in use today. The main limitations in providing overload
capacity are first discussed. The potential of using circulating current to get around the limita-
tion imposed by the peak arm current limit is then assessed, and the design penalty incurred in
achieving an overload rating investigated. The last section in this chapter then looks at dynam-
ically rating the converter, allowing it to inject a short-term temperature restricted overload for
a short period of time. The application of this short-term dynamic overload of HVDC to fre-
quency support provision is then investigated using a power system model that is representative

of the GB network.

5.1 Design Factors that Limit Overload

As discussed in Chapter 3, the P/Q capability of MMCs is limited by several factors, and
is strongly influenced not only by the current processing capability of the IGBTs within the
converter, but also by the energy deviation of the converter and the resulting ripple imposed
on the sub-module capacitor voltages.

The limits imposed by the stack voltage capability and the peak sub-module limit are both
influenced by the overall energy storage within the converter, as well as the number of sub-

modules included within each stack. These limits can therefore be designed around by increasing
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the size of the sub-module capacitor, increasing the number of sub-modules, or a combination of
both approaches. The limit imposed by the peak turn-off current of the IGBT switches within
the converter therefore is the main barrier that must be surmounted, as this will be independent
of the number of sub-modules within the converter. The following sections, adapted from [89]
and [90], give a description of the operation of IGBTS, followed by some discussion on this may

impact the peak current rating of the sub-modules within modular converters.

5.1.1 Current Handling Capability of IGBTs

The Insulated Gate Bipolar Transistor (IGBT), introduced in the 1980s, has become one of the
most widely used switches for high power applications. It has widely replaced both the Power
MOSFET and Bipolar Junction Transistors. In some ways it can be seen as hybrid of its two
predecessors as it combines the high current carrying capability of the BJT with the simple gate
driving mechanism of the Power MOSFET. Conceptually an IGBT can be considered as similar
to a Darlington arrangement of a MOSFET and a BJT, whereby the MOSFET provides the
base current for the BJT [89]. The peak turn-off current of most modern IGBTs is typically
twice the nominal rated current of the device i.e. a 1.5 kA device will be specified by the
manufacturer to be capable of switching off 3 kA providing the switching lines of the device
stay within the SOA, and the junction temperature of the device is not exceeded. The rated
current of the device itself is specified based upon the power dissipation capability of the device

itself.

5.1.1.1 Operating Principle

The cross section of a single n-channel IGBT cell is shown in Figure 5.1. Such a cross section
would between 2-10 pm in width, with a single IGBT chip containing several million such cells

[90].
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Figure 5.1: Structure of an IGBT [91].

Forward Blocking If the Collector to Emitter voltage, Vo, is positive whilst the voltage
from the Gate to Emitter voltage, Vgg, is held to zero volts, then junctions J1 and J3 are
forward biased and junction J2 is reverse biased, blocking the applied voltage and preventing

any current flow through the device.

Turn on and Toward Conduction If Vgg is then raised above the required threshold
voltage, Vrp, an inversion layer in the P base region is formed. This allow electrons to flow
from the n+region to the n— drift region. In order to maintain space charge neutrality holes are
attracted through the now forward biased pn junction at J1. This causes an approximately equal
excess amount of minority and majority carriers to gathered in the n—drift region, drastically
increasing the conductivity of this region. The flow of the minority carriers from the collector
and the majority carriers from the emitter results in a net current flow through the device.

When the potential drop across the inversion layer becomes close to the difference between
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Vag and Vg, the MOSFET structure exhibits pinch off, limiting the electron flow through the

channel. This causes saturation of the collector current .

Turn Off If the device is forward conducting and Vgg is lowered back below Vpg. The
inversion layer between the P base region is removed, halting the flow of electrons from the
emitter into the n—drift region. This removes most of the base current for the internal pnp
structure. However there is still a significant amount of excess charge stored in the n— drift
region which can only be removed by recombination. This results in a characteristic tail current

in I. as the IGBT resumes forward blocking.

Reverse Blocking If a negative Vg is applied to the device the pn junction J2 is reverse
biased and no current can flow. In most VSC topologies this feature is unneeded as it is necessary
to parallel the device with an anti-parallel diode as the load will usually contain an inductive

element.

Punch Through V. Non Punch Through Devices IGBTs can be sorted into two broad
categories, Punch Through (PT) and Non Punch Through (NPT) arrangements. The arrange-
ment shown in Figure 5.1 is a PT device. A PT device contains an additional n+ buffer epitaxial
layer between the p+region at the collector and the n— drift region. In PT devices during Re-
verse blocking the depletion layer completely depletes the n— drift region and moves into the
additional n+ region. This is referred to as ’punching through’. The n+ region prevents the
depletion region from reaching the p+ substrate, which would results in breakdown of the de-
vice. It is infeasible to grow a n+ buffer epitaxial layer that is deep enough to support voltages
above 1200V. For this reason for HV applications PT IGBTS are usually used. The addition of
the n+ buffer also drastically reduces the devices reverse blocking capability, for DC application

however this feature is rarely needed.
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5.1.1.2 Failure Mechanisms

IGBTs have several failure mechanims, which are described in the following paragraphs.

Latch Up During forward conduction, a portion of the minority carriers injected into the n—
drift region flows directly into the p+ region at the emitter, through the devices parasitic pnp
structure. If this current reaches a large enough level, the voltage drop across the p body layer
is enough to the inject electrons into the p base of the internal parasitic npn structure, which
in turn leads to an injection of current into the p region of the parasitic pnp structure. This
causes a positive loop gain between the two structures, resulting in latch up, where removing

Ve no longer controls the current flow through the device [89)].

Safe Operating Area The Safe Operating Area (SOA) of an IGBT is defined as the area
of simultaneous collector current (I.) and collector-emitter voltage (Vog) that the device can
withstand and successfully turn-on and turn-off without failure, such as latch up or thermal
breakdown [92]. The SOA can be broken down into the Forward-Bias Safe Operating Area
(FBSOA) and the Reverse Bias Safe Operating Area (RBSOA).

The FBSOA defines the collector current and collector-emitter voltages under which the
device can safely turn-on and conduct during its on-state without failure. It is important for
designing short circuit protection.

The RBSOA defines the boundary of simultaneous collector current and collector-emitter
voltage that the device can withstand and successfully turn off. Most modern high power
IGBTSs have nearly rectangular SOA. The switching trajectory can be shaped to keep it within
the SOA by adjusting the gate resistance, usually at a penalty of increased switching losses,
or by using snubber circuits across the device to absorb some of the inductive energy from the
load being switched. A snubber will come at the cost of increased expense and size, as well as
associated losses in some designs. An example switching trajectory is shown in Fig. 5.2. This

trajectory is close to exceeding the SOA, which could result in device failure.
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Figure 5.2: Example SOA with switching trajectories for hard switches of inductive load.

Junction Temperature Increasing the junction temperature past the design limits can result
in a sudden decrease in the SOA of the device, leading to sudden destruction or latch-up during
a switching event. In addition it has an impact on the reliability and lifetime of devices, as

discussed in Chapter 4.

Short Circuit Protection Short circuit conditions in power converters can occur due to
numerous mechanisms. In the case of a half-bridge sub-module the most likely cause is a failure
in the other IGBT within a half-bridge pair. Modern high power IGBTs are rated to survive
short circuit conditions, provided the necessary protection is implemented ont he IGBT gate-
driver.

As the short-circuit current rises the device will be driven out of saturation and the collector-
emitter voltage will rise. This increase in the collector-emitter voltage can be used to detect

the short-circuit condition and cause the gate-drive to drive the devices gate low. During short-
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circuits the combination of high-current, as well as an increase in collector-emitter voltage
results in a large amount of power being dissipated in the device junction. The duration of the
short-circuit must therefore be limited to prevent damage to the device. This maximum length

of this duration is typically in the region of 10us [93].

5.1.2 Converter Current Limits

In [94], which is a paper from a semiconductor manufacturer, the authors discuss the testing of
a 3.3 kV 1500 A IGBT module which they market for use within MMCs. The authors present
successful results from several tests, including turn-off of a load current of four times rated
current (6000A), as well as the reverse recovery performance of the IGBTs diode when it is
commutated with a load current of 4500 A. Both of these tests were performed with DC bus
voltages of 2500 V. Despite the capabilities of such IGBTSs, manufacturers have exhibited a large
conservatism on choosing the peak current rating of the valves within HVDC, in comparison
with the current magnitudes that the devices are capable of switching. Below is a quote from

a HVDC manufacturer [29]:

One further limitation of VSC technology is the current capability of the IGBT.
Today, the largest available IGBT has a maximum turn-off current of 4000 A, effec-

tively giving 1800 A DC transmission.

In an MMC operating at a modulation index close to 1, the peak arm current is roughly
equivalent to the DC current. The above quote indicates that they apply a de-rating factor
of approximately 0.45 to the peak current rating of the arm, in comparison to the peak turn-
off capability of the IGBTs within the converter. This is unlikely to be driven by junction
temperature considerations as this manufacturer utilises press-pack devices, which are cooled
from both sides. The junction temperature of such devices can therefore be expected to be lower
than the values given in Chapter 4, which considered converters that use IGBTs with High-Pak

cases. The conservatism placed on the peak arm current is therefore likely driven by the need
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to deal with fault scenarios which can result in uncontrollable over-current events. The peak
current rating of the valve must therefore be chosen so that the worst case peak fault current
remains within the turn-off capability of the IGBTs [95].

In [95], which is a paper from GE Grid, DC side faults, internal flash-over causing a line-to-
line fault at the converter side of the transformer (as illustrated in Fig. 5.3a), and an internal
flash-over across one valve of the converter (as illustrated in Fig. 5.3b) are identified as the most
serious fault scenarios which result in uncontrolled over-currents. For the DC pole to pole fault
and the line to line fault cases the rate of rise of current is limited by the arm inductors within
converter, the converters controller can therefore detect and block such faults in a relatively
short amount of time. A simulation results of an internal line-to-line fault in an MMC are
shown in Fig. 5.4. The fault causes the converter to loose current control, with the fault current
quickly rising. The controller detects the over-current and blocks the converter, which drives
the current through the converter back to zero. In order to block the converter the IGBTs must
turn-off and commutate the current into the anti-parallel diode paths, requiring them to switch
the over-current. The authors of [95] found that the required peak current handling capability
to be close to 2 pu. For the internal flash-over fault it was found to be necessary to rely on the

IGBT drive units short-circuit protection to extinguish the fault current.
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5.2 Overload Techniques

As discussed in the previous section, increasing the allowable peak arm current within a con-
verter even if only temporarily, may place the converter in danger of damage if a fault was to
occur while the converter is operating in the overload region due to a potential increase in the
over-current levels that may occur.

One interesting approach which may be used to get around this is the use of circulating
currents to suppress the magnitude of the peak arm current for a given set-point. This was
proposed in [96], which examined the expansion of the P/Q operating envelope of MMCs through
optimisation methods. These circulating currents are common mode between the upper and
lower arms of each phase, and form a balanced three phase set between all three phases. This
means they do not impact the AC and DC side current waveform. An example of circulating
current being used to suppress the peak magnitude of the arm current is given in Fig. 5.5. The
use of such circulating currents allows the limitation imposed by the converters arm current
limit to be expanded by approximately 30%. In [96], at each operating point the nominal sub-
module voltage, circulating current, and zero sequence voltage of the converter was optimised
to maximise the overall P/Q capability of the converter. Controlled circulating currents have
also been proposed to reduce the energy deviation of the sub-modules during normal operation
[97].

When considering the design for overload any optimisation technique that can be applied to
the design, should also apply to the design of the converter during normal operation. This sec-
tion will examine the design of overload in Modular Multilevel Converters under the following
assumptions. Circulating current is not utilised during normal operation, for energy deviation
reduction or otherwise. The zero sequence voltage injected into the converter voltage waveforms
is kept in phase with the fundamental component of the voltage generated by the stacks of sub-
modules. The sub-module capacitor voltage is fixed to be controlled to its nominal values at
all operating points. The design of converters with overload capacity where optimisation tech-

niques, such as those in [96], are available for use during normal operation could be investigated
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Figure 5.5: Peak arm current suppression using circulating current.

in future work.

5.2.1 Stack voltage, power and energy deviation

In Chapter 3, a method for designing an MMC for a given P/Q specification was presented.
This method depended upon analytical derivations of the converters internal voltage, current
and energy deviation waveforms. These derivations were made assuming that any circulating
current within the converter is well suppressed and controlled to zero. In this subsection a small
extension to this derivation is made to take account of the impact of circulating current on the

converters internal waveforms.

The arm current within an MMC, with a circulating current component composed of even

harmonics, can be written as in (5.1).
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By superposition, the circuit of an MMC can be split into AC and DC sides [54], as shown
in Fig. 5.6. The voltage V. can be calculated from (3.6). This simplifies the derivation of the

stack voltage waveform.
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Figure 5.6: MMC Circuit diagram split into AC and DC sides.

The circulating current imposes an additional voltage across the arm inductors of the con-

verter. This additional voltage, V., can be written as in (5.2).

[Sel

k
m Z QHWAH COS(ant - 2n§bc + ¢n) (52)

n=1

2
‘/CiI'C = Larm§
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The voltage generated by the stack of sub-modules can then be given by (5.3).

Vétack =— -V, - V;: (53)

The resulting full expressions for the arm current and stack voltage, given in (5.1) and (5.3),
could then be multiplied together and then integrated to give an expression for the overall
energy deviation of the stack of sub-modules. However this leads to a very long derivation, with
twelve terms in the expanded expression for the stack power. To avoid this, the stack power and
energy deviation are determined by numerically multiplying the expressions for the arm current
and the stack voltage together to find the power of the stack, and then numerically integrated
to get the energy deviation and then integrating. The final energy deviation of the stack is then
by calculated by subtracting any DC component from the result. The design of an MMC to a

given specification can then be performed using the methodology given in Chapter 3.

5.2.2 Circulating current for active power extension during normal

operation

The use of second harmonic alone allows up to ~25% additional apparent power to be processed
by the converter [96]. By including some fourth harmonic in the circulating current it was
found to be possible to push this limit to ~30%. The ratio of fourth to second harmonic and
the relative magnitude of the circulating current to the AC component of the arm current
was numerically optimised to give the waveform with three maxima shown in Fig. 5.5. This
numerical optimisation can decrease the peak magnitude of the arm current by a factor of
~ 0.3345 the AC component of the arm current. The expression for the circulating current in

phase A of the converter is given in (5.4).

2 c
Icirc(‘*)t) =k |S |

. ™ . ™
S MK Voo (0.3947 sin (2wt — 2¢ + 5) + 0.06034sin (4wt — 4¢ + 5)) (5.4)
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The relative magnitude of the injected circulating current, k, is calculated from (5.5), where
Lirm o and Igpm . are the AC and DC components of the arm current reference and ACL is
the arm current limit. The value of k is bound between -1 and 1. This calculation injects just

enough circulating current to keep the peak arm current at the specified arm current limit.

0 if IarmAc + ‘Iarch| S ACL
k= (5.5)
arm arm —AC . .
(0= =magleeel 2 < 1) xsign(Lunpe) - otherwise

A simulation of a converter ramping into the overload region, utilising circulating current to
keep the peak current to below the specified arm current limit is given in Fig. 5.7. The arm
current limit in this case was set to be equal to the peak current at 1 pu active power. When
the converter starts to ramp to 1.3 pu, at t=0.1 s, circulating current is injected into the arm
current reference for the converters controller, maintaining the peak arm current to the same

level as at 1 pu.
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Figure 5.7: Power ramp in an MMC from 1 pu to 1.3 pu active power - circulating current used
to maintain the peak arm current to the pre-ramp value.

5.3 Design of Overload Capacity

In this section the design of overload capacity into Modular Multilevel Converters will be con-
sidering two scenarios. In first scenario it will be assumed that the IGBTs used within the
converter are capable of switching the peak overload currents, without placing the converter in
risk of failure in the event of a fault scenario. The P/Q capability of the converter is therefore
limited by the other operational limits imposed on the converter. The other scenario will assume
that circulating current must be used to expand the P/Q capability of the converter past its
normal operating limitations.

Figure. 5.8 shows the impact that the peak suppressing circulating current has on the con-
verters internal energy deviations and voltage waveforms. The grey lines in each sub-plot show
the boundary where circulating current is used to suppress the peak arm current. The circu-

lating current can be seen to have a clear impact on the magnitude of the peak and minimum
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Figure 5.8: Impact of peak current suppressing circulating current on an MMCs internal energy
deviation and voltage waveforms - grey line shows point at which circulating current is injected.

energy deviation of the converter. This increase in energy deviation will translate into a design
penalty in terms of the de-rating that is applied to each sub-module in order to limit the peak
sub-module voltage reached, as well as the required overall number of sub-modules within each

stack.

The base case scenario that will be considered in this section is the MMC design with a 9 mF
sub-module capacitor, designed using the methodology given in Chapter 3. The specifications

of this base case converter are given in Table. 5.1.

A comparison of the required number of sub-modules, the required amount of de-rating

applied to the nominal sub-module voltage and the overall required voltage rating of stack, for
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Table 5.1: Overload base case modular multilevel converter specification.

Characteristic Value
Rated Power 1575 MW
DC Voltage +525 kV
AC Voltage Variation +5%
Transformer Leakage Reactance 0.14 pu
Arm Inductor Size 0.2 pu

Peak Rated Sub-Module Voltage 2000 V
Over-Modulation Safety Factor 0.05

Energy Safety Margin 3 kJ/MVA
Sub-module capacitor size 9 mF

Number of sub-modules per stack 591

Nominal sub-module voltage 1831

Nominal stored energy 33.92 kJ/MVA

both cases, is given in Fig. 5.9. The requirement to use circulating current can be seen to have
a much steeper design penalty as the rated overload capacity is increased, in comparison to the
case where an oversized semi-conductor is used. To achieve a 30% overload rating requires an
approximate 10% increase in the number of required sub-modules if circulating current must be

used, while only a 3% increase is required if an over-sized semiconductor is used.
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Figure 5.9: Design comparison for achieving overload capability.

5.3.1 Design Verification

The accuracy of the design MMC methodology has already been verified in Section. 3.3.5.1 for

the case of the MMC operating without circulating current. For this reason only the MMC

design utilising circulating current is verified. Four of the outer points on the P/Q envelope

were tested using a simulation model of the converter rated for an overload rating of 30%. The

results of this are shown in Fig. 5.10. The converter operates against it design limit, as expected,

at the tested operating points.
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achieved using circulating current
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5.4 Dynamic Thermal Rating Of Converters during Overload

Conditions

The previous sections of this chapter investigated potential methods of designing overload ca-
pacity into Modular Multilevel Converters. This study highlighted that overloads in the region
of 30% could be achieved, while respecting the voltage limits of the converter, the peak sub-
module voltage limit and the arm current limit. This was achieved with a design penalty of

approximately 10% additional sub-modules required within the converter.

Fig. 5.11 shows the estimated power-losses and junction temperatures within a Modular
multilevel converter that uses circulating current to achieve an overload rating of approximately
30%. The overall increase in power-losses moving from 1 pu to 1.3 pu is approximately 80% in
inverting mode and 68% in rectifying mode. The maximum junction temperatures reached at
1.3 pu, assuming a 70°C' ambient coolant temperature is 124°C' during rectifying mode and 120.
These junction temperatures are and are close to the 125°C operating limit of most high power
IGBTs. Section. 5.4 will explore the idea of dynamically rating the converter, based upon the
estimated instantaneous maximum junction temperatures within the converter, so as to limit

the junction temperatures reached to significantly below these levels.
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Figure 5.11: Power-losses and junction temperature in an MMC with circulating current used
to achieve overload.
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Figure. 5.11 illustrates that even if the other factors that limit the converters P/Q capability
can be designed around, the junction temperatures that the devices reach in the overload region
may become the dominant factor that limits the converters overload capability. This section
will consider the dynamic thermal rating of a modular multilevel converter, exploiting the
slower thermal dynamics of the IGBT module and heat-sink, so that the full overload capability
of the converter can be utilised for a short period of time, before the converters set-point is
dropped back down so as the limit the maximum temperature reached by the IGBTs to a level
significantly below the steady-state junction temperature. In Chapter 4 a transient thermal
model of a heat-sink mounted IGBT was developed. This is model is used in conjunction with
the power-loss block also introduced in Chapter 4 to investigate this idea.

The following section in this chapter contains some power system simulation results, in-
vestigating the application of temperature-restricted dynamic overload to frequency support
provision in a power system simulation that is representative of the GB network. This work

was done collaboratively with Claudia E. Spallarossa and Inma Martinez Sans.

5.4.1 Dynamic Temperature Restricted Overload

Figure 5.12 shows the layers of the cooling path in an IGBT module from the silicon die to
the ambient cooling liquid, as well as simulation results showing the difference in temperatures
between the internal layers of the IGBT in response to a stepped change in heat dissipated at
the IGBT dies. The upper layers of the IGBT module, such as the silicon die, copper substrate
and ceramic insulation can be seen to heat up very quickly. The lower layers in the cooling path,
such as the baseplate and the heat-sink heat up at much lower rates, as well as contributing a
large part of the overall thermal impedance from the silicon die to the ambient cooling liquid.
When considering dynamic thermal rating it is the response of these slower elements that will
be exploited.

A simulation of the IGBT junction temperatures of an MMC doing a stepped reference change

from 1 pu to 1.3 pu is shown in Fig. 5.13. During the initial portion of the transient (from 20-30
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Figure 5.12: Difference in layer temperatures in IGBT module in response to a stepped 1 kW
of heat at the IGBT dies.

s) the junction temperature rises quite rapidly. This corresponds to the silicon dies, copper
and ceramic substrates heating. The following response is from the slower thermal dynamics of
the baseplate and the heat-sink itself heating up. The 90% rise time of the system is ~ 15.4
seconds, while the 75% rise time is ~ 15.4 seconds, the 50% rise time is ~ 15.4 seconds and the

25% rise time is ~ 0.35 seconds.
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Figure 5.13: Junction temperature sin the lower IGBT of a half-bridge MMC during a stepped
reference change from 1 pu to 1.3 pu - circulating current used to achieve overload.

To exploit this short term thermal response a dynamic overload controller was developed,
which actively limits the allowable power based on the estimated junction temperatures within
the converter, allowing the peak junction temperature to be restricted to a specified limit. The
overview of the control scheme is given in Fig. 5.14. The power loss estimate block outputs
an estimate of the losses within the converter. These losses are then applied to the transient
thermal model of a heat-sink mounted IGBT. The maximum estimated junction temperature
from the thermal model is then compared to the specified junction temperature limit, T3, ..,
to generate an error signal which is passed as an input to an integral controller. The output
of this integral controller is set to saturate between the rated power of the converter, S;qied,
and the maximum allowable overload power, S;,q,. This prevent the overload controller from

interfering with the converter during normal operation. The output of this integral controller

then limits the magnitude of the power reference, S,.r, that is sent to the converter.
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Figure 5.14: Dynamic overload controller

An example of this controller operating is given in Fig. 5.15. In the simulation results shown
an MMC was attached to a voltage source representing an AC grid. This voltage source was used
to synthesise an AC frequency event. A frequency-droop controller was added to the converter’s
controller power reference generator, causing it to increase its power output in proportion to
the frequency deviation of the voltage source. The dashed lines represent the overall power
reference sent to the converter, corresponding to S* in Fig. 5.14. The solid line shows the
measured power output of the converter, which is set to a maximum allowable value of 1.3 pu.
When the junction temperature exceeds the specified limit of 110°C' the overload controller
restricts converters power output back down, keeping the maximum junction temperature at

the specified limit.

An example of the dynamic overload rating which may be achieved is given in Fig. 5.16.
The plot show the power curves that the converter can follow and still keep the peak junction
temperature of the device below the specified limit. The dotted line shows the interpolated
point where the converter’s power would have to be ramped back down to prevent over-heating
of the devices. This plot was generated using and the overload controller described above.
With the 10 °C of thermal overhead the converter has a steady-state overload rating of 1.14
pu. Short-term overloads of up to 1.3 pu are allowable for up to 2 seconds before the overload

controller constrains the converter’s active power set-point back down.

A worst case of operating a 1 pu active power prior to overloaded operation was assumed

for the given curves, this means the converter has the minimum amount of available thermal
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Figure 5.15: Dynamic overload example. Dashed blue line shows power reference, solid blue

line shows achieved power set-point.

overhead before moving into the overload region. The rating will be different depending on
whether the converter is operating as an inverter or rectifier because of the thermal imbalance
between the diode and IGBT junction temperatures within the module. In a point-to-point link

the worst case will be the limiting factor, however in multi-terminal networks this may not be

the case.
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Figure 5.16: Transient overload rating curve assuming 10°C' of exploitable thermal overhead.

Other elements in the HVDC system, such as the cable system and converter transformers,
may also impose thermal limits on the amount of time the overload capability is available.
Overloading of transmission scale transformers is a well understood and utilised in practice
in many power-systems [98, 99]. The temperature dynamics of transformers under overload
conditions occur over long time-scales, for example in [100], an approximate 30% overload was
found to be acceptable for a 1 hour period. Dynamic rating of overhead lines and cables has also
been investigated (albeit for AC systems) and found to have similar time constants [101, 102].
The short-term response of an HVDC system, is therefore expected to be dominated exclusively
by the limitations imposed by the converter itself, with the other elements within the overall

system limiting the power transfer capability at longer time-scales.

5.4.2 Application to Primary Frequency Frequency Response in a Multi-Bus
System

This work was carried out collaboratively with Dr. Claudia E. Spallarossa and Dr. Inmaculada

Martinez-Sans

This section presents the results of an investigation into the application of the overload con-
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troller scheme detailed to providing frequency support in a using a three-machine GB equivalent

test system implemented in DIgSILENT PowerFactory.

The specification of the converter used in this study is given in Table. 5.2. The arm inductance
and leakage inductance values are larger than has been previously used in this thesis due to

how the author of the the MMC model implemented it in DIgSILENT [103].

Table 5.2: HVDC SYSTEM DATA

Ve Converter rated DC voltage +525 kV
Vae(L — LRMS) Converter rated AC voltage 643 kV
Proted Converter rated power 2.55 GW
L [lovw Arm inductances 140 mH (0.27 pu)
Xif Transformer leakage + line reactance 20.75 %
l DC line length 300 km
Lgted DC line rated current 2.4 kKA
R’ DC line resistance 0.0113 Q/km
r DC line inductance 0.362 mH/km
C’ DC line capacitance 0.212 pF/km

The IGBT used for this converter was a 1.2 kA 5SNA 1200E3300. This IGBT was chosen
due to the desire to have converters in the region of 2.55 GW, 30% larger than the 1.8 GW
loss of infeed limit that currently exists for the GB system. Each converter station in this
chapter is considered to be formed of two parallel converters of a rating of 1.25 GW. This IGBT
module uses the same package as the 5SNA 1500E3305 IGBT considered in other chapters of
this thesis. To achieve the power ratings of 2.55 GW, each each converter station is considered
to be comprised of a parallel arrangement of two of the converters. The power-losses from a
detailed switching model of this MMC were characterised in Simulink and then exported as a
table for use in a DIgSILENT Reduced Dynamic Model of an MMC, which is integrated into a

Great British power network representative model.
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5.4.2.1 AC system description

The system used in simulations was based off the test system presented in [104]. The three areas
represent Southern Scotland, Northern Scotland and England/Wales. Two HVDC links each
rated to 2.55 GW operating at £525kV are connected to this system, representing a connection

to either mainland Europe, or to a future multi-terminal offshore network.
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Line 1 Line 2 | ][ | : :
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Bus 3G

Figure 5.17: Three-area GB test system with two MMC-based HVDC connections (HVDC link
A and HVDC link B) to mainland Europe - Credit: C.E Spallarossa and 1.S Martinez

The operating condition chosen for the simulations was based upon the one described in [104],
and assumes a low demand scenario with 22.5 GW of synchronous generation, and 5.1 GW of
additional infeed being provided by the HVDC links. The overall inertia constant of the system
is 3.39 s. The system is operated with 2.5 GW of spinning reserve to secure against the loss of
one of the two HVDC interconnectors. The Security and Quality of Supply Standard (SQSS)
for the GB network requires that frequency does not vary outside a £+ 0.5 Hz range for more
than 60 seconds and imposes a limit on the maximum frequency deviation of 0.8 Hz for large
infrequent infeed losses [105].

Two different fault response controls are considered in the system study. The first is a
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frequency proportional droop controller. The second is a maximum release controller, which
commands the converter to inject as much power as possible if the frequency is detected to pass

below a safety threshold.

5.4.2.2 Simulation Results

Fig. 5.18 shows the response of the system to the loss of one of the HVDC links. Three cases
are considered, the first is a base case scenario, where the remaining HVDC link cannot provide
any frequency support. The other two cases are results with frequency-droop controller and the
maximum release controller. The amount of thermal margin that can exploited by the remaining
HVDC link was set to 10 °C' above the max steady-state junction temperature. Prior to the
fault each HVDC link is injected rated power into the GB grid. The loss of one of the links
therefore results in a loss of infeed of 2.55 GW.

In the case with no frequency support the frequency drops below the security limit of 49.2
Hz, reaching a nadir of 49.06 Hz, despite the 2.5 GW of spinning reserves in the system. The
system response shows significant improvement with the introduction of the dynamic overload
scheme. The nadir frequency reached with the maximum release controller is 49.54 Hz, and
49.43 Hz when the frequency-droop controller is used. The steady-state frequency is all three
cases is similar, recovering to approximately 49.7 Hz.

For the maximum release case the converter is able to inject its maximum overload power for
approximately two seconds following the detection of the frequency event, before the overload
controller constrains the converters power output back down to limit the maximum junction
temperature reached. The nadir frequency reached in this case is 49.54 Hz, significantly im-

proved on the 49.06 Hz reached when no overload is available.
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Figure 5.18: System response to HVDC link B outage: 1) no frequency response from HVDC
(blue traces); 2) frequency response from HVDC with a frequency-power droop controller (red
traces); 3) frequency response from HVDC with a maximum power release controller (orange
traces)

Sensitivity to available thermal overhead The test scenario was repeated, however this
time the amount of exploitable thermal overhead was varied, from 5°C| representing a case with
very little exploitable thermal overhead, to 15°C'. The results of these simulations are given in
Fig. 5.19. Interestingly the system response is still significantly improved even in the case with a
thermal overhead of only 5°C'. The higher droop gain value and the maximum release controller
show similar responses in this scenario. The converter quickly responds to the frequency event,
injecting its maximum possible overload power. This is then constrained downwards by the

overload controller. The nadir frequency reached for all cases is above 49.4 Hz. The highest
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frequency nadir is observed for the maximum release power controller with thermal overhead of
10°C and above. In general there is little difference observed between cases where there is 10°C
and 15°C of thermal overhead available. A slight difference is observed in the new post-fault

steady-state frequency reached by the system due to the higher steady-state overload capability

available.
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5.5 Chapter Conclusion

This chapter investigated how overload capacity could be built into Modular Multilevel Con-
verters, in order to enable system support services such as frequency response. The peak arm
current limit, enforced due to the need to have due to over-current events caused by fault situa-
tions, was identified as the main barrier to achieving an overload rating. The potential of using
circulating currents to get around this issue was investigated. Results indicate that a 30% over-
load could be achievable with a design penalty of approximately 10% additional sub-modules
required in the converter design.

The junction temperatures reached by the IGBTs within the converter may be another factor
that limits the converters overload capability. This chapter introduced the idea of dynamically
rating a converter operating in the overload region so as to limit the maximum junction tem-
perature reached in the converters IGBTs to below a specified operating limit. This operating
limit may be significantly below the steady-state junction temperatures that would be reached
if the converter operated continuously in the overload region.

An overload controller has been developed which dynamically sets a limit on the converters
active power capability. This overload controller was then implemented in an MMC reduced
dynamic model and integrated into a test system which is representative of the GB network. The
usefulness of this scheme to providing primary frequency support to the network in the event of
a loss of infeed event was then investigated. Results indicate that the scheme makes significant
improvement to the overall response of the system, even in cases where the exploitable overhead

in terms of temperature is very low.
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6 Power-Groups: Design and Operation

This thesis chapter details the work undertaken in developing a modular structure, composed
of a stack of sub-modules in parallel with a thyristor valve, with the aim of achieving Voltage
Source Converters with near-CSC efficiency levels, whilst retaining the controllability advantages
of VSC technology.

Most of the work presented in this chapter, and the following chapters, was carried out whilst
undertaking a consultancy study for GE Grid Solutions (formerly Alstom Grid). I would like
to thank Kevin Dyke, the late Colin Oates, Dave Trainer, Francisco Moreno and Konstanstin
Vershinin for the opportunity to work on this topic, as well as providing helpful feedback during
numerous meetings.

This chapter is structured as follows; the first section gives an introduction to the power-group
concept. The second section gives some background detail on thyristors and their operation, as
well as detailing their limitations. The following section details the operational considerations
in achieving a practical power-group design, including the control of the thyristor turn-on and

turn-off, as well as a snubber design for the thyristor valve.

6.1 Introduction

The introduction of the Modular Multilevel Converter can be considered a major step change
in both the efficiency and the controllability of voltage source converters, and the beginning
of a new generation of circuit arrangements. The topology allowed a vast reduction in the

required switching frequency of the semiconductor devices, resulting in a converter where the
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semi-conductor losses are nearly completely dominated by the conduction losses. Despite this,
the efficiency levels achievable with MMC converters are not on par with the efficiency levels that
can be achieved using thyristor-based Current Source Converters (CSC). This is down primarily
to the difference in the characteristics of the devices used in VSC and CSC converters.

A comparison of the forward voltage drop in a 8 kV thyristor from IXYS Westcode, and a
3.3 kV IGBT from Infineon is shown in Fig. 6.1. The forward voltage drops of the devices
have been normalised by the devices’ peak rated blocking voltage to give an indication of the
conduction losses that may be expected for a given power processing capability. The relative

drop across the thyristor device is approximately one quarter that of the IGBT.

3.5

T
3.3kVIGBT
8 kV Thyristor

Conduction Loss/Blocking Voltage (W/V)

500 1000 1500 2000 2500 3000
Current (A)

Figure 6.1: Normalised conduction loss against current for a 3.3 kV IGBT and an 8kV Thyristor.
Efficiency improvements in wholly IGBT based converters can only reasonably be expected to
come about due to improvements in IGBT technology. Another generational leap in efficiency

may be expected if Silicon Carbide semiconductors with adequate voltage and current ratings

for HVDC applications become commercially available.
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6.2 Power-Group Concept

Power-groups (PG) are proposed here as a modular structure, comprising of a series stack
of sub-modules in one branch,with a parallel branch containing anti-parallel thyristor valves
in series with a commutating inductance. The stack of SMs is capable of generating a voltage
output, while the thyristor branch acts as a low impedance bypass path which can be used when
the stack of SMs within the power-group is not required to generate a voltage. When the stack
of sub-modules is required to generate a voltage again the thyristor can be commutated off by
applying a reverse voltage generated by the stack of sub-modules. In this manner the thyristor
can be made to act as a fully controllable switch. Two potential power-group structures are
shown in Fig. 6.2. For the case of the half-bridge power-group structure, at least one full-bridge
sub-module capable of generating a negative voltage would have to be included in each power-

group to allow the thyristor current to be commutated, as will be described in Section. 6.4.1.

T

l

(a) Full-bridge stack. (b) Hybrid stack
with half-bridges
and a single full-
bridge.

Figure 6.2: Power-group structures.
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Power-groups could be used as the building blocks for implementing any converter based upon
a modular multilevel design. This is illustrated for the case of a power-group augmented MMC

in Fig. 6.3.
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Figure 6.3: Modular Multilevel Converter augmented with stacks formed out of series connected
power-groups.

The thyristor valve within each power-group can be utilised when the sub-modules within
the power-group are required to generate zero volts. Opportunities to do this can be created
by dividing the overall voltage to be generated between power-groups so that they are mostly
assigned to either generate their full available output voltage (i.e. insert all sub-modules within
the power-group) or generate zero volts. One power-group within the arm will generate an
intermediate voltage, so as to allow fine current control. This is illustrated in Fig. 6.4 for the
case of an MMC which has been augmented with five power-group structures per converter
arm. The top sub-plot shows how the stack voltage is divided between the five power-groups
within the arm. The middle sub-plot shows the voltage generated by the sub-modules within

the first power-group within the arm. It can be seen that the power-group mostly generates
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either zero volts, or its full available voltage. For a small part of the cycle it generates an
intermediate voltage. The lowest sub-plot shows the path that the arm current takes through
the first power-group. When the power-group is generating a voltage the arm current flows
through the sub-modules and the thyristor valves are in a blocking state. When the power-
group is set to generate zero volts the thyristor valve is fired, and the current commutated from
the SM path within the power-group into the thyristor valve. When the power-group is required
to generate a voltage again the current is commutated from the thyristor valve back into the

sub-modules.
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Figure 6.4: De-composition of stack voltage into power-group voltages and current through a
power-group in a power-group augmented MMC. Top: Stack voltage divided between power-
groups (pu on DC pole to pole voltage). Middle: Voltage generated by power-group 1 within
the arm (pu on the available voltage capability within the power-group). Bottom: Current path
of arm current through power-group 1.

The Power-Group concept was inspired by the Controlled Transition Bridge (CTB) introduced
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by the late Prof. Colin Oates in [106], two variants of which are shown in Fig. 6.5. The CTB is
a hybrid converter which combines a six pulse bridge, with stacks of sub-modules. The six pulse
bridge switches at the fundamental line frequency and performs the bulk of the power-processing
and voltage generation. The multilevel stacks exist to reduce the harmonics generated by the
six pulse bridge, as well as managing finer current control. The inclusion of the controllable
multilevel stacks means the six pulse bridge could potentially be formed out of thyristors, rather
than self-commutating devices such as IGBTs. The commutation of the thyristors could then

be managed by the multilevel stacks.
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(a) Variant with star STATCOM and DC side (b) Augmented modular multilevel converter
stacks. variant.

Figure 6.5: Controlled transition bridge variants.

The first CTB variant shown in Fig. 6.5a contains a star arrangement of sub-modules stacks,
the centre point of which is connected to the mid-point of a pair of stacks on the DC side. The
second variant shown in Fig. 6.5b was termed the Augmented Modular Multilevel Converter
(A-MMC). In this case the stacks of sub-modules are placed in parallel with each valve of the

six-pulse bridge. The A-MMC was a major source of inspiration for the Power-Group concept.

In comparison to other thyristor based voltage source converters such as the Controlled Tran-
sition Bridge and Augmented Modular Multilevel Converter, converters augmented with power-

group structures do not require the entire stack of sub-modules to be bypassed, or for one phase
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of the converter to be clamped to a DC rail, but instead some fraction of the overall sub-module
stack can be bypassed through the thyristor branches in each power-group. Thus the potential
efficiency improvement may be achieved without compromise on the quality of the converters
output waveform. The power-group concept may be particularly interesting for use in DC fault
tolerant converters that require the use of sub-modules that are capable of generating a bipolar
output voltage. They may help mitigate the loss penalty that the use of additional IGBTs in

full-bridge sub-modules entails.
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6.3 Thyristors

This section details the operating principles and limitations of thyristors, in order to provide

context for how they will impact the design and operation of power-group structures.

Thyristors are bipolar switching devices which function in a similar manner to a controllable
diode. They are capable of blocking voltages in both the forward and reverse direction, allowing
current conduction in the forward direction upon the application of a gate current. Once this
gate signal is applied the device becomes uncontrolled and requires the current through it to be

externally commutated before it can regain its voltage blocking capability.

The structure of a thyristor is shown in Fig. 6.6. It is a four-layer device composed of
alternating p-type and n-type layers of silicon. The gate connection of the device is to the
p-type layer closest to the cathode of the device. While the device is turned off it is capable
of blocking both forward and reverse current because of the forward and reverse facing pn

junctions.

Cathode
|
n Cathode
Gate
n
Anode Anode
(a) Construction (b) Symbol

Figure 6.6: Thyristor construction and symbol.
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6.3.1 Turn-On Characteristic

One of the classic ways of explaining the operation of a thyristor is the use of the two-transistor
model, as shown in Fig. 6.7. The thyristor can be split into two linked structures, one forming
a pnp structure, and the other a npn structure. The thyristor’s gate is connected to the base
of the npn structure and the collector of the pnp structure. The thyristor may be turned on
by application of a gate current, typically a few amps in magnitude, when there is a positive
voltage from its anode to cathode. The applied gate current is injected into the base of the npn
structure, causing the current amplifying BJT structure to draw a current from its collector
to its emitter. This amplified current is drawn through the base of the pnp structure, causing
further amplification of the current. This current then adds to the gate current, causing a
positive feedback loop between the pnp and the npn structures. This feedback action increases

until both structures are driven into saturation and the device is in its fully on mode.

Cathode
Cathode

Emitter

n Gate Base /|7
AN

Gate Collector
Collector

n Base

Emitter

Anode Anode

(a) Split into pnp and npn (b) Representation as two
structure. BJTs.

Figure 6.7: Two-transistor model of thyristor.

6.3.1.1 Turn-On Losses

When the thyristor first turns on, the load current will not flow equally throughout the entire

silicon wafer, instead it is concentrated at first in a region around the gate terminals. The thyris-
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tor then goes through a carrier spreading stage as more of the silicon area enters conduction.
During this period the forward voltage drop of the thyristor will be higher than it will be when
the whole silicon area is in a fully conducting state. The spreading loss, caused by this higher
forward voltage drop can considered be to be excess conduction losses. From the data-sheet of
the ABB 8 kV 2.12 kA 5STP 20Q8500 thyristor, this spreading loss can be expected to be in

the region of 1.2 joules for a rectangular current pulse.

6.3.2 Turn-Off Characteristics

Thyristors can only be turned off if the current flowing from anode to cathode is driven to
zero by external circuit conditions. This is typically accompanied by application of a reverse
voltage. When this happens thyristors experience a reverse recovery effect due to the evacuation
of stored charges within the device’s junction.

An illustration of the thyristor turn-off process, adapted from [107], is shown in Fig. 6.8. At
the start, the thyristor is in a blocking state with positive forward voltage Vp from its anode to
cathode terminals. Upon application of a firing pulse the thyristor enters its forward conduction
state, no longer blocking the voltage and conducting the load current.

At turn-off, the anode current is commutated by an external voltage, decreasing through the
zero-crossing and then turning negative while the thyristor goes through reverse recovery. The
rate at which the anode current is commutated is governed by the magnitude of the external
commutating voltage and the inductance within the circuit.

The thyristor will not regain its forward voltage blocking capability until recombination of
the carriers at the central pn junction takes place. This typically takes much longer than the
length of the reverse recovery time (t,,). The minimum required time between the zero crossing
of the anode current and the re-gaining of forward voltage blocking capability is called the
thyristor turn-off time (t,). If a forward voltage is applied before this recombination effect has
completed the thyristor is at risk of re-entering conduction. In power-group applications this

would lead to an effective short-circuiting of the parallel stack of sub-modules. As the turn-off
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time is a recombination effect the impact of the rate of charge evacuation from the junction
during reverse recovery has limited impact on the magnitude of ¢,. The ¢, value has positive

correlation with [108]:

e Device junction temperature T}
e Forward current magnitude Ip
e Rate of commutation of anode current _ng

. dV
Rate of reapplied forward voltage <32

And negative correlation with:

e The peak reverse current Irys

e The reverse voltage Vs

6.3.2.1 Turn-Off Losses

Similar to diodes, thyristors exhibit turn-off losses due to the recovery of stored charge within the
device when a reverse voltage is applied across them. For high voltage thyristors, this recovered
charge can be relatively large. The turn-off loss that can be expected is approximately linearly
dependant on the reverse commutating voltage magnitude, and so if a large commutating voltage

is used the turn-off losses may be high.

6.3.3 Operating Limitations

Like all power semiconductor devices, thyristors have limitations on both their current carrying
capability and voltage blocking capability. In addition to these limitations they also have di/dt
limits during turn on and dV/dt limits when in a blocking state that must be respected. These

limits are detailed below.
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6.3.3.1 di/dt Limits

Thyristors have limits on the acceptable rate of rise of current through the device during turn-
on. This is due to the spreading phenomenon detailed in Section 6.3.1.1. If the rate of rise of
current rises fast enough whilst the device is still not fully turned on, localised losses in the
regions of the thyristor structure that have turn-on will be heated to the point of damage. The

Infineon T2871N thyristor has a critical rate of rise of current limit of 3004/ us.

6.3.3.2 dV /Dt Limits

Thyristors have limits upon the rate of change of applied voltage in the forward direction that
they are able to withstand without accidental triggering occurring. This accidental triggering
can occur due to the induced currents within the junction capacitance of the device caused by

the applied voltage. The Infineon T2871N thyristor has a critical dVp/dt limit of 2000V /us.
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Figure 6.8: Thyristor turn-off characteristics - Adapted from [107].
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6.4 Power-Group Design

This section details the design challenges that must be taken into consideration in realising a
power-group structure. The section is framed around the design of an example power-group
with 8 sub-modules per power-group, however most of what is presented is easily scalable to
power-group designs with different number of sub-modules.

For modularity and voltage clearance design reasons it may be desirable to manufacture
power-groups with a small number of sub-modules per power-group. A power-group could then
take the form of a single rack of sub-modules, such as the design from Alstom Grid shown in

Fig 6.9, which is then augmented with a thyristor valve that is located at one end of the rack.

Figure 6.9: Power-Module of 8 sub-modules - Credit: Alstom Grid.

The example power-group design considered in this thesis consists of 8 full-bridge sub-modules

in parallel with a thyristor valve composed of three 8 kV phase-control thyristors. The full design

specifications of this power-group are given in Table. 6.1.
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Table 6.1: Power-group design specification.

Number of Sub-Modules Per Power-Group 8

Number of Thyristor per Valve 3

Nominal Sub-Module Voltage 1800 V

Peak Sub-Module Voltage 2000 V

Nominal Power-group Voltage 14.4 kV

Rated Peak Current 1500 A

IGBT Device Infineon FZ1500R33HES3 - 3.3 kV 1.5 kA
Thyristor Device Infineon T2871N - 8 kV 2.62 kA

6.4.1 Turn-On and Turn-Off Process

In power-groups the turn-on and turn-off of the thyristor valve can be actively controlled by
using the parallel stack of sub-modules to generate voltage which will drive a circulating current
around the power-group, either forcing the current into or out of the thyristor valve. This is

illustrated in Fig. 6.10 for the case of the turn-off of the thyristor valve.
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Figure 6.10: Overshoot in arm current due to thyristor reverse recovery.
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It will be necessary to include some inductance in series with the thyristor valve in order to
allow these circulating currents to be controlled. This inductor will have several roles; Firstly
to limit the rate of rise of current through the thyristor during the initial thyristor turn-on
process. Secondly to limit the rate of fall of current, and reverse recovery current magnitudes,
through the thyristor during the turn-off process. Lastly, as will be discussed in Section. 6.4.2,
it has an important interaction with the snubber network placed across of the thyristor valve

to limit the dV/dt values experienced by the thyristor.

To ensure the thyristor valve turns on when it is fired it will be necessary for it to be forward
biased prior to it receiving a firing signal. Initially natural commutation of the arm current
from the sub-module path to the thyristor branch was considered (i.e firing the thyristor valve
when the sub-modules are set to a zero voltage state), however advice from GE engineers was
that this would result in unreliable turn-on. When the thyristor is fired this forward voltage
will then appear across the commutating inductor. The commutating inductor must therefore
be sized so as to limit the di/dt of the current through the thyristor during turn-on to sensible

levels to prevent damage to the thyristor.

The magnitude of the voltage used to commutate the thyristor valve will also directly impact
the magnitude of turn-off power losses within the thyristor valve. It may also be important
to ensure low reverse recovery current magnitudes. In power-group applications, the reverse
recovery current, I, will circulate in the path shown in Fig. 6.10a. This means that during
the turn-off process the stack of sub-modules will experience a current that is equal to the arm
current, plus the reverse recovery current. Some coordination of timing may be necessary to
ensure that no sub-module undertakes a switching operation during the commutation period in
order to protect the IGBTs from attempting to switch this large current, which may be beyond
their Safe Operating Area capabilities. After the current has been forced through the zero
crossing, the voltage across the valve must then held negative for a period of time, termed the
hold-off time (tpo1a—off), that exceeds the turn-off time (¢,) of the thyristor. After the hold-off

time has expired the power-group would then be available to generate a voltage.
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6.4.1.1 Commutating Voltage Generation

In power-groups with many sub-modules per power-group, it may be acceptable to use a single
sub-module, with a voltage in the region of 1.8 kV, to generate the commutating voltage for
turn-on and turn-off of the thyristor valve. However in designs with fewer sub-modules per
power-group, such as the 8 sub-module example power group being discussed, this may not be
suitable as it would lead to a requirement for a large commutating inductor and high turn-off
losses. It might be possible to include a dedicated turn-off off sub-module within the stack
that operates at a lower voltage and is not used for voltage generation. However this leads to
increased design complexity, as well as a single point of failure in the event that this turn-off
sub-module fails.

One potential method of generating a low voltage, which could be used to control both the
turn-on and turn-off of the power-group thyristor, case would be to use the difference between
two sub-module voltages to generate the commutating voltage. By inserting one sub-module
in a positive direction, and another in the negative direction the differential voltage between
the two sub-modules could be placed across the thyristor valve. This may allow voltages in the
region of 100-200 V' to be used, lessening the required size of the commutating inductor, and
decreasing the turn-off losses experienced within the thyristor valve. For the example power-
group this would result in commutating voltages in the region of 33 — 60 V per thyristor,
leading to turn-off losses in the region of 1 joule per turn-off event. This concept is illustrated
in Fig. 6.11. This method of generating the commutating voltage is applicable to any power-
group structure with at least two sub-modules, one of which must be capable of generating a

bipolar output voltage.
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Figure 6.11: Intermediate sub-module commutating voltage generation.

The power-group controller should ensure that the correct differential voltage is available
before the power-group thyristor is fired. This could be achieved by actively discharging a sub-
module by inserting it into the current path prior to firing the thyristor valve. Once the correct

differential voltage is achieved the thyristor valve could be forward biased and then fired.

To ensure that the thyristor is fully turned-off, the hold-off time is required to be longer than
the ¢, of the thyristor valve. During this time the thyristor valve should have a reverse voltage
imposed on it to ensure that it has been fully turned off. If a large phase-control thyristor, such
as the T2871N device is to be used, than this hold-off time may be significant. The data-sheet
specified t, value for this thyristor is 550 us, however this is given for lower dV /dt values (20
V/pus) than will be experienced in power-group applications (~ 200V/us). For this reason it is

considered likely that this hold-off time may have to be in the region of 1 ms.
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The sub-modules generating this reverse voltage will be in the current path of the arm current,
resulting in them either being charged or discharged. For a converter with peak arm current of
1500 A and a 6 mF sub-module capacitor this would result in a 250 V change in voltage over
a hold-off time of 1 ms. For the differential voltage the effective capacitance of the two series
sub-module capacitors will be in series, meaning the expected change in the differential voltage
would be in the region of 500V. Thus holding the differential pair in the current path for the
entire hold-off time will not be feasible.

The proposed solution to providing a reverse voltage for the entire hold-off time is to use the
differential voltage for a period tp;ys, long enough to commutate the inductor and recover the
stored charge within the thyristor valve and then use the stack of sub-modules to place a larger
reverse voltage across the thyristor valve for a period tge,, which comprises the remainder of
the hold-off period. Because the stored charge within the thyristor should be mostly evacuated
by this point this should result in only minor additional turn-off losses within the thyristor valve
when this larger reverse voltage is applied. To limit the voltage deviation of the sub-module used
to generate the reverse voltage, the duty could be rotated between different sub-modules within
the power-groups stack. The period tg., could also be used to pre-emptively actively discharge
a sub-module to use as the lower charged sub-module for the differential voltage generation pair
the next time the power-group thyristor is turned-off. The overall proposed turn-off procedure

is shown in Fig. 6.12.
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Figure 6.12: Power-group thyristor turn-off procedure showing a period of differential voltage
being applied, followed by whole sub-module voltages in rotation.

The required co-ordination between the switching times of the two separate sub-modules used
to generate the differential voltage may be of concern. If there is a sizeable delay (in the order of
micro-seconds) between the sub-module switching times, then a full sub-module voltage could
be applied across the conducting thyristor valve. This could result in the sub-module driving
an uncontrolled forward current through the thyristor, or the thyristor being either turn-on or
turned-off at a very large di/dt value, depending on the applied voltage polarity. The solution
proposed here is to block one of the full-bridge sub-module as part of the turn-on and turn-off
procedures. This is illustrated in Fig. 6.13 for the case of generating a turn-off voltage. The
sub-module with the lower voltage is blocked, while the sub-module with the higher voltage
is actively switched into the correct polarity. This naturally results in a differential voltage
being applied across the commutating inductor, without having to simultaneously switch both
sub-modules. It has been found to be possible to apply this technique to both the thyristor

turn-on and turn-off.
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(a) Commutation of the upwards facing thyris- (b) Commutation of the downwards facing
tor valve. thyristor valve.

Figure 6.13: Commutation of the thyristor valve with a differential voltage - Sub-module with
lower capacitor voltage blocked.

6.4.1.2 Overall Turn-On and Turn-Off Procedure

The following paragraphs give a step-by-step description of the proposed power-group thyristor
turn-on and turn-off procedure. Each paragraph has its own accompanying figure showing the
state of the sub-modules, as well as the current path through the power-group. Lines in grey

are non-conducting, while lines in black are conducting.

Step 1 Thyristor valve is turned off and the arm current in conducting through the sub-
modules. The sub-modules are free to generate any requested voltage from the controller. The

thyristor valves block the voltage generated by the sub-modules.
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Figure 6.14: Step 1: Power-Group generating voltage output, thyristor valves blocking.

Step 2 The controller logic that controls which power-groups thyristors are used decides to
bypass this power-group and utilise its thyristor by-pass branch. All sub-modules apart from
the sub-module that will be used as the lower voltage sub-module in the differential pair (Vsasr,)
are bypassed. Vg is inserted into the current path in order to discharge it so that the correct
difference voltage can be achieved for the turn-on/turn-off of the thyristor valve. The thyristor
valve blocks the output voltage of Vgarr, (V). During this time the thyristor valve to be
fired is reverse biased by V. The output voltage Vi can be either additive or subtractive
from the overall converter voltage waveform, depending on the polarity of the arm current and
overall stack voltage waveform. This can be compensated for through control as discussed in

Section 7.6.
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Figure 6.15: Step 2: Active discharge of the sub-module which will have the lower voltage in
the differential pair.

Step 3 When the target voltage of Vgasr, has been achieved, the sub-module which is used as
the higher voltage sub-module in the difference pair (Vsasgr) is switched from a bypass state to
a blocked state. Its output voltage (V) is dependent on the arm current direction and is such
that it opposes the current flow. As Vgprp is inserted so that it is discharging its capacitor,
the output voltages V7, and Vi are of opposite polarity. A forward voltage (with respect to
the upwards facing thyristors) corresponding to the difference (Vi — V1) between the two sub-
module capacitors is applied across the thyristor valve. Again this voltage can be either additive
or subtractive from the overall converter voltage waveform, and can be compensated for through
control. During this period the difference voltage will increase due to the charging/discharging
action of the arm current. This results in Vgprp increasing in voltage and Vgpsr, decreasing in
voltage. To limit this, the firing pulse for the thyristor should be sent shortly after the thyristor

is forward biased by this step.
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Figure 6.16: Step 3: Higher voltage sub-module is blocked, resulting in a differential voltage
forward biasing the thyristor valve.

Step 4 The upwards facing thyristor valve is sent a gate pulse. The voltage across it collapses
and the difference voltage (Vi — V) now appears across the commutating inductor. This voltage
drives a circulating current around the path shown in red, driving the arm current from the
sub-module path into the thyristor branch. The di/dt through the thyristor valve is determined
by the magnitude of the difference voltage and the commutating inductor. As the voltage across
the snubber at turn-on is low, the discharge current from the snubber into the thyristor should
be modest. Vsarg and Vgprr will continue to charge/discharge while the current commutates.

The current has been found to commutate fully through simulation within approximately 40

1S.
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Figure 6.17: Step 4: Upwards facing thyristor valve is fired, current commutates from sub-
modules into the thyristor valve.
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Step 5 The current in the sub-module path is forced through zero. Some reverse current
due to recovery of the diodes within the sub-modules may be expected. The blocked sub-
module (Vgprg), which has a higher capacitor voltage than the sub-module that is inserted in a
negative polarity (Vsasr), outputs a voltage which opposes any current flow. Both sub-modules
are therefore effectively blocked. The overall sub-module path is effectively open-circuited and

the arm current flows wholly through the thyristor branch.

181



ov

Figure 6.18: Step 5: Turn-On process completes. Arm current flows in the thyristor valve.
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Step 6 Vgpsr is then blocked for the remainder of the period when the thyristors conduct the
arm current, this is done in preparation for the turn-off procedure. Vgprpy could then either
remain blocked or set into bypass. All other sub-modules within the arm are kept in a bypass
state. In the event of a sudden arm current polarity change (in a fault event), which commutates
the thyristor and forces the current back into the sub-module path, the maximum voltage applied
across the thyristor valve will be 2 sub-module voltages (1 sub-module voltage if Vgprp is set

to bypass), limiting the risk of dV/dt triggering of the other thyristor non-conducting valve.
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Figure 6.19: Step 6: Turn-On process completes. Arm current flows in the thyristor valve.

A spice simulation of this turn-on procedure is shown in Fig. 6.20. Time 0-50 us corresponds
to step 1, when the sub-modules are conducting the arm current. Time 50-350 ps corresponds
to step 2, where Vgysr is being actively discharged. Time 350-400 us corresponds to step 3,
where Vgprpr is blocked causing a forward voltage to be applied across the thyristor valve. At
t=400 ps (step 4) the thyristor valve is fired and the current is forced from the sub-module path
into the thyristor branch. The initial di/dt is low (~4 A/us) and increases once the inductor is
driven into saturation. The current fully commutates after 20 us (step 5). At t=500 us Vsarr,

is then blocked (step 6).

183



2000
< 1000} ) ]
c
[
g A
© S P —
stack thyristor
-1000 . . ! .
0 100 200 300 400 500
Sub-Module Capacitor Voltages
2000 T T T
S
2 1900 - J
(o]
(o))
8
- VSM HT v
1700 : : : :
0 100 200 300 400 500
Sub-Module Output Voltages
2000 ]
S 1000 =
o -
2 0
2 000 [—v —v, |
-2000 ! | ! ;
0 100 200 300 400 500
Stack Voltage
2000 I
2 1000 -
(o]
|2
8
o 0 I
>
-1000 | | | | |
0 100 200 300 400 500

Step 7 After conducting the arm current for some period of time the decision to commutate
the power-group thyristor valve is made from a centralised controller. The sub-module with the
higher capacitor voltage, Vsarg , is switched with an output polarity that will drive a circulating
current around the red path shown, driving the current from the thyristor and back into the sub-
module path. The sub-module with the lower capacitor voltage Vgasr remains blocked and so
outputs a voltage which opposes any current flow. A difference voltage corresponding to Vg — Vg,
is imposed across the commutating inductor. The thyristor current is driven through zero and
continues negative until the thyristor junction recovers its reverse voltage blocking capability.
The voltage of the sub-modules used to impose the difference voltage start to converge due

to the charging/discharging action of the arm current. The turn-off process can be expected
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Figure 6.20: Overall power-group turn-on process.
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to take longer than the turn-on process due to the need to keep the thyristor reverse biased
while it recovers. The difference voltage will decrease in magnitude during this time and could
potentially result in the thyristor becoming forward biased again if the starting differential
voltage is not of sufficient magnitude. For a converter with a 6 mF sub-module capacitor and a
1500 A peak arm current a 200 V differential voltage has been found to give reliable operation

in simulations.

i,
ii

Figure 6.21: Step 7: Sub-module with higher voltage is switched and drives circulating current
around red path in order to commutate thyristor off.

Step 8 The thyristor junction recovers and the commutating voltage Vi — V, is now across
the thyristor valve, while the remainder of the stored charge within the thyristor junction is
recovered. The sub-modules conduct the arm current plus the reverse recovery current from

the thyristor valve, which continues to circulate around the red path.
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Figure 6.22: Step 8: Thyristor current crosses through zero, reverse recovery current continues
to circulate around red path.
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Step 9 The stored charge within the thyristor valve is recovered (approximately 300 us after
Vsarg is switched) and the arm current is conducting through the sub-module path. The

thyristor valve remains reverse biased.
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Figure 6.23: Step 9: Thyristor recovers, arm current flows through sub-module path.
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Step 10 A larger reverse voltage can be imposed across the thyristor valve for the remainder
of the turn-off period to ensure it turns off. As the stored charge has mostly been recovered by
this point the larger reverse voltage can be applied without a large penalty in terms of turn-off
losses incurred. This also allows another sub-module to be used apart from the pair used to

generate the differential voltage.
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Figure 6.24: Step 10: Larger reverse voltage from a sub-module applied across thyristor valve.

{BBEL

Step 11 After the thyristor valve has been held reverse biased for a sufficient time (an ad-
ditional 300-700 ps depending on the thyristors characteristics) the turn-off process has been

completed. The power-group is now able to use its sub-modules to generate an output voltage.
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Figure 6.25: Step 11: Thyristor turn-off process completes, power-group is free to generate a
voltage output.

Figure. 6.26 shows a SPICE simulation of the overall proposed turn-off procedure. At t=0 us
the differential voltage is applied in order to commutate the thyristor (step 7). The thyristor
current is driven down through zero, forcing the arm current back into the sub-module path.
The sub-module path conducts the arm current and the thyristor reverse recovery current.
At t=160 pus the thyristor junction recovers and the commutating voltage appears across the
thyristor, causing turn-off losses. The thyristor current decays from its peak reverse current
until it is close to zero (step 9). At t=300 us a full sub-module voltage reverse voltage is then
applied at across the thyristor for the remainder of the turn-off period (step 10). This period
can be expected to take an additional 300-700 us, and so is not included in the plot. When
this is complete the power-group turn-off procedure is fully completed and the power-group can

now generate a voltage using its sub-modules (step 11).
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Figure 6.26: SPICE simulation of overall power-group turn-off procedure.

The overall turn-on and turn-off process for a power-group, as simulated in simulink, is shown
in Fig. 6.27. No reverse recovery effects are seen because the limitations of the thyristor models
within simulink. Prior to firing the thyristor a sub-module is actively discharged (t=0.0035 s)
so that the target differential voltage can be achieved. The thyristor is then fired (t=0.0037 s).
The thyristor then conducts the arm current for several milliseconds. At turn-off the thyristor
is commutated by applying a differential voltage from two of the sub-modules (t=0.00725 s).
After the thyristor current has been commutated and the reverse recovery process completed,
the differential pair of sub-modules are switched to zero and three other sub-modules are rotated
in duty in order to keep the thyristor valve reverse biased (t=0.0075 s). After the hold-off period
is finished the turn-off procedure has completed and the power-group is free to generate a voltage

using its sub-modules.
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Figure 6.27: Power-group turn-on & turn-off process simulated in Simulink.

6.4.1.3 SPICE modelling of Power-Group Turn-Off Process

This section details the modelling of the power-group turn-off process which has been carried
out using PSPICE. The model has been created with the aim of capturing the thyristor re-
verse recovery characteristic, allowing the interaction between the sub-module capacitor size,

commutating inductor size, and the thyristor turn-off characteristics to be investigated.

One of the common methods of modelling thyristor reverse recovery characteristics is the
use of the exponential model [109], in which the reverse recovery current is modelled in two
stages given by eq. (6.1) and illustrated in Fig. 6.28. When the thyristor anode current (14)
goes through the zero crossing the reverse recovery is modelled in two stages, up until the peak
reverse recovery current (Igps) it decreases at a constant di/dt. When the peak is reached the

decay of the recovery current is modelled by an exponential function.
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Figure 6.28: Thyristor reverse recovery exponential model.

—d ot if t <t,
IA(t) = 6.1
A(t) ) . (6.1)
—Ie 7 if t > t,

The value of @, is assumed to be determined by the di/dt value of the thyristor anode
current at the zero crossing, measuring the di/dt by taking a linear line from its peak value,
to the when it reaches the zero crossing. The curve showing the relationship between @, and
di/dt was extracted from the device’s data-sheet and a power function fitted to it. At the zero
crossing the SPICE model logs the di/dt value and determines the value of @, to use for the

next stage of the simulation.

The exponential model assumes a constant di/dt in the time period from ¢ = 0 to t = t,.
In the power-group turn-off procedure this will not necessarily be the case as the differential
voltage generated by the stack will be of time decreasing value during this period. To account
for this the expected relationship between the recovered charge before the peak reverse recovery

current (Q,1) and the overall recovered charge (Q,,) is used to determine when the recovery
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current should peak. Extracting the given values from the device data-sheet of the recovered
charge (Q,-) and the peak reverse recovery current (Irps) and comparing the calculated value
of the recovered charge before the reverse recovery current peak (1) and the overall recovered
charge (Q,,) reveals an approximately constant relationship of Q.1 ~ 0.36 x @, across the

given range of values.

Under the above assumption, the remaining charge to be evacuated from the device during

the exponential part of the recovery current is given by (6.2)

© —(t—ta)
Q’I‘2 = / Irre T dt (62)
tq

Setting Q2 = 0.64Q),, and solving for 7 leads to an expression (6.3).

0.64Q,,

o (6.3)

T

To model the thyristor, the approach presented in [110] is used. The thyristor is modelled as
a variable resistor whose value is changed to make the current through the thyristor follow a
determined current profile. This approach is useful as it is relatively simple to implement and

is computationally efficient.

Until time ¢,, the thyristor is modelled as a low resistance. The value of Ry, can be deter-

mined by examining the simple equivalent circuit shown in Fig. 6.29.

The current through the thyristor (/) can be expressed as (6.4).

VL + ‘/;tack

6.4
Fony (6.4)

Ithy =

Rearranging for Ry, and setting Iy, to the exponential model of the recovery current gives
(6.5). The behavioural model of the thyristor is switched to this expression at time t,, when
amount of recovered charge reaches 0.36Q)... The value of the peak reverse recovery cur-

rent ,Irys, is logged at this time. The value for 7, from expression (6.3), can then be calculated.
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Figure 6.29: Power-Group turn off equivalent circuit.

VL + Vitae
Rypy = — - Tstack (6.5)
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6.4.1.4 Commutation inductor Sizing

Simulation results of the turn-off using differential voltage generation when using a linear in-
ductor are given in Fig. 6.30. In this case a 300 V differential voltage was used as this was found
to be necessary to evacuate the charge within the thyristor before the larger reverse voltage is
applied at 300 ps. The minimum inductor size must therefore be in the region of 30 pH in
order to limit the turn-on di/dt to the region of 10 A/pus.

As the inductor becomes larger, the time it takes for the thyristor current to reach the zero
crossing increases. As will be discussed in Section 6.4.2, the commutation inductor size signif-
icantly impacts the design of the dV/dt limiting snubber network placed across the thyristor
valve. If the design calls for a larger inductor size, this could be countered by increasing the

magnitude of the differential voltage applied. However, this will come at a cost of increased
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turn-off losses. In all inductor size cases, except the 45 uH case, the thyristor reaches the zero
crossing and recovers before the larger reverse voltage is applied across the valve. In these
cases, the losses within the valve are in the region of 1.5-3 Joules, significantly below the losses
experienced when a full sub-module is used to commutate the thyristor valve. In the case of the
45 pH inductor the stored charge within the thyristor is not fully evacuated before the larger

reverse voltage is applied. This results in relatively large turn-off losses of 6.9 Joules.
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Figure 6.30: Turn-off process using a 300 V differential voltage with 6 mF sub-module capacitors
and a linear commutation inductor. Overall energy loss given in the last sub-plot.

A saturable inductor could also be used as this could allow a physically smaller inductor, as

well as making lower differential voltage magnitudes practical, as the current can be driven to

zero faster than when a linear inductor is used. Simulation results of the turn-off procedure
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when using a saturable inductor with a 300 A saturation characteristic are given in Fig.6.31.
The use of the saturable inductor allows the use of higher inductances, whilst still allowing the
thyristor to recover within 0.3ms. The overall turn-off losses incurred are in the region of 1-2
Joules for all cases. The peak value of the reverse recovery current reduces as the inductor size
is increased, decreasing from approximately 500 A when a 15 pH inductor is used, to 80 A

when a 45 pH inductor is used.
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Figure 6.31: Turn-off process using a 200 V differential voltage with 6 mF sub-module capacitors
and a saturable inductor with a saturation characteristic at 300 A. Overall energy loss given in
the last sub-plot.
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6.4.2 Snubber Design

As discussed in Section 6.3.3.2 thyristors are particularly sensitive to failure due to excessive
dV/dt values. In power-group applications the thyristor valve will be operated in parallel with a
stack of sub-modules which is capable of generating very high dV/dt values. To limit this dV//dt
stress, the power-group design must include some snubber circuits across each of the thyristors.
The snubber proposed is a simple RC circuit across each thyristor valve, which is in series with
the commutating inductor. A circuit diagram of the full power-group arrangement is given in

Fig. 6.32.

r@
_|

Figure 6.32: Power-group design including thyristor snubber circuit.

The snubber will draw a current from the stack of sub-modules during sub-module switching

events, because of the charging up of the snubber capacitor. This current may be add to or
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subtract from the converter’s arm current. The design of the snubber must then take the peak

current draw into consideration to prevent potential damage to the IGBTs due to over-currents.

If the entire stack of sub-modules is switched simultaneously, then the snubber design may
be so onerous as to be infeasible. One method of easing the snubber design would be to enforce
timed switching of the sub-modules within the power-groups, so that the sub-modules are
inserted in a controlled staircase ramp. This is illustrated in Fig. 6.33. The snubber design would
then only have to be capable of limiting the dV/dt values generated by the switching of single
sub-modules, rather than the entire sub-module stack. This will require a local controller capable
of managing the timed switching of each sub-module. Additionally the dynamic response of the
converter may also be affected due to this slewing of the voltage output of each power-group.

The impact of this is assessed in Chapter. 9.
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Figure 6.33: Controlled switching of power-group sub-module stack.

In typical thyristor applications, the snubber resistor must also be sized so that it limits the
discharge of the snubber capacitor into the thyristor during turn-on. In power-group applica-
tions this may not be a concern if the forward voltage across the thyristor at turn-on is relatively

low. If differential voltage generation is used then the voltage across each thyristor at firing

198



will be in the region of 60 V. The minimum required snubber resistor size to limit the discharge

current into the thyristor to a sensible limit of 100 A is around 0.6 ohms.

The Infineon T2871N has a critical dV//dt limit of 2000 V/us. A practical snubber design
should limit the actual peak dV/dt to a level significantly below this. A design target of reaching
dV/dt of 200 V/us, an order of magnitude below the critical level, was chosen in this thesis. In

the example power-group this corresponds to 600 V/us across the entire thyristor valve.

The required settling time of the snubber will depend on the time interval between switching
of sub-modules in a power-group. This in turn will be impacted by the required time-step of the
converters controller. If a power-group must be capable of achieving its voltage reference within
one controller time-step, the time interval between switching must be at least the controller time-
step divided by the number of sub-modules within a power-group. If a controller frequency of 20
kHz is required then for a power-group with 8 sub-modules the switching time interval should
be in the region of 6 us. When examining the settling times of the snubber it was found that the
snubber network may not necessarily have reached a steady state from the previous sub-module
switching event before another sub-module is switched in. From simulation experience having
settling times in the region of 4 times (~ 25 us) the switching time interval was found to give

acceptable results.

If differential voltage generation (~150-200 V) is used to control the turn-on and turn-off of
the thyristor than the minimum required inductor size to limit the di/dt during turn-on is in
the region of 15-20 pH. A design sweep for three inductor sizes is given in Fig. 6.34. Limiting
the dV/dt stress across the valve to below the target of 600 V/us (200 V/us per thyristor) was
found to be impossible for the 15 puH inductor size considered. Limiting the dV/dt values to

this target becomes possible at the 30 pH and 45 pH inductor sizes considered.

Achieving a settling time of 20 ps with a 30 pH inductor gives a required resistor value of 3
Q and capacitor value of 0.85 pH. The peak current draw with these values is in the region of
120 A. For the 45 puH inductor the required values are in the region of 4.5 €2 and 0.6 uF'. This

design results in a peak current draw in the region of 80 A.
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Figure 6.34: Power-group snubber design.

A spice simulation of a power-group with the snubber design with a 45 pH inductor is given
in Fig. 6.35. The losses within the entire snubber network during a ramped voltage increase
from zero volts to full output voltage is 0.95 Joules. This corresponds to ~0.1 Joules per
sub-module switching event. For comparison the turn-off loss within a single IGBT at full load

current can be expected to be in the region of 2 Joules.
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Figure 6.35: Power-group snubber design.

6.4.3 Power-Group Asymmetric Voltage Capability Recovery

As discussed in Section. 6.4.1.1, after the differential voltage is used to commutate the thyristor
valve a larger reverse voltage should be applied across the thyristor valve for the remainder of
the hold-off time to ensure that the thyristor fully turns off. This leads to a large delay in the
power-group being free to generate a voltage. The turn-off process proposed in Section. 6.4.1.1
uses a single sub-module to generate this reverse voltage, however it may be possible to allow
the power-group to use any voltage, up to its full available voltage, once the polarity of the
voltage is such that the previously active thyristor valve remains reverse biased. This means
that there may an asymmetry in how fast the voltage capability of a power-group can be
recovered, depending on whether the upwards or downwards facing thyristor was conducting.
If the upwards facing thyristor is conducting the power-group may be free to generate any
positive voltage once the differential voltage period (t4;ff) has finished, while a negative voltage
generation must be restricted until the hold-off time has completed (tno14—off). The converse is

true if the downwards facing thyristor valve was conducting.
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A SPICE simulation of a power-group doing a controlled ramp up to its full available voltage
after using a differential voltage to commutate the thyristor valve is shown in Fig. 6.36. In
this example the current was flowing through the downwards facing thyristor, meaning negative
voltage capability can be recovered after the differential voltage period. In the simulation a
controlled switching of sub-modules to the power-groups full negative voltage is applied 300us
after the start of the turn-off process. Because the stored charge within the thyristor valve is
evacuated before this large reverse voltage is applied, the turn-off losses within the valve are
still maintained to a low level. The reverse recovery model of the thyristor that has been used
in this work may not adequately capture this case where the reverse voltage applied across the
valve changes. If performing this quick ramp in voltage does cause significant losses it utilisation
might be restricted to emergency situations where the converter is required to regain as much

voltage capability as quick as possible. Such scenarios are investigated in Chapter. 9.
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Figure 6.36: Power-group turn-off process with ramp to full voltage after differential voltage
generation.

6.5 Conclusion

This chapter has introduced the novel idea of power-groups, composed of a modular structure
of sub-modules in parallel with a thyristor valve. The main aim of this development of this
structure has been to allow DC fault tolerant voltage source converters to be achieved, without
a major loss of converter efficiency. The main design challenges that such a structure entails
have been identified, notably the turn-on and turn-off control of the thyristor valve. The

potential of using differential voltages, generated by two sub-modules, to control both the turn-
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on and turn-off procedures with minimal losses has been investigated. A detailed procedure
for performing the turn-on and turn-off of the thyristor valve has been given. The following
chapters will investigate how a series arrangement of power-groups can be operated together
to form a converter arm, what converter topologies are most suitable for augmentation with
power-groups, and then how the use of power-groups impacts the converters dynamic response

and fault ride through capability.
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7 Power-Groups: The Design
Considerations for a Centralised

Controller

The previous chapter introduced the concept of power-groups, and detailed the design and
operation of a single power-group. To form a power converter, power-groups must be series
connected to form a stack which is controlled to appear as a voltage source. The power-group
turn-on and turn-off procedures introduce several challenges in achieving this, most notably the
required hold-off period that must be respected to ensure the power-group thyristor valves full
turns off. This chapter details the development and operation of a Power-Group Centralised
Controller (PGCC) that is used to manage a set of power-groups that have been series connected
to form a stack within a multilevel converter, while respecting the operational limits of the
individual power-groups.

The primary function of the PGCC is to transform the stack voltage reference, received from
the converter’s current controller, into IGBT gate signals and thyristor firing pulses for the sub-
modules and thyristors within each power-group. The PGCC must do this whilst also achieving

the following functions:

e Managing the power-group thyristor turn-on process.

e Managing the power-group thyristor turn-off process.
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e Limiting the voltage deviation between the sum sub-module voltages of each power-group

within a converter arm.

e Limiting the voltage deviation between sub-modules within each power-group.

The PGCC must achieve all of these functions whilst also achieving high utilisation of the
power-group thyristors in order to achieve the efficiency improvement expected of the power-
group concept.

The PGCC is subdivided into several subsystems, an overview of which is shown in Fig. 7.1.

The function and workings of each sub-system are detailed in the sections that follow.
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Figure 7.1: Power-group centralised controller overview. Control input/output signals are shown
in green, measurement signals are shown in blue, internal signals in red.

For clarity the following definitions are used within this chapter. A power-group is referred to
as active if its thyristor valve is not conducting and its series connected stack of sub-modules is
free to generate either a positive or negative voltage. A power-group is referred to as bypassed

if its thyristor has been fired and is conducting, and its sub-modules are generating zero volts.

7.1 Stack voltage Capability

Each time a power-group’s thyristor is fired the voltage capability of the sub-modules within

that power-group will cease being available for the current controller to use. This is illustrated
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for the case of a power-group augmented MMC in Fig. 7.2. In order for the converter to retain
proper current control, the available voltage within the arm of the converter must be maintained

at a level above the requested stack voltage from the current controller.
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Figure 7.2: Requested stack voltage, sum available power-group voltage, and sum sub-module
voltage in an augmented Modular Multilevel Converter.

Because of the necessity to reverse bias each power-group thyristor valve after it has been
commutated off, there is an unavoidable delay between when a power-group is commanded to
turn-off its thyristor, and when it is actually available to generate a voltage, as discussed in
Section. 6.4.1. This leads to an interesting control challenge in implementing a power-group
augmented converter. To be able to meet the stack voltage reference the PGCC must be able to
predict what the stack voltage demand will be ahead of time, and keep sufficient level of active
power-groups. This prediction must look-ahead by at least the power-group hold-off time in
order to allow power-groups sufficient time to make themselves available to generate a voltage.
When bypassing a power-group by turning on a thyristor valve, the PGCC must also ensure

that this action will not cause a subsequent shortfall voltage.
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7.2 Power-Group Voltage Levels & Voltage Margins

To determine which power-groups are used to generate a voltage output, and so are kept active,
the controller maintains a rank ordered list of the power-groups. The ordering of this rank
is controlled by the power-group voltage balancing mechanism described in Section. 7.7. The
voltage of a power-group £ is denoted Vpg, , and is defined as the sum of its sub-module voltages.
For a power-group composed of full-bridge sub-modules it defines the maximum positive or

negative voltage that the power-group can generate.

Nsmpe

Vea, = Y Vsu, (7.1)
n=1

The controller that has been developed to manage the timing of the turn-on and turn-off
control of each power-group thyristor is based upon the concepts of voltage levels and voltage
margins that will now be introduced. To generate the requested stack voltage from the current
controller power-groups are deployed in order starting with the lowest ranked power-group.
When the first power-group has fully deployed (i.e. all of its sub-modules are generating a
voltage output) the next power-group is deployed, and so on. The voltage level of a power-
group is the minimum requested stack voltage from the current controller, that will just cause

a power-group to be set to generate its full voltage capability (i.e insert of all of sub-modules).

The voltage level of a power-group can be defined as the sum of the voltages of the power-

groups which are lower in insertion rank, plus that power-groups voltage, as given in (7.2).

k
‘/levehc = Z VPGrankedk (72)
n=1

If the stack voltage is below a power-groups voltage level then the power-group is either
generating zero-volts or an intermediate voltage below its full voltage capability. This voltage

level concept is illustrated in the first sub-plot of Fig. 7.2.

The voltage level of a power-group will vary over time due to two factors. Firstly due to
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energy deviation of the sub-modules within the arm, causing the voltage of each power-group to
vary. Secondly due to changes in the power-group insertion rank, controlled by the power-group
voltage balancing mechanism. When the power-group insertion rank changes the voltage level
of a power-group tends to go through a sharp increase or decrease. One example of this occurs
just after t=0.01 s in Fig. 7.2.

The voltage margin of a power-group is given by the absolute value of the stack voltage,

Vstack, with the power-groups voltage level and voltage subtracted, as given in (eq:Vmargin).

vaargin;C = |Vstack’ - Vlevelk - VPGk (73)

It is used as a measure of how far away, in terms of requested stack voltage, a power-group is
from being used to generate part of the overall stack voltage waveform. The voltage margin of
a power-group is shown in the second sub-plot of Fig. 7.2. A voltage margin of zero corresponds
to a point where the power-group is just about to be used to contribute to voltage generation.
If the voltage margin is negative then the power-group is generating zero-volts. If the margin
is positive but below the full available voltage within the power-group then the power-group is
generating an intermediate voltage using some of its sub-modules. An example of intermediate
voltage generation occurs at this occurs at t=0.046 s in Fig. 7.2. If the power-groups voltage
margin is above the available voltage within the power-group then it is generating its maximum
available voltage.

The voltage margins of each power-group are the primary means of deciding when a power-
group is allowed bypass itself by using its thyristor valve, and when a turn-off command to a

power-group with a conducting thyristor is sent.
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Figure 7.3: Illustration of the concept of voltage levels and voltage margins within a power-
group augmented modular multilevel converter. Power-group voltage margin zero crossings and
associated change in voltage output are shown using dashed lines.
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7.3 Look-Ahead Voltage Margin Estimation

As discussed in Section 7.2, in order to properly manage the turn-on and turn-off logic of the
power-group thyristors, some forward looking prediction of the stack voltage demand must be

made. This look-ahead estimate is used as the basis for calculating;:

e If a power-group’s thyristor may be fired without causing the converter to run out of

voltage.

e The right time for a power-groups to go through the turn-off process in order to meet any

future voltage demand.

To be effective, this look-ahead horizon needs to be at least the length of the thyristor hold-off
time.

The use of a single look-ahead period, advanced in time slightly beyond the thyristor hold-off
time was tried. This was found to be ineffective for some converter topologies, particularly those
that have sharp transitions in the stack voltage waveform. For this reason a look-ahead estimate
for each controller time-step up to the look-ahead horizon, is calculated and used within the
PGCC. This is illustrated in Fig. 7.4.

In the PGCC, each power-group’s voltage-level and voltage margin is calculated at each
forward point within the look-ahead horizon. This results in voltage-levels and voltage margins
that are Npg x Ny matrices, where Npg is the number of power-groups in the arm, and Ny is
the number of controller time-steps within the look-ahead horizon. The first row each matrix
represents the instantaneous values of each signal, whilst each subsequent row is an estimate of
that value advanced by one time-step.

Setting this look-ahead horizon to be slightly longer than the power-group hold-off time was
found to give acceptable results. Using the look-ahead voltage margins of each power-group
allows the PGCC to predict when a power-group will be required to generate a voltage, with

enough time available for the power-group to go through the turn-off process.
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Figure 7.4: Estimated look-ahead stack voltages in increments of the controller time-step up to
the look-ahead horizon

In order to calculate the voltage levels and voltage margins of a power-group at a point
ahead in time, the power-group rank index at that point must be known. For this reason
the insertion rank index of the power-groups for each time-step within the look-ahead horizon
needs to be decided in advance. This leads to an interesting challenge in implementing effective
voltage balancing between power-groups. The method that has been adopted for calculating

the advance insertion rank indexes is detailed in Section.7.7.

7.4 Power-Group Thyristor On/Off Logic

The Power-Group Thyristor On/Off Logic sub-system controls which power-groups should use
their thyristor to bypass themselves, and which power-groups must be kept active and avail-
able to generate a voltage upon command. The logical output of this controller is passed to

the Power-Group On/Off Controller, which controls the actual thyristor turn-on and turn-off
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processes. Its operation is based upon a series of logic conditions based on each power-groups
voltage margins. A power-group may set its voltage output to zero and bypass itself by turning

on its thyristor if all of the following conditions are met:

e Its voltage margin is above the turn-on margin threshold across the entire look-ahead
horizon. When the power-groups voltage margin is sufficiently above zero, the PGCC can
be confident the power-group will not be required to generate a voltage and so its thyristor
may be used. A turn-on margin of 10% of the DC bus voltage was found to give good

results.

e The magnitude of arm current is above a threshold value. This prevents the thyristor
from being fired at times when the arm current is about to go through the zero crossing,
which would cause the current to naturally commutate into the parallel sub-module stack

anyway.

A power-group is set to turn off it’s thyristor if any of the following conditions are met:

e Its voltage margin falls below the turn-off margin at any point across the look-ahead

horizon. This indicates that the power-group will be required to generate a voltage.

e The arm current falls below the arm current turn-off threshold. This indicates that the

arm current may be about to pass through zero, and so will be commutated off naturally.

e [t receives a turn-off signal from the fault detection subsystem, detailed in Section. 7.10.

The look-ahead voltage margin for a power-group within a power-group augmented converter
is shown in Fig. 7.5. When the power-groups voltage margins are positive it is not being used
for voltage generation and so can make use of its thyristor. At ¢ ~ 0.075s the voltage margin at
the look-ahead horizon goes negative, which indicates that the power-group will soon be used
to generate a voltage. The power-group goes through the thyristor turn-off process and makes

itself available to generate a voltage.
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Figure 7.5: Voltage Margin Calculation Across the Look-Ahead Horizon

7.4.1 Availability Flag

In the PGCC each power-group is assigned an availability flag, denoted by «, that indicates
whether a power-group is available to generate a voltage or not. A value of 1 indicates that a
power-group is available, a value of 0 indicates that the power-group either has a conducting
thyristor, or is undergoing either the turn-on or turn-off process. The availability flag is used to
ensure power-groups that have conducting thyristors are not assigned a voltage reference, and
also to determine the amount of available voltage within the converter. The availability indices
are passed to the Power-Group Voltage Assignation system, detailed in Section. 7.6, which uses

it to determine which power-groups it can assign a voltage to.

Separate availability flags are used for positive and negative voltage capability, denoted o™

and a~, respectively. This is done to account for the fact that the power-group should be able
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to generate its full voltage as long as it keeps the thyristor which was active reverse biased.
The positive and negative available voltage within the stack can then be given by (7.4) and

(7.5), respectively.

Npc
avazl Z « VPGk (74)
Npg
VCL’UCL’Ll —1x Z G VPGk (75)

This leads to an asymmetry in how quickly a power-group can regain its voltage generation
capability which depends on whether the arm current was flowing through the upwards or
downwards facing thyristor valve. The timings of when this flags are set to one or zero are
detailed in the next section.

An example simulation of a power-group augmented Modular Multilevel Converter is shown
in Fig. 7.6. When the arm current is positive the converter regains positive voltage faster than

negative voltage. The inverse effect is seen when the arm current is negative.
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Figure 7.6: Positive and negative voltage capability asymmetry in a power-group augmented
modular multilevel converter

7.5 Power-Group Thyristor On/Off Controller

This sub-system receives the logical command to from the Power-Group On/Off Logic which
indicates whether a power-groups thyristor may be fired, or if a conducting thyristor should
be turned off. When receiving a logical command that goes high, this sub-system implements
the thyristor turn-on procedure detailed in Section. 6.4.1. When this logical command goes
low again this sub-system implements the power-group thyristor turn-off procedure. This sub-

system also control the availability flags for each power-group.

The overall thyristor turn-on and turn-off procedure is illustrated in Fig. 7.7. At the start of
the figure the power-group thyristor valve is off and both the positive and negative availability
indices are set to 1, allowing the power-group to be used to generate any voltage from its full
negative to full positive voltage output capability. When the Power-Group Thyristor On/Off

Logic subsystem detects that all conditions for allowing the thyristor to be fired are met, the
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power-group on/off logic then goes high, indicating that the power-groups thyristor may be
fired. At the same time both availability flags are set to zero. This prevents the Power-Group
Voltage Assignation system from assigning the power-group a voltage reference. The Power-
Group Thyristor On/Off Controller then directly sends a command to one sub-module within
the power-group, discharging it so that the correct difference voltage can be achieved when the
thyristor valve needs to be commutated off. Once this is achieved the thyristor valve is sent a
firing pulse and begins conducting.

When the Power-Group Thyristor On/Off Logic subsystem detects a condition that causes a
thyristor turn-off event, the power-group on/off logic then goes low. The Power-Group Thyristor
On/Off Controller directly sends commands to the two sub-modules within the power-group
that are being used to generate the correct difference voltage. This difference voltage is held for
a period tg; ¢ r, commutating the thyristor valve. After this period either the positive or negative
(depending on whether the upwards or downwards facing thyristor valve was conducting) voltage
availability flag is set to one, allowing the power-group to be used for unipolar voltage generation.
A minimum voltage command, Vv, is sent to the Power-Group Voltage Assignation system,
to ensure the thyristor valve remains reverse biased for tge,, the remainder of the hold-off
time. When the hold-off period expires, the thyristor turn-off process has completed. Both
voltage availability flags are set to one and the minimum voltage command is set to zero. The

power-group is then available to generate its full voltage in either polarity.
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7.6 Power-Group Voltage Assignation

This sub-system converts the stack voltage reference from the converter current controller, into
individual voltage references for each power-group within the converters arm. This system has
been developed with the requirement that no power-group which has an conducting thyristor
can be assigned a voltage reference. It also ensures that a power-group is held reverse biased to
a minimum voltage level, Vi, during the thyristor turn-off process.

Power-groups which are going through either the active discharge of a sub-module at thyristor
turn-on or the differential voltage stage of the turn-off process are sent direct commands from the
Power-Group Thyristor On/Off Controller, bypassing the voltage assignation system. If this
was ignored in the power-group voltage assignation stage, the voltage actually generated by
the arm would have an error corresponding to the sum power-group turn-on/turn-off voltages.
To compensate for this a feed-forward signal (Voffcomp), corresponding to the sum of the
turn-on/turn-off voltage, is subtracted from the stack voltage reference (Vs) to get (Vitack)-
In addition to this the sum minimum voltage level is also subtracted from the stack voltage
reference, this voltage is added to each power-groups reference at the end of the assignation
process. The reference voltage, V;..y, which is to be divided up between power-groups is given

as in (7.6).

Ve = Vi = VoyfComp = Y Vatinvi (7.6)
k=1

The Power-Group On/Off Controller assigns each power-group sub-module a Minimum Off-
Voltage, (Variny), which ensures a power-group keeps its thyristor reverse biased to a minimum
voltage level during the thyristor turn-off procedure. In this subsystem the Minimum Off-
Voltage is then subtracted from each power-group’s measured voltage and multiplied by the
positive and negative availability indices to get (7.7) and (7.8). These values represent the max-
imum positive and negative voltages available within each power-group which can be contributed

in order to meet V..
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VPGavail+k - (VPG’k - ’M’ank‘) X gy, (77)

VpGavail-, = (Vpa, — [MinVy|) x a—, (7.8)

The value of Vpgavair which is then used in the voltage assignation process is chosen as in

(7.9), depending on the polarity of V,.¢.

VPGavail if ‘/ref > 0
VPGavailk = T (79)
VPG(wail,k if Vref <0

The values of Vpgauai are sorted by the instantaneous insertion index (Rank;,st), which is

detailed in Section 7.7.1, to get Vpgavail The voltage levels and margins of this sorted

ranked”

list of power-group voltages are then calculated. The power-groups are then assigned voltage

references as in (7.10)

VPGavailmnkedk X Sgn(v;"ef) if Wef > VPGlevelmnkedk

VPGrankedrefk = (710)

0 otherwise
The last power-group in the sorted list that has an available voltage, but which has not been

assigned a voltage reference (denoted by kiust) is then assigned a voltage reference as in (7.11).

VPG = (“/Tef’ — sumn = 1kla3t_1VPGrankedrefk) X S-gn(‘/ref) (711)

Tefklast

The voltage references for each power-group are then unsorted by the insertion rank. The
values of Vi, are then added to each power-groups assigned voltage reference. This ensures
that each power-group achieves at least this value, ensuring that any thyristors going through

the turn-off process are kept reverse-biased.
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7.7 Power-Group Voltage Balancing Mechanism

Power-group voltage balancing presents a particular challenge. In a non-augmented multilevel
converter a sub-module that is generating a voltage and has become under or over-charged can
swapped with any other sub-module within the stack that is not generating a voltage. This
means the voltage deviation of the sub-modules from each other can be limited by relatively
simple voltage balancing algorithms.

In power-group applications, voltage balancing is more difficult due to the turn-off process
that power-groups with an active thyristor must go through. This means only the power-groups
that do not have conducting thyristors, or are not under-going the turn-off process, can be
readily swapped to limit the voltage deviation.

A sorting algorithm is a common method of limiting the voltage deviation of sub-modules from
each other in modular converters. Each sub-module is ranked according to its capacitor voltage.
The insertion rank is determined based on either ascending or descending voltage depending
whether the arm is generating or absorbing power. When a voltage is to be generated, the
low-level control uses the sub-module with the highest insertion rank, and then so on, until
then voltage reference is achieved.

Two separate insertion rank indexes are used within the PGCC. The Instantaneous Index
(Rankinst) is passed to the Power-Group Voltage Assignation sub-system, and is used to decide
in what order power-groups are to be inserted in order to generate the requested voltage demand
from the current controller. The Look-Ahead Index (Rankra) is used to calculate the voltage

margins of each power-group in order to drive the power-group turn-on and turn-off logic.

7.7.1 Power-Group Instantaneous Voltage Balancing

This subsystem generates the instantaneous insertion index (Rank;,s:) used by the Power-
Group Voltage Assignation system. The turn-on/off control detailed in Section. 7.4 is designed
to maintain the available voltage within the arm above the instantaneous stack voltage demand

from the current controller. This means that at all times the PGCC will aim to keep more
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power-groups active than are required to generate the requested stack voltage.

As the PGCC uses a separate insertion rank to control the voltage margin calculation, the
instantaneous insertion index can be freely updated without causing any unwanted thyristor
turn-on or turn-off events. Because the voltage assignation system also effectively ignores power-
groups that are bypassed, a rotation of the instantaneous insertion index has the effective result
of only re-sorting the power-groups are active. This was found to be critical in reducing the
voltage deviation of the power-groups from each other, and in preventing large over-voltage
events.

Rotations of the instantaneous insertion rank is set to trigger when:

e A power-group crosses an over-voltage threshold.
e A power-group cross an under-voltage threshold.

e The instantaneous power of the arm crossed through zero.

This balancing mechanism is illustrated in Fig. 7.8, with the trigger for over/under voltage
events shown. Power-Groups that have are bypassed are shown in dashed grey, whilst active
power-groups are shown in colour. When a power-group over-voltage event occurs, such as at
t=0.0056 s, a rotation in the instantaneous insertion index is triggered. This re-sorts the active
power-groups depending on the sign of the arm power. In this case the power-groups with lower

voltages are now preferentially used to generate the voltage demand from the current controller.
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Figure 7.8: Instantaneous power-group voltage balancing.

7.7.1.1 Power-Group Look-Ahead Index Generation

This sub-system generates the power-group insertion index at the look-ahead horizon. This
forward insertion-index from this sub-system is then passed through a tapped delay line, with
a delay of Ny samples. This results in a Npg x Ny array of insertion indices, with each being

passed to the voltage level and margin calculation system.

The look-ahead index controls which power-groups will be available to generate a voltage, and
which will be bypassed. For power-group voltage balancing purposes this subsystem must make
intelligent decisions on what way to rank the power-groups. This presents a challenge as the
voltage of a power-group can change by a large amount during the look-ahead horizon. This is
particularly true for topologies with relatively small sub-module capacitors, such as the alternate
arm converter. For example, a sub-module with a 4 mF capacitor operating in a converter with

a peak arm current of 1200A could experience a change in voltage of approximately 300V,
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assuming a 1 ms hold-off time. This is easily enough for a power-group to move from being
one of the lowest charged power-groups, to being one of the highest charged power-group’s
within the stack, or vice-versa. For this reason, using the instantaneous power-group voltage
measurements when calculating the insertion-index at the look-ahead horizon was found to
result in occasional large over- or under-voltages.

To make effective decisions on how the power-groups should be ranked, a predictive estimate
of what the power-group voltage would be at the look-ahead horizon was found to be required.
The details of how this estimate is made is given in Section. 7.9. These predicted power-group
voltages are used when generating the look-ahead insertion index and for use in calculating the
look-ahead values of the voltage margins of each power-group. The predicted arm power at the
look-ahead horizon is also used to decide if the lowest charged or highest charged power-groups

are inserted preferentially.

Rotation Triggering A high number of power-group rotations is undesirable as it would
reduce the utilisation of the power-group thyristors, and so reduce the hoped for efficiency
gains. It has been found to be effective to trigger a rotation of the insertion index during the

following events:

e The predicted power of the arm, at the look-ahead horizon, goes through a zero crossing.
e A predicted power-group voltage exceeds a defined over-voltage threshold.

e A predicted power-group voltage exceeds a defined under-voltage threshold.

Triggering on the arm power zero crossings was found to be effective, as at these points either
the stack voltage or arm current will be zero, meaning power-groups can be rotated with little

penalty as nearly all power-groups will be active. This is illustrated in Fig. 7.9.
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Figure 7.9: Power-group voltage balancing using look-ahead estimates of the power-group volt-
ages and stack power.

7.8 Sub-Module Voltage Assignation

This sub-system converts the voltage reference for each power-group, received from the Power-
Group Voltage Assignation system, into individual commands for the sub-modules within each
power-group. In a similar manner to the power-group voltage assignation, this must be done
so that the sub-modules within each power-group do not deviate in voltage from each other.
To achieve this each power-group has its own sub-module insertion index (Rankgys), which

controls in what order sub-modules are used for voltage generation.

Due to the voltage assignation method adopted, power-groups spend most of their time
generating either zero volts or their full available voltage. During these situations there is
no scope to do voltage balancing as all sub-modules within the power-group are in the same
state and can not be swapped. The sub-module assignation system is set to implement a

rotation in the sub-module insertion rank of a power-group whenever that power-group is sent
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an intermediate voltage command.

In practice the thyristor turn-on and turn-off process also contribute significantly to ensuring
that the sub-modules within each power-group do not diverge from each other in voltage. This
is illustrated in Fig. 7.10. In this example the power-group is assigned an intermediate voltage
at 0.004 seconds, it can be seen how the sub-modules with the highest voltages are used to
generate the voltage, discharging them towards, and then past the sub-modules which are lower
in voltage. The power-group is turned off procedure at ¢ ~ 0.01s, and it can be seen that the

turn-off procedure acts to bring the sub-modules closer together in voltage.
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Figure 7.10: Sub-modules within a power-group.
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7.9 Power-Group Look-Ahead Voltage Estimation

Because of the relatively long required hold-off time of the power-groups (in the region of 1
ms) , the voltage of power-group can change by a relatively large amount across the look-ahead
horizon. This leads to a challenge in implementing effective power-group voltage balancing.
The solution that has been developed to solve this problem is based on a predictive method
which provides an estimate of what each power-group voltage will be at each time-step up to
the look-ahead horizon, N4 time-steps ahead. The method is illustrated in the flowchart in

Fig. 7.11.

Read in the the values of Vpg,
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Figure 7.11: Power-group look-ahead voltage estimation process.

Firstly, the change in voltage that a power-group will experience if it used for voltage gener-

ation is calculated for each time-step, as given by (7.12).
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Torm, T
AV, = a”?swp x sgn(Vy,) (7.12)

The power-groups are ranked according to the insertion rank at that time-step, and then
voltage level (Vieyer) of each power-group is calculated. Power-groups with negative voltage
levels have a logical index () of one assigned to them, and power-groups with a positive voltage
level have a logical index of zero. The estimated voltage of each power-group at that time-step

is then calculated by (7.13).

VPG, = VPG + mAVL (7.13)

The time-step is then incremented forwards, and the process repeated until N, time-steps
have been processed.

Fig. 7.12 is an illustration of the estimated look-ahead and actual power-group voltages in a
power-group augmented MMC. The look-ahead value gives a generally acceptable estimate of
the power-groups voltage. Some discrepancies are seen, these are likely to be because of changes
in the instantaneous voltage insertion index, causing the effective rank of a power-group to differ
from the look-ahead value. Overall the method gives a good estimate of when a power-group will
breach either its over or under-voltage limits. This allows for effective triggering of power-group

rotations in advance of these occurrences.
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Figure 7.12: Power-group look-ahead voltage estimation in an augmented MMC.

7.10 Fast Fault Detection

In fault scenarios the converter may have to make sudden set-point adjustments, and respond
to rapid changes in either of the AC or DC side voltage waveform. In such scenarios it will be
important to turn-off all power-group thyristors and regain the maximum voltage capability of
each converter arm as soon as possible. A fast fault detection method is proposed to quickly

detect fault events send a turn-off commands to any power-groups that have active thyristors.

The detection method is illustrated in Fig. 7.13.

stack ref

Thyristor,

FIR Moving Average

disable

> Fault Threshold

stack look-ahead

Figure 7.13: Fast fault detection method.
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The instantaneous stack voltage demand from the current controller is compared to the
estimated value of what the stack voltage should be at the converter’s PQ set-point. If the
absolute value of this filtered signal exceeds a threshold value, a power-group disable signal is
sent to the rest of the PGCC. The fault detection block also disables the use of the power-
group thyristors if any of the converter’s energy levels, DC voltage, or AC voltage are outside of
tolerance bands for these variables. As false detection carries only the penalty of a temporary
decrease in the converter;s efficiency, due to the power-group thyristors being disabled, this
method can be made quite sensitive, resulting in the power-group thyristors being disabled very
shortly after a fault.

Fig. 7.14 shows the response of the proposed fast fault detection method to a fault situation in
a power-group augmented converter. The method successfully rejects the short-sharp transients
in the stack voltage waveform seen in the converter’s stack voltage before the fault. This is
important for converter topologies such as the Alternate Arm Converter, which must be able
to control sharp transitions in the arm current waveform, and so can expect such spikes in
the stack voltage waveform. When the fault occurs it is quickly detected, setting the thyristor

enable signal to zero.
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Figure 7.14: Fast fault detection method response to an AC side fault.

7.11 Chapter Conclusion

This chapter has detailed the working principles of the Power-Group Centralised Controller
(PGCC) which has been developed to over-come the main control issues that the power-group
concept introduces. These issues stem from the requirement for each power-group to have a
significant hold-off time after its thyristor is disabled, and before it is able to generate a voltage
output. This limits how fast the controller can re-gain the voltage capability of a power-group

which is utilising its thyristor to bypass itself.

The PGCC address this issues by using forward looking predictions of the voltage demand
from the current controller, as well as forward estimates of the average sub-module voltage
within each power-group. This enables it to make good utilisation of the thyristors within each

power-group, while also keeping enough voltage capability within each stack of power-group to
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retain proper current control while also limiting the deviation of the sub-modules to reasonable
levels. A fault detection mechanism for quickly disabling the use of power-group thyristors has
also been presented. The following chapter will investigate what converter topologies are most

suitable for augmentation with power-groups.
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8 Power-Groups: Converter Topologies

Chapter 6 introduced the concept of power-groups as a modular structure incorporating thyris-
tors which could be used to improve the efficiency of any converter based upon the modular
multilevel concept. The design and operation implications that constructing a modular con-
verter out of such a structure were identified. In Chapter 7, a Power-Group Centralised Con-
troller (PGCC) capable of dealing with the control implications that the power-group concept
introduces was also presented.

The focus of this chapter is an investigation into what converter topologies are the most
promising candidates for augmentation with power-groups. The topologies of interest within
this chapter are the Modular Multilevel Converter (MMC) and the Extended Overlap Alternate
Arm Converter (EO-AAC). The study of these two converter topologies led to a proposal for two
variants based upon the EO-AAC, which make better utilisation of the power-group concept.
Efficiency results for all converter types are estimated and compared with the base converter.

All converters were simulated at a scale of £300kV 900MW. An emphasis is placed upon
converters which are capable of riding through faults on the DC side. However it is recognised

that non DC fault tolerant converters might also be augmented using the power-group concept.

8.1 Converter Modelling and Power-Loss

Simulating a full-switching model of a power-group augmented HVDC converter represents
a significant challenge in achieving reasonable compilation and execution times. A converter

operated at a DC bus of +300kV, will have in the region of 240 separate power-groups, each
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containing 8 sub-modules, a thyristor valve and a commutating inductance.

The solution that has been adopted is to use a combination of a Reduced Dynamic Model
(RDM) of the majority of the arm, whereby most power-groups are represented by a controlled
voltage source in series with one detailed power-group switching model. This allows the power-
group thyristor turn-on and turn-off process to be verified using the switching model, while
keeping the overall computational complexity low. The converter controller is not aware of
which portion of the stack is represented by the RDM, and which is represented by the detailed

power-group model.

The RDM that has been adopted keeps track of the voltage of each individual sub-module
within the converter, rather than treating the entire arm as an averaged element. The voltage
variation of each sub-module is calculated as depicted in Fig. 8.1. The voltage output of each
sub-module is calculated by multiplying the sub-modules command by its capacitor voltage
from the previous time-step. The energy exchange of each sub-module is then calculated by
integrating the product of the arm current and the voltage output generated by each sub-module
over each time-step. The voltage of the sub-module capacitor is then calculated based on its

energy.

arm - VSM
SM Command (-1,0,1) L >< b —»
X v

|_

ref SM

Figure 8.1: Sub-module voltage variation calculation.

The voltage outputs of each sub-module within a power-group are summed to get the voltage
generated by each power-group. To limit the dV/dt across the thyristor valve the sub-modules
must be inserted in a stepped manner, as discussed in Section. 6.4.2. This places a limit on
how fast the converter can modulate its output voltage. To capture this in the simulation,

the voltage outputs of each power-group are placed through a slew rate limiter. These slewed
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power-group voltages are then summed to get the overall voltage reference for the arm.

The series valve of power-groups within the converter arm are represented by an ideal voltage
source which is placed within a full-bridge arrangement, as shown in Fig. 8.2. The absolute
of the overall voltage reference is passed to the controlled voltage source, the gates of the full-
bridge are set to control the output voltage of the bridge to the correct polarity. This full-bridge
arrangement is used to allow the blocking behaviour of the full-bridge sub-modules within the

power-groups to be properly captured in simulation.

Figure 8.2: Reduced dynamic model of a stack of power-groups.

8.1.1 Power-Losses Estimates

IGBT losses within the converter studied are estimated using the methodology presented in
Section. 4.1.2. Conduction losses within the thyristors follow the same method. For each case,
efficiency estimates are made using device characteristics at junction temperatures of 125°C. This
may result in some slight over estimation of the conduction losses within the converters.

The values of the thyristor valve turn-off losses are taken from SPICE simulations presented
in Section. 6.4.1.4. Turn-off losses are estimated as 2 J per thyristor valve, and are assumed to
be independent of the magnitude of the anode current flowing through the thyristor prior to
turn-off. This assumption is backed up by the results in Section. 6.4.1.4.

Turn-on losses may be extremely hard to estimate without a more detailed model of a thyris-
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tor, which captures the forward voltage characteristic of the device during turn-on. Some
manufacturers give data for turn-on losses, however these are assuming that the load currents
only path is through the thyristor. In power-group applications the arm current has an alternate
path through the stack of sub-module and will divide itself between depending on the lowest
impedance path. For this reason turn-on losses in power-group applications may be expected
to be very small. From discussion with Thyristor Valve specialists at GE, the thyristors have
been assigned a turn-on loss of 2 J/kA.

The loss values for the snubber are taken from the SPICE modelling of the power-group
snubber network performed in Section. 6.4.2. These simulation results gave loss values in the

region of 0.1 J per sub-module switching event.

8.1.1.1 Power-Group Loss Modelling

Initial efficiency results were calculated using just the single detailed power-group within each
arm. However, it was found that power-groups do not make completely even use of their
thyristor, even over longer simulation times up to 2 seconds. Variations in the thyristor usage
were found to be in the region of +£20%.

For this reason calculating the power-losses using just a single power-group, which is modelled
in detail was found to give un-reliable results, with the estimated efficiency of the converter
varying by large amounts, depending on the thyristor usage of that one power-group within the
arm.

The solution that has been adopted to solve this is to use a signal from the PGCC to indicate
for each power-group whether the current is in either the sub-module path or thyristor path.
The gate signals for the sub-modules are then used to map path the current takes through each
IGBT in each sub-module. These signals are then passed as a vectorised input to the power-loss
block described in Section. 4. This allows the losses within each semiconductor device within
the entire converter arm to be calculated.

A comparison of the losses within a power-group using the detailed switching model, and the
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losses using the mapped current is shown in Table. 8.1. The overall error between the losses
calculated from the detailed method, and using the current mapped losses calculation is low,
with the main difference being in the switching losses, which are estimated to be slightly higher

in the current mapped method.

Table 8.1: Power-group power loss calculation method comparison.

Loss (W) | Detailed  Current Mapped — Error (%)
IGBT Conduction 9435 9424 0.12
IGBT Switching 3414 3637 6.53
Thyristor Conduction 1042 1043 0.1
Thyristor Turn-Off 540 540 0
Thyristor Turn-On 198.5 198.5 0
Snubber Loss 535 535 0
Overall Loss | 15160 15380 1.45

8.2 Converter Comparison Methodology

This section describes the investigation into the efficiencies of several different converter topolo-
gies. The converters studied are based upon the MMC and the EO-AAC, though power-groups

could also be used for any multilevel converter topology.

One of the metrics that has been devised for comparing power-group augmented converters is
the thyristor utilisation ratio, (¢,) , which is introduced here. The thyristor utilisation ratio
(¢thy) is used as a measure of how much the thyristor path through each power-group is used
relative to the path through the stack of sub-modules. This then gives a good measure of how
suited a converter topology is to power-group augmentation. A high thyristor utilisation ratio
indicates that most of the arm current flows through the thyristor path, making good usage of

the power-group concept. The thyristor utilisation ratio can be calculated as in (8.1).
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In this study the efficiency of the converters will be compared at 6 different points on a P/Q
envelope. Estimates at both inverting and rectifying operation are given at a 0.95 leading power-
factor, 0.95 lagging power-factor and unity power-factor. AC and DC voltages are assumed to

be at their nominal values.

The simulation and control variables which are common between all of the converter topologies
in the next section are given in Table. 8.3. The thyristor turn-on and turn-off margins are used
by the PGCC to control the thyristor turn-on and turn-off logic. The values given have been
manually tuned to give good utilisation of the power-group thyristors. This was described in
Section. 7.4. The power-group peak and minimum voltages are used as control inputs to the

power-group voltage balancing mechanism, detailed in Section. 7.7.

Characteristic Value
DC Voltage (kV) £300
Rated Power (MW) 900
Transformer Leakage Inductance (pu) 0.14
Thyristor Turn-On Margin 0.1Vpe
Thyristor Turn-Off Margin 0.05Vpe
Power-Group Peak Voltage (kV) 16KV
Power-Group Min Voltage (kV) 12.5kV

Table 8.2: Power-group augmented converters - common design elements.

8.2.1 Impact of Sub-Module Capacitor Size on Thyristor Utilisation and
Efficiency

In non-augmented modular multilevel converters, the sizing of the sub-module capacitor is driven
by the requirement to limit the sum ripple on the sub-module voltages, in order to prevent the

converter from not having sufficient voltage capability, as well as the requirement to limit the
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peak voltage that any sub-module experiences [49)].

In power-group augmented converters another factor comes into play which is how the sub-
module capacitor size impacts how often power-group voltage balancing rotations must take
place in order to limit the deviation of power-group voltages from each other. Frequent rotations
limit how long a power-group may keep its thyristor conducting before it is required to disable
its thyristor and generate a voltage output. This is illustrated in Fig. 8.3 for power-group
augmented converters operated with 12.5 kJ/MVA and 25 kJ/MVA of stored energy. In both
simulations, the PGCC was set to maintain the maximum and minimum power-group voltages
within the same limits. To achieve this, the converter with a nominal energy storage of 12.5

kJ/MVA, must use power-group rotations at a higher frequency.
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Figure 8.3: Impact of sub-module capacitor size on power-group thyristor usage in a power-group
augmented converter.

The variation in the estimated power-losses and thyristor utilisation, with variation in the
nominal stored energy, in a power-group augmented converter based upon the EO-AAC is
shown in Fig. 8.4. It can be seen that with a lower amount of energy within the utilisation of

the power-group thyristors is affected, with a subsequent impact on the power-losses within the

converter.

The nominal energy levels within the converters examined within the next section have been

set so that the energy storage within the converter is sufficient to make proper use of the

power-groups. For converters based upon the MMC, this results in nominal energy levels of
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Figure 8.4: Impact of sub-module capacitor size on power-group thyristor usage.

35 kJ/MVA being used, this is in line with the expected energy storage requirement in a non-
augmented MMC. For converters based upon the AAC, nominal energy levels in the region of
25 kJ/MVA were found to be required to ensure good thyristor utilisation. This is above the
approximate 12.5 kJ/MVA storage requirement of a non augmented AAC [39]. It should be
noted that some of the topologies based upon the AAC in the following section have stacks that
are rated for higher voltage ratings, with resulting increases in the number of sub-modules, than
the EO-AAC presented in Section 1.2.4. The increased energy storage requirement therefore

does not directly correlate into an equivalently increased sub-module capacitor size.

8.3 Converter Efficiency Comparison

8.3.1 Augmented Modular Multilevel Converter

The first converter topology which will be explored as a candidate for augmentation is the
Power-Group Full-Bridge Modular Multilevel Converter (A-MMC). The full-bridge variant of
this topology is chosen as this will allow the proposed power-group turn-off method to be used.

MMC variants that include a mixture of full and half-bridge sub-modules within each power-
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group could also be considered, but are not included in this thesis.

The characteristics of the simulated converter are given in Table. 8.3.

Characteristic Value
DC Voltage (kV) £300
AC Voltage (kV) 490
DC Current (kA) 1.5
N. of sub-modules per PG 8
Voltage Rating of Stack (PU) 1
N. of power-groups per Valve 42
N. of sub-modules per Valve (GW) 336
Nom. Energy (kJ/MVA) 35
sub-module Capacitor Size (mF) 9.6
N. of IGBTS per Valve 1344
N. of Thyristors per Valve 252

Table 8.3: Augmented modular multilevel converter - specification.

The waveform of a single arm of the converter, when operating at 1 pu rated inverting
power is shown in Fig. 8.5. During the peak of the arm current waveform the stack is mostly
bypassed, which should result in a significant decrease in conduction losses. Because the MMC
has continuous current conduction within the arms, there is current flowing through the stacks
when the arm is generating close to its maximum voltage, when little to no power-groups are
using their thyristor. When the stack voltage is at its peak the power-groups within the arm
are nearly all conducting though the IGBT path.

A comparison of the calculated losses in this topology, in both its standard non-augmented
configuration and its power-group augmented variant, is given in Table. 8.4. Significant reduc-
tion in the IGBT conduction losses within the augmented converter are seen. Switching losses
remain relatively constant, with a slight increase in the augmented variant. The power-group
augmented variant has additional losses caused by the power-group thyristor and snubber, how-
ever the additional losses by these elements are dominated by the reduction in IGBT conduction
losses.

Loss estimates of the A-MMC at several outpoints of P/Q envelope are given in Table. 8.5.
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Figure 8.5: Power-group augmented modular multilevel converter operating at rated inverting
power.

The converter exhibits only modest increases in power-losses when operating away from unity
power-factor. The average thyristor utilisation factor is in the region of 0.5. The loss estimates
for the A-MMC are relatively promising, indicating that power-groups may allow fault-tolerant

converter with efficiencies close to the half-bridge MMC to be achieved.

243



Table 8.4: Comparison of augmented & non-augmented power losses at 1 pu inverting operation.

Loss Type (% Rated Power) ‘ Non-Augmented Augmented

IGBT Conduction 0.719 0.296
IGBT Switching 0.087 0.093
Thyristor Conduction NA 0.045
Thyristor Turn-Off NA 0.003
Thyristor Turn-On NA 0.016
Snubber Loss NA 0.005
Overall Loss 0.806 0.458

Table 8.5: A-MMC efficiency estimates (losses in % rated power).

P (pu) 1 1 1 -1 -1 -1

Q (pu) 0 03 03| 0 03  -0.3
Thyristor Utilisation | 0.515 0.480 0.524 | 0.540 0.533 0.504
IGBT Conduction 0.296 0.339 0.305 | 0.283 0.307 0.324
IGBT Switching 0.093 0.094 0.103 | 0.084 0.093 0.098

Thyristor Conduction | 0.045 0.044 0.047 | 0.047 0.048 0.045
Thyristor Turn-Off 0.003 0.003 0.004 | 0.004 0.004 0.004
Thyristor Turn-On 0.016 0.013 0.019 | 0.021 0.027 0.021
Snubber Loss 0.005 0.006 0.005 | 0.005 0.006 0.005

Overall Loss | 0.458 0.499 0.483 | 0.443 0.484 0.499

8.3.2 Augmented Extended Overlap Alternate Arm Converter

In this section a power-group augmented variant of the Extended Overlap Alternate Arm Con-
verter (EO-AAC), which is detailed in Section. 1.2.4, is considered. The specifications of the
simulated converter are given in Table. 8.6.

The stack voltage and current waveform of this converter operating at 1 pu inverting power
are shown in Fig. 8.6. Unlike the MMC, the stack voltage spends relatively little amount of
time generating zero volts. This indicates that there is a reduced potential to use the thyristors
within each power-group.

The loss comparison between the augmented and non-augmented variants of this topology

are shown in Table. 8.7 . Some mild reduction in the conduction losses within the sub-modules

244



Table 8.6: Augmented extended overlap alternate arm converter - specification.

Characteristic Value
DC Voltage (kV) +300
AC Voltage (kV) 490
DC Current (kA) 1.5
N. of sub-modules per PG 8
Voltage Rating of Stack (PU) 2
Voltage Rating of Director Switch(PU) %
N. of power-groups per Valve 28
N. of sub-modules per Valve 224
N. of IGBTs per Director Switch 203
Nom. Energy (kJ/MVA) 25
sub-module Capacitor Size (mF') 10.3
N. of IGBTS per Valve 1099
N. of Thyristors per Valve 168

is seen, however the amount is relatively low. A significant portion of the losses within the
converter come from the director switch. This loss is not affected by use of power-groups within
the converter arms. A hybrid power-group arrangement, containing a mix of director switches
IGBTs and full-bridge sub-modules could be considered for this topology to further decrease

the losses.

Table 8.7: Comparison of augmented & non-augmented EO-AAC power losses at 1 pu inverting
operation

Loss Type (% Rated Power) | Non-Augmented Augmented

IGBT Conduction 0.353 0.256
IGBT Switching 0.082 0.087
Dir. Switch Conduction 0.170 0.170
Dir. Switch Switching 0.001 0.001
Thyristor Conduction NA 0.010
Thyristor Turn-Off NA 0.002
Thyristor Turn-On NA 0.033
Snubber Loss NA 0.004
Overall Loss ‘ 0.605 0.563
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Figure 8.6: Power-group augmented extended overlap alternate arm converter operating at rated
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The estimated losses within the augmented EO-AAC at several set-points is given in Ta-
ble. 8.8. The thyristor utilisation is low in comparison the augmented MMC, averaging at 0.23.
The efficiencies in all cases are also below that of the A-MMC, indicating that the EO-AAC, in

its standard arrangement is not an attractive candidate for power-group augmentation.
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Table 8.8: EO-AAC efficiency estimates (losses in % rated power).

P (pu) 1 1 1 -1 -1 -1

Q (pu) 0 0.3 -0.3 0 0.3 -0.3
Thyristor Utilisation 0.263 0.197 0.345 ‘ 0.381 0.335 0.344
IGBT Conduction 0.256 0.294 0.234 | 0.213 0.245 0.234
IGBT Switching 0.087 0.098 0.077 | 0.078 0.074 0.100

Dir. Switch Conduction | 0.170 0.179 0.177 | 0.150 0.159 0.157
Dir. Switch Switching 0.001 0.001 0.001 | 0.000 0.000 0.001
Thyristor Conduction 0.010 0.008 0.014 | 0.015 0.014 0.014

Thyristor Turn-Off 0.002 0.002 0.002 | 0.002 0.002 0.002
Thyristor Turn-On 0.033 0.033 0.027 | 0.033 0.034 0.035
Snubber Loss 0.004 0.005 0.004 | 0.003 0.004 0.004
Overall Loss ‘ 0.563 0.620 0.536 ‘ 0.494 0.532 0.548

8.3.3 Augmented Trapezoidal - Alternate Arm Converter

In the EO-AAC, the third harmonic voltage that has been imposed upon the converters voltage
waveform was chosen as part of an optimisation to improve the efficiency of the converter. It
does this by optimising the required ratio of director switches to full-bridge sub-modules within

the arm, whilst still retaining the EO-AAC DC fault ride through capability [111].

The use of power-groups within the EO-AAC may change the result of this optimisation, as a
power-group with an active thyristor will have significantly lower conduction losses than either
a sub-module or director switch. For this reason an Alternate Arm Converter that operates
using a a more traditional third harmonic voltage waveform imposed may be a desirable option.
This converter topology has been named the Augmented Trapezoidal Alternate Arm Converter
(AT-AAC), to reflect the use of power-groups, and the more standard third harmonic injection

used.

As the zero sequence voltage is now subtractive from the AC voltage waveform, the peak
voltage that the converter must generate is also reduced. This means the converter arms need
an overall lower voltage rating. This may also bring some benefits in station layout due to

the reduced isolation voltage requirement. The ratings of the simulated converter are given in
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Table. 8.9.

Table 8.9: Augmented trapezoidal alternate arm converter - specification.

Characteristic Value
DC Voltage (kV) +300
AC Voltage (kV) 490
DC Current (kA) 1.5
N. of sub-modules per PG 8
Voltage Rating of Stack (PU) 1
Voltage Rating of Director Switch(PU) | 0.15
N. of power-groups per Valve 46
N. of sub-modules per Valve 336
N. of IGBTs per Director Switch 46
Nom. Energy (kJ/MVA) 25
sub-module Capacitor Size (mF) 6.9
N. of IGBTS per Valve 1518
N. of Thyristors per Valve 276

Simulated waveforms of a converter arm are shown Fig. 8.7. Due to the third harmonic
injection used the converter generates a very low voltage at the peak of the AC voltage waveform.
This corresponds to when the arm current is at its peak. This indicates the utilisation of the

thyristors should be high.
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Figure 8.7: AT-AAC operating at rated inverting power.

A comparison of power-losses within the AT-AAC in both its augmented and augmented
variant is given in Table. 8.10. As expected the non-augmented variant has higher power-losses
than the non-augmented EO-AAC. The losses of the augmented converter however are very
promising, with the conduction losses within the IGBTs being reduced by a factor of 2.6.

Power-loss estimates for the AT-AAC at different operating points are given in Table. 8.11.
Promising efficiency values at all operating points are seen, with overall losses approaching 0.3%
of rated power in the best case operating condition. This is similar to the efficiency values that
would be expected in a LCC based HVDC converter, whilst retaining full P/Q capability and

DC fault tolerance.
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Table 8.10: Comparison of augmented & Non-Augmented AT-AAC power losses at 1 pu inverting
operation

Loss Type ‘ Non-Augmented Augmented
IGBT Conduction 0.630 0.156
IGBT Switching 0.067 0.074
Thyristor Conduction NA 0.051
Thyristor Turn-Off NA 0.004
Thyristor Turn-On NA 0.018
Snubber Loss NA 0.007
Overall Loss ‘ 0.697 0.310

Table 8.11: Power-losses of augmented trapezoidal alternate arm converter across the P/Q
envelope (losses in % rated power).

P (pu) 1 1 1 1 -1 -1

Q (pu) 0 0.3 -0.3 0 0.3 -0.3
Thyristor Utilisation ‘ 0.629 0.570 0.725 | 0.725 0.703 0.734
IGBT Conduction 0.179 0.218 0.136 | 0.130 0.151 0.125
IGBT Switching 0.080 0.086 0.061 | 0.063 0.071 0.058

Dir. Switch Conduction | 0.038 0.041 0.040 | 0.034 0.036 0.036
Dir. Switch Switching 0.000 0.000 0.000 | 0.000 0.000 0.000
Thyristor Conduction 0.037 0.036 0.044 | 0.043 0.043 0.045

Thyristor Turn-Off 0.004 0.003 0.003 | 0.003 0.003 0.003
Thyristor Turn-On 0.049 0.046 0.038 | 0.034 0.041 0.032
Snubber Loss 0.005 0.006 0.005 | 0.005 0.006 0.005
Overall Loss ‘ 0.392 0.435 0.327 | 0.312 0.351 0.303
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8.3.4 Elimination of the Director Switch in the AT-AAC

The AT-AAC shows promising improvements in efficiency over both the A-MMC and the EO-
AAC. As the voltage rating of the director switch within this topology has to be rated for a low
voltage, approximately 15% of the DC bus voltage, it may be an attractive option to eliminate it
from the design completely, constructing the entire stack out of full-bridge power-groups. This
has the advantage of simplifying the design of the converter, as well as removing any concerns
regarding the hard switching of the series IGBTs within the director switch. The EO-AAC
in this form resembles an MMC that is designed to over-modulate its output, with circulating
current used to reduce the overall energy deviation of the sub-modules within the converter.
Eliminating the director switch also introduces the possibility of designing the converter to allow
continuous conduction through the arms. This would allow MMC style balancing currents to
be used, rather than relying on the overlap periods to run balancing currents. Doing so would
require arm inductors to be included within the converter. The details of the simulation model

of the director switch-less AT-AAC are given in Table. 8.12.

Table 8.12: Director switch-less augmented trapezoidal alternate arm converter - specification.

Characteristic Value
DC Voltage (kV) +300
AC Voltage (kV) 490
DC Current (kA) 1.5
N. of sub-modules per PG 8
Voltage Rating of Stack (PU) 1.2
N. of power-groups per Valve 50
N. of sub-modules per Valve 400
Nom. Energy (kJ/MVA) 25
sub-module Capacitor Size (mF) 5.8
N. of IGBTS per Valve 1600
N. of Thyristors per Valve 300

Simulated waveforms of the AT-AAC operating at 1 pu inverting power are shown Fig. 8.8.
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The top most sub-plot shows the voltage generated by the series arrangement of power-groups
within the upper arm of phase A. The blue line shows the absolute of the overall voltage
generated by the stack of power-groups. The yellow line shows what proportion of the arm
has been bypassed through the thyristor path, while the dashed red line shows the sum of the
sub-modules voltages within all power-groups within the arm. As the stack voltage decreases
more and more power-groups within the arm are set to bypass themselves. The controller
maintains enough power-groups with voltage generating capability (i.e without a conducting
thyristor valve) in order to still be able to meet the voltage demand from the current controller.
The period where the arm is generating a minimum voltage corresponds to the period where the
magnitude of the arm current is greatest. Most power-groups within the arm can be bypassed
through their thyristor branch at this point, resulting in significant reduction in conduction

losses within the converter.
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Figure 8.8: AT-AAC without director switch operating at rated inverting power.
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Power loss estimates of the AT-AAC without director switch are given in Table. 8.13. Im-
proved efficiency results over the AT-AAC variant that includes a director switch are seen at
each set-point tested, with power-losses below 0.3% rated power seen at rectifying operation at

a lagging power factor.

Table 8.13: Power-losses of AT-AAC without director switch across the P/Q envelope (losses in
% rated power).

P (pu) 1 1 1 -1 -1 -1
Q (pu) 0 03 -03 | 0 03 -0.3
Thyristor Utilisation | 0.717  0.645 0.778 | 0.766 0.740 0.796
IGBT Conduction 0.156 0.207 0.120 | 0.130 0.157 0.111
IGBT Switching 0.074 0.091 0.067 | 0.073 0.089 0.063

Thyristor Conduction | 0.051 0.048 0.057 | 0.055 0.055 0.059
Thyristor Turn-Off 0.004 0.004 0.004 | 0.004 0.004 0.004
Thyristor Turn-On 0.018 0.019 0.016 | 0.017 0.021 0.013
Snubber Loss 0.007 0.007 0.008 | 0.006 0.009 0.007

Overall Loss 0.310 0.376 0.272 | 0.285 0.336 0.256

8.3.5 Augmented Clamped - Alternate Arm Converter

The idea of looking at clamping the stack voltage waveform to the DC rail to increase the
utilisation of the thyristor within the converter arms was proposed by Francisco Moreno from
GE Grid during a consultancy meeting.

In a three wire delta system the converter transformer presents an effective infinite impedance
to zero sequence components. To increase the utilisation of the thyristors, and so further increase
the efficiency of the converter, the idea of twice per phase clamping each phase to a DC rail
for a period of 60 degrees is investigated. As the converter will be operated in a three wire
delta system, this would not result in any disturbance to the AC current waveforms as two line
voltages will remain controlled at all times throughout the cycle. When a phase of the converter

is clamped to a DC rail, either the upper or lower arm within the converter would be required
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to generate zero volts, representing a chance to activate every thyristor within the converter
arm, and so increase the utilisation of the power-group thyristors. Example waveforms of a

converter operated in this mode with Alternate Arm currents is given in Figure. 8.9
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Figure 8.9: Converter waveforms with clamping action.
Given the converter voltages V,, V;, and V., measured with respect to the midpoint of the DC

bus, the zero sequence clamping voltage (V.s.) that is injected into the converter waveform can

be expressed as in (8.2).
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This variant of the AAC will be referred to as the Augmented Clamped Alternate Arm
Converter (AC-AAC).

8.3.5.1 Turn-on and turn-off voltage cancellation

During the start of the clamp period some power-groups in the arm may have to actively
discharge a sub-module in order to achieve the correct differential voltage for the turn-off process.
In addition, towards the end of the clamped period some of the power-groups must go through
the turn-off process in order to make themselves available to generate the requested voltage.
Both of these processes result in the converter arm generating a voltage. If every power-group
within the arm is set to turn-on its thyristor during this period then there would be no available
voltage within the arm for the PGCC to use to compensate for this uncontrolled voltage.

To get around this problem a solution involving adding the uncontrolled turn-on and turn-off
voltages to the converters zero-sequence voltage was investigated. This approach works, with
disturbances to the arm current waveform caused by the on/off voltages effectively removed.
However doing so was found to require an uprating in the stack voltage capability of the con-
verter. The solution that is proposed instead is to not completely deplete the stack voltage
capability during the clamped period. Instead a small amount of voltage capability could be re-
tained, allowing effective cancellation of the turn-on and turn-off voltages. This can be achieved

by changing the power-group turn-on and turn-off voltage margin thresholds within the PGCC
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during the clamped period.

An example waveform of the stack voltage and current of an AC-AAC is shown in Fig. 8.10.
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Figure 8.10: AC-AAC without director switch operating at rated inverting power.

8.3.5.2 Efficiency Estimates of the AC-AAC

As the variant of the AT-AAC without a director switch proved to be more efficient, the AC-
AAC with full rated stacks of power-groups without a director switch is considered in this

section. The ratings of the simulated converter are given in Table. 8.14.

The power-losses within the AC-AAC at several set-points are given in Table. 8.15. In com-
parison to the AT-AAC the thyristor utilisation has improved, with values approaching 0.8.
The increased thyristor utilisation achieved by the clamping action however does not result in
any significant gains in efficiency, with power-losses broadly in line with the AT-AAC. As the

AC-AAC requires the stacks to be rated to a higher voltage the clamping action, whilst an
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Table 8.14: Augmented clamped alternate arm converter - specification.

Characteristic Value
DC Voltage (kV) +300
AC Voltage (kV) 490
DC Current (kA) 1.5
N. of sub-modules per PG 8
Voltage Rating of Stack (PU) 1.25
N. of power-groups per Valve 53
N. of sub-modules per Valve 424
Nom. Energy (kJ/MVA) 25
sub-module Capacitor Size (mF) 5.5
N. of IGBTS per Valve 1696
N. of Thyristors per Valve 318

interesting idea, does not appear to provide any significant benefits.

Table 8.15: Power-losses of AC-AAC without director switch across the P/Q envelope (losses in

% rated power).

P (pu) 1 1 1 -1 1 1

Q (pu) 0 0.3 -0.3 0 0.3 -0.3
Thyristor Utilisation | 0.661 0.543 0.759 | 0.779 0.652 0.783
IGBT Conduction 0.206 0.304 0.147 | 0.128 0.228 0.126
IGBT Switching 0.097 0.119 0.075 | 0.074 0.104 0.070
Thyristor Conduction | 0.049 0.042 0.059 | 0.058 0.051 0.061
Thyristor Turn-Off 0.005 0.005 0.005 | 0.005 0.005 0.004
Thyristor Turn-On 0.038 0.036 0.037 | 0.045 0.051 0.031
Snubber Loss 0.008 0.008 0.008 | 0.008 0.009 0.008
Overall Loss ‘ 0.404 0.514 0.331 | 0.317 0.449 0.300

257



8.3.6 Conclusion

A summary of all of the converters that have been tested is given in Table. 8.16. For comparison
purposes the power-losses within a non-augmented MMC and a Mixed Stack MMC are also
given. Several promising topologies have been identified, with the AT-AAC variant without

director switches identified as the converter with the highest efficiency.

Table 8.16: Overall converter comparison - power-losses given at rated inverting power.

Converter ‘ A-MMC  AEO-AAC  AT-AAC AT-AAC  AC-AAC ‘ MMC Mixlsgwséa‘?k
Director Switch ‘ v v ‘
Number of IGBT's 1344 1099 1518 1600 1696 668 1002
Number of Thyristors 252 168 276 300 318 NA NA
Thyristor Utilisation 0.515 0.263 0.629 0.717 0.661 NA NA
Power-Loss (% rated power) 0.458 0.563 0.392 0.310 0.404 0.442 0.57

The AT-AAC is a very promising topology. The efficiency of this converter is significantly
higher than the Hybrid-MMC, and better than the MMC in its standard half-bridge configura-
tion. It achieves this whilst also retaining the ability to retain control over the AC side currents
during DC faults. This converter also has the benefit of requiring a smaller sub-module capac-
itor in comparison to the MMC. This comes at a cost of requiring significantly more IGBTs
within the converter, in addition to the required thyristors and associated ancillary components

within each power-group.
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9 Power-Groups: Dynamic Response and

Fault Ride Through

This chapter details the investigation into the dynamic response of power-group augmented
converters during fault scenarios. HVDC converters must be capable of riding through various
faults on the AC side, and be capable of providing system support during these fault events.
For power-group augmented converters to be a viable concept, it will have to be shown that
they are capable of surviving such scenarios. To investigate this a full fault study of several
different fault scenarios using variation in the fault inception point-on-wave was undertaken.
Several changes, which result in an improved fault response, to both the converters controller
and the converters circuit arrangement are proposed.

The requirement to enforce a hold-off time on each power-group during the turn-off of the
power-group thyristor, during which the voltage capability of that power-group must be re-
strained, will have an impact on the dynamic response of the converter. In Chapter. 6, the
required hold-off time is estimated to be in the region of 1 ms, the impact that this has on the
fault response of the converter will be explored in this chapter.

The response of an AT-AAC to a fault on the AC side is shown in Fig. 9.1. For clarity
only the stack voltage and current within the worst affected arm is shown. During steady-state
operation the PGCC maintains enough voltage capability within the arm to meet the voltage
demand from the current controller. The fault results in a sharp change in voltage demand
from the current controller, which the converter is unable to meet because of the utilisation of

the power-group thyristors. This results in a loss of current control, resulting in an over-current
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event occurring. The negative voltage capability of the converter is regained quickly due to
the power-groups asymmetric voltage capability. The converter is unable to meet the voltage
demand from the current controller for a period of time approximately equal to the hold-off

time of the power-groups.
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Figure 9.1: Response of an AT-AAC to a three phase fault to 0.3 pu retained voltage.

260



9.1 Test System

The AT-AAC variant with no director switch is considered to be the most promising converter
topology examined in Chapter. 8. For this reason only the dynamics and fault response of this
converter are chosen to be considered in the chapter. The characteristics of the test converter,the

AC system, and the DC system are given in Table. 9.1.

Table 9.1: Augmented trapezoidal alternate arm converter - specification.

Characteristic Value
DC Voltage (kV) £300
AC Voltage (kV) 490
DC Current (kA) 1.5
N. of SMs per PG 8
Voltage Rating of Stack (PU) 1.2
N. of PGs per Valve 50
N. of SMs per Valve 400
SM Nom. Energy (kJ/MVA) 25
SM Capacitor Size (mF) 5.8
DC Capacitor Nom. Energy (kJ/MVA) 2
DC Inductor Size (pu) 0.02
PG Turn-On Margin 0.1 x Vg
PG Turn-Off Margin 0.05 x Vg,
PG Hold-Off Time 1 ms
Transformer Leakage Reactance (pu) 0.14
Grid Short Circuit Ratio 12.5
Grid X/R Ratio 15
Length of DC Cable 200 km
Resistance per unit length (2/km) 0.0376
Inductance per unit length (mH/km) 0.189
Capacitance per unit length (F/km) 0.207

The converter in test has been set into P-V mode, where its active power is set as a reference
and the reactive current demand is set by a control loop which attempts to regulate the measured

AC voltage at the PCC to 1 pu. During faults the reactive current control loop causes the
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converter to inject reactive power into any under-voltage event on the AC grid. For line to
line faults the converter is set to inject no current into the fault to prevent over-voltages from
occurring on the healthy phase.

The AC system is modelled as a voltage source behind an impedance. The impedance is sized
so that the grid has a Short Circuit Ratio of 2.5, with an X/R ratio of 15. The DC system is
modelled as an ideal voltage source connected to the DC bus of the converter under test through

a 150 km long distributed parameter cable.

9.2 Design factors that impact fault response of Power-group

Augmented Converters

This section investigates the main design and control parameters that affect the fault response
of power-group augmented converters. A fault phenomenon, caused by the power-group usage
is identified, and a solution proposed. The impact of the converters inductor arrangement
into the converters fault response is investigated. A change to the controllers current reference
calculation is suggested. The viability of increasing the converters power-group turn-off margin
is investigated. Finally the fault response of the converter if the hold-off time can be reduced
from its assumed 1 ms length is investigated. Converter efficiency estimates when using a faster

distributed gate thyristor are also given.

9.2.1 Fast Fault Detection

The Fast Fault Detection block, detailed in Section. 7.13, controls when the power-groups within
are sent a command to turn-off during fault scenarios. The fault response of the converter was
found to be highly sensitive to the tuning of the low-pass filter within the Fast Fault Detection
block, and to the fault detection threshold. Setting the low-pass filter to filter the signal over
one half a fundamental cycle, and the threshold value to 8% of the DC bus voltage was found to

give a fault detection time of approximately 0.2 ms, whilst giving good noise tolerance during
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normal operation.

9.2.2 Arm DC Sum Error Compensation

One of the first issues that was highlighted by the fault study was the need to add an additional
subsystem that modifies the voltage reference generated by the current controller to account
for the error in stack voltages. The issue observed is that during fault situations, where the
controller attempts to meet a sudden change in voltage demand, there may not be enough
voltage within the arm to meet the voltage reference. This gives rise to situations where the
converter does not properly support the DC voltage. This causes a large common-mode current
to be drawn from the DC side, through the arms of the phase which are not supporting the

voltage. This is illustrated in Fig. 9.2.

The DC side of the system has a low impedance due to the presence of the DC bus capacitors,
if they are present, as well as the capacitance of the DC cable. The common-mode current is
only limited by the inductance in the path, which is given by the sum of the DC and arm
inductors. In a power-group augmented converter based upon the EO-AAC, these inductors

may be small in size, or not present at all in the case of arm inductors.

The solution that has been adopted (credit to Michael Merlin for his discussions on this
topic) is to take the error in voltage, between the voltage reference and the available voltage,
and adding it as a reference to the other arm within that phase. The modified voltage reference

for each arm, Vicf mod, is calculated as in (9.1)

V}efmod = ‘/ref + V;:omp (91)

Where the compensation voltage, Veomyp, is calculated as in (9.2)
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;

+ ; +
V;“efOP - VAvailop if ‘/;efop > VAvailop

Vcomp = V;efop — if Vrefop < VA_vailop (9'2)

VAvailop

0 otherwise
\

Where Viey,,, Vf;} ailop? Ve ailop refer to the other arm within the phases voltage reference,
positive available voltage and negative available voltage respectively.
In this manner the converter prioritises maintaining control over the DC side currents that

enter the converter. The AC side of the systems has significantly higher impedance than the DC
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side of the system. This is down to the impedance of the transformer, as well as the impedance
of the AC system itself.

A comparison of the fault response of a converter with, and without DC Sum Error Com-
pensation is shown in Fig. 9.3. In both converters the sub-modules within the converter are
blocked to allow the arm to act as a director switch. During this period the lower blocked arm
is uncontrolled and generates the voltage necessary to drive the current flowing through it to
zero. The upper arm is unable to achieve its voltage reference due to a lack of available voltage,
and so the converter loses control over the AC side current, causing an over-current event in the
upper arm. The lower arm remains blocked and so prevents any common mode current from
flowing. When the lower arm is unblocked it is able to achieve its voltage reference from the
current controller, however because the upper arm is still unable to generate its requested volt-
age the converter no longer properly supports the DC bus voltage. This causes a common mode
current to flow through both arms, resulting in a sudden worsening in the over-current event.
The peak over-current in this case reaches approximately 3000 A, which is a likely destructive
amount.

In the case where DC Sum Error Compensation is used the error of the upper arm is added as
a reference to the lower arm, this prevents the sudden loss over the DC side currents when the
lower arm is unblocked, with fault current now divided between the upper and lower arms. The
peak fault current in this case is approximately 2200 A, significantly reduced in comparison to
the case with no DC Sum Error Compensation. This is still a serious and potentially destructive

over-current event however.
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Figure 9.3: Worst affected arm in an AT-AAC during a line to line fault at the converter
transformer.

9.2.3 Fault Study

In order to ensure that the worst case scenarios were found, the inception angle of each fault
was varied by & intervals referenced to the voltage waveform at the primary of the converter
transformer. This was done to ensure the worst case scenarios for each fault case was found.

The results of the fault study for the test system are given in Table. 9.2.

The most severe fault situation that was identified is the line to line fault at the transformer
during inverting operation, with peak currents reaching close to 3.5 kA, significantly outside of
the devices SOA. Large over-currents, of a similar magnitude, were also found to occur during
the DC pole to pole fault during rectifying operation, and the three phase fault during inverting

operation.
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Table 9.2: Peak currents experienced in fault study.

Fault Case Pre-Fault Power (pu) Peak Current Fault Inception Angle
Three Phase Fault 1 1596 0
Three Phase Fault -1 2300 =
Single Line to Ground Fault 1 1596 0
Single Line to Ground Fault -1 1782 '%T
Line to Line Fault at Transformer 1 1597 0
Line to Line Fault at Transformer -1 3495 %T
DC Pole to Pole Fault 1 3416 0
DC Pole to Pole Fault -1 1531 0

The simulation results of the worst case line to line fault simulation are given in Fig. 9.4. A
large over-current is seen in one of the phase currents. Because of the alternate arm action of
the converter, this fault current is also seen flowing through one of the arms into the DC side.

The stack voltages and currents of the worst affected phase of the converter in this scenario
is shown in Fig. 9.5. A large error between the requested and achieved voltage in the lower arm
is seen. This results in a loss of current control, with subsequent over-current event. When the
converter recovers its full voltage capability it regains current control and the fault current is
driven towards zero.

The following subsections of this chapter will deal with changes to the design and control of

the converter, with the aim of reducing these over-currents to within practical levels.
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Figure 9.4: AT-AAC response to a line-to-line fault at the transformer - worst case scenario

found.
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Figure 9.5: AT-AAC response to a line-to-line fault at the converter transformer - worst case
scenario found - Phase with highest peak fault current shown.
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9.2.4 Impact of Inductor Arrangement and Arm Current Control Strategy

The AT-AAC variant that has been considered so far uses the inductor arrangement of the
non-augmented EO-AAC. As no director switch is included within the converter the director
switch action is achieved by actively blocking stacks, i.e. all IGBTs within the arm are sent a
zero gate voltage commands. As the overall nominal voltage within the arm is greater than the
peak voltage placed across it the arm therefore acts as an open-circuit and forces the current
flowing through it to zero. This mode of operation allows the inductor arrangement for the
EO-AAC, discussed in Section. 1.2.4, where the only inductors required for control reasons are
a pair of DC inductors, and the impedance presented by the transformer.

One design option that exists is to change the inductor arrangement so that there is some
level of inductance within each arm. Both converter arrangements are shown in Fig. 9.6. The
introduction of arm inductors allows the converter to be operated with continuous conduction
through each arm, with the alternate arm action achieved through current control. Whilst
this removes the advantage of a reduced number of required inductors within the converter, it
was found that the fault response of the AT-AAC when operated in this mode is significantly
improved.

Whilst designing the converter with arm inductors has the drawback of increasing the required
number of inductors within the converter from two to six, it does bring some additional benefits.
The energy balancing of the converter can be achieved using more traditional MMC style circu-
lating currents, rather than the methods based upon overlap discussed in Section. 1.2.4. This
means balanced sinusoidal current sets can be used, further reducing the need for any filtering
on the DC side. It also opens up options for having the converter switch operation to MMC
mode, or to use circulating currents to suppress the peak current in the converter, as discussed
in Chapter 5. This could allow for overload capacity to be easily designed into the converter.

A comparison of the fault response of the AT-AAC designed with both inductor arrangements
is shown in Fig. 9.7. In the case of the AT-AAC, the DC inductor has been removed and the

arms inductors that are 0.05 pu in size were inserted. The AC side current response is similar
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Figure 9.6: Inductor arrangement possibilities for the AT-AAC.

in both cases, with the peak AC current magnitude in the case with arm inductors slightly
higher than the case with DC inductors. The peak current flowing through the arms of the
converter operated with arm inductors is significantly reduced however, with the fault current
now splitting between the upper and lower arms of each phase.

Fig. 9.8 shows a close up of the currents within both converter arrangements during this fault.
The fault current is can be seen splitting between the upper and lower arms in the case with
arm inductors, whilst it can only conduct through the un-blocked arm in the case with a DC
side inductance.

The fault study was repeated, focusing on the fault scenarios which were found to result in
the worst over-currents. The results of this study are shown in Table. 9.3. Significant reductions
in the peak fault currents through the arms of the converter are. In the case of a three phase
fault during inverting operation the peak current is reduced from 2300 A to 1682 A. In the case
of a line to line fault during inverting operation the peak current is reduced from 3495 A to

2546 A. In the case of a DC fault during rectifying operation the peak current is reduced from
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Figure 9.7: Response of AT-AAC to a line-to-line fault at the converter transformer.

3416 A to 2338 A.

Table 9.3: Peak currents experienced in fault study - converter operated with arm inductors.

Fault Case Pre-Fault Power (pu) Peak Current Fault Inception Angle

Three Phase Fault -1 1895

Single Line to Ground Fault -1 1618 1%’
Line to Line Fault at Transformer -1 2546 i
DC Pole to Pole Fault 1 2338 %
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Figure 9.8: Response of AT-AAC to a line-to-line fault at the converter transformer.

9.2.5 Over-Current Based Set-Point Adjustment

zero the over-current on the worst affected fault should also be reduced.

The modified current reference, Iyrms,., ,» can be expressed as in (9.3)
mo:

Using Arm DC Sum Error Compensation, detailed in Section. 9.2.2, prevents any large DC
side fault current contribution entering the arms of the converter. The over-currents in the
converter are dominated by the fault current contribution from the AC side. This sections
proposes a controller change, aimed at reducing the AC side fault current contribution. The
proposed change is based on the measured maximum over-current within the converter. If an
over-current in one arm is detected, the current references for all arms are reduced proportional
to the amount of over-current in the worst affected arm. Because the converter is operated in a
delta system the three phase currents must sum to zero. The phase with the highest over-current
is the one that has the least available voltage within its arms at the point of fault inception.

By driving the phase currents in the other phases, which are less affected by the fault, towards
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= Iarmsmfkmod (9-3)

I armspef

mod

Where the over-current reduction gain, ke f mod, is given by (9.4), where I, is an over-current

limit and Kopercurrent 18 @ gain.

(maz([Larms|) — Loct)kovercurrent if max(lorms) > Toc
kref,mod = (94)

1 otherwise

The operation of this set-point adjustment is illustrated in Fig. 9.9. The over-current is
detected and the current references for the arms reduced proportionally. The arm current
references are undisturbed by the over-current set-point adjustment before the fault, and after
the converter has managed to drive the fault current back below the over-current limit.

A comparison of the fault response of an AT-AAC with and without over-current based set-
point adjustment is shown in Fig. 9.10. The converter specifications and fault scenario are
identical in both simulations. The over-current set-point is set to 1600 A, and Koyercurrent 1S set
to %. The set-point adjustment has little impact on the AC side currents, however the peak
current flowing through the converter is reduced, with the fault current now more evenly split
between the upper and lower arms of the worst affected phase.

The fault study was repeated for the worst case scenarios identified. The results of this fault
study are shown in Table. 9.4. In the case of the line-to-line fault, the peak currents was reduced

by more than 400A, from 2546 A to 2112 A. A modest improvement to the peak current seen

during the DC pole-to-pole fault is also seen.
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Figure 9.9: Over-current based set-point adjustment during a line-to-line fault in an AT-AAC.

Table 9.4: Peak currents experienced in fault study - converter operated with arm inductors

and over-current set-point adjustment.

Fault Case

Pre-Fault Power (pu)

Peak Current

Fault Inception Angle

Three Phase Fault

Single Line to Ground Fault

Line to Line Fault at Transformer
DC Pole to Pole Fault

-1
-1
-1

1

1746
1611
2112
1990

[
16r
S

3

|
o
3
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9.2.6 Impact of Power-Group Turn-On and Turn-Off Margin on Fault

Response

The loss of current control in the studied converter is caused by the inability of the converter
to achieve the voltage demand requested from the current controller. For control reasons, the
PGCC must retain a level of voltage capability r, which is above the expected voltage demand
from the current controller. The magnitude of this retained voltage is set by the turn-on and
turn-off margins, which are used to drive the on/off logic for the power-group thyristors. This
is described in Section. 7.4.

By increasing these margins the PGCC will retain a greater amount of available voltage within
each arm. This will increase the converters ability to meet any sudden change in voltage demand,
potentially reducing the magnitude of any over-currents experienced during fault scenarios.
This comes at a cost of decreasing the utilisation of the power-group thyristors, resulting in the
efficiency gains achieved by the power-group concept being reduced. This benefits and costs of
this are investigated in this section.

Increasing the turn-on and turn-off margins can be expected to give a negative penalty in
terms of efficiency. This is because more IGBT devices will be kept within the current path,
rather than being bypassed by the power-group thyristors. Fig. 9.11 shows the variation in
both the calculated power-losses and the thyristor utilisation with the magnitude of the turn-on
margin within an AT-AAC. The turn-on margin in each case was set to a magnitude of 5%
Vpeo above the turn-off margin. It can be seen that increasing the turn-off margin causes a
sharp decrease in the thyristor utilisation, with resulting increasing in the power-losses within
the converter.

To assess the impact that increasing the power-group turn-off margin will converter fault re-
sponse the worst case line-to-line fault identified in the sections above was re-run, with variation
in the turn-off margin. The arm currents in the worst affected phase for each simulation run
are shown in Fig. 9.12. A notable decrease in the peak fault currents experienced can be seen as

the turn-off margin is increased. The most notable jump is in the move from a turn off margin
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Figure 9.11: Variation of the thyristor utilisation and power-losses with the power-group turn-off

margin in an AT-AAC.

of 0.05 x Vpe to 0.10 x Vpe. The peak current in this case is reduced from 2450A to 2050A.

With turn-off margins of 0.3 x Vpec and above the over-current is effectively limited to close

to zero.

The estimated efficiency values for the AT-AAC with the turn-off margin increased to 0.1 X
Vpe is given in Table. 9.5. The penalty in terms of power-losses in each case is an additional
0.1% of rated power, an approximate 33% increase over the losses when the turn-off voltage
margin was maintained at 0.05 x Vpe. The large losses penalty that increasing the turn-off

margin incurs indicates that this is not an attractive option for improving the fault response of

the converter.
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Figure 9.12: Arm Currents in the worst affected phase of an AT-AAC during a line-to-line fault
with variation in the power-group turn-off margin.

Table 9.5: Power-Losses of AT-AAC with a turn-off Margin of 0.1 x Vp¢

P (pu) 1 1 1 -1 1 1

Q (pu) 0 0.3 -0.3 0 0.3 -0.3
Thyristor Utilisation ‘ 0.580 0.498 0.640 | 0.693 0.628 0.710
IGBT Conduction 0.248 0.314 0.218 | 0.179 0.234 0.170
IGBT Switching 0.092 0.108 0.078 | 0.080 0.098 0.074

Thyristor Conduction | 0.095 0.086 0.109 | 0.116 0.110 0.122
Thyristor Turn-Off 0.001 0.001 0.001 | 0.001 0.001 0.001
Thyristor Turn-On 0.007 0.007 0.005 | 0.006 0.006 0.005
Snubber Loss 0.017 0.018 0.019 | 0.015 0.023 0.018

Overall Loss ‘0.459 0.534 0.430 | 0.396 0.470 0.391
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9.2.7 Impact of Required Hold-Off Time on Fault Response

In this section the viability of decreasing the power-groups hold-off time, and so increasing the
speed at which the converter regains its full voltage capability is investigated. Reducing the
hold-off time will be dependent on whether the thyristor valve in each power-group will reliably
turn-off within the allocated time frame.

The design of the power-group presented in Chapter. 6 assumed the use of an Infineon T2871N
8 kV thyristor that is designed for phase control applications, and so is optimised for low on
state losses, rather than a fast recovery time. The Infineon T2871N thyristor has a data-sheet
specified turn-off time of 550 us, specified at a junction temperature of 125°C' and a dV/dt of
20V /us. In the snubber design section it was found that the peak dV/dt could be limited to
values of approximately 200V/us. For this reason a large safety margin was imposed on the
hold-off time, with a value of 1000 us being considered. Determining the actual hold-off time
required would necessitate extensive type testing of a power-group structure.

It should be noted that the device junction temperature has a significant impact upon the
device junction turn-off time, and the data-sheet specified turn-off time is given at the devices
maximum rated temperature. Because the losses within the thyristor are expected to be low,
and the thermal impedance of such large press-pack packages is also low, the rise in temperature
from ambient to the device junction can be expected to be minimal. This may somewhat counter
the increased hold-off time necessitated by the high dV/dt values.

An alternative option would be to use a different thyristor, sacrificing low on state losses
and blocking voltage capability for a faster recovery characteristic. The alternative thyristor
chosen for comparison is the R1127NC36 3.6 kV distributed gate thyristor from Westcode.
A comparison of two thyristors is given in Table. 9.6. The T2871N device has significantly
better forward conduction characteristics and voltage blocking capability in comparison the
R1127NC36 thyristor. The advantage of the R1127NC36 device is its much reduced turn-off
time characteristics in comparison to the T2871N thyristor. When comparing turn-off times of

thyristors it is important to examine the conditions under which the turn-off time is specified.
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The R1127NC36 thyristor is specified at a dV/dt of 200 V/us, whereas the T2871N device is
specified at 20 V/us.

As a power-group valve composed of the R1127NC36 device would require 7 devices in series,
the actual dV/dt this device would experience is reduced by a factor of 3/7, in comparison
to the valve composed of T2871N thyristors. Considering the snubber design presented in
Section. 6.4.2, this means each R1127NC36 device would experience a peak dV/dt values in the

range of of 86V/us, below the data-sheet specified dV/dt value for the thyristors turn-off time.

Table 9.6: Comparison of phase control thyristor and fast distributed gate thyristor.

Device Manufacturer Infineon Westcode
Device Code T2871N R1127NC36
Thyristor Type Phase Control Distributed Gate
Repetitive Peak Off-State Voltage (V) 7500 3600
Repetitive Peak Reverse Voltage (V) 8000 3600
Forward Voltage at 1500 A (V) 1.38 2.2
Datasheet Specified Ty, (us) 550 250

T, specified dVp/dt (V/us) 20 200

T, specified dip/dt (A/us) 10 60

T, specified T; (°C) 125 125

The efficiency estimates of the AT-AAC when using this device are given in Table. 9.7. An
increase in power losses of approximately 0.1% of rated power at inverting and rectifying unity
power factor is seen. It should be noted that these power-loss estimates are still lower than the
half-bridge MMC, whilst gaining DC fault-ride-through capability. The losses are also broadly
equivalent with the losses calculated with the T2871N device when the converter operated with
a turn-off margin of 10% Vpe, as investigated in Section. 9.2.6. This indicates that if the fault
currents reached with a hold-off time of 1000 us and a turn-off margin of 5% Vp¢ are considered
unacceptably high, the R1127NC36 thyristor would be a more attractive option for decreasing
the peak fault current levels than increasing the turn-off margin. The reduced hold-off time

possible with this thyristor would also add additional benefits, such as simplifying power-group
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voltage balancing, discussed in Section. 7.7.

Table 9.7: Power-Losses of AT-AAC using the R1127NC36 thyristor.

P (pu) 1 1 1 -1 -1 -1
Q (pu) 0 03 03| 0 03 -0.3
Thyristor Utilisation | 0.763 0.693 0.800 | 0.792 0.749 0.803
IGBT Conduction 0.120 0.178 0.111 | 0.116 0.150 0.112
IGBT Switching 0.085 0.106 0.075 | 0.082 0.102 0.075

Thyristor Conduction | 0.186 0.176 0.201 | 0.197 0.192 0.203
Thyristor Turn-Off 0.001 0.001 0.001 | 0.001 0.001 0.001
Thyristor Turn-On 0.006 0.008 0.005 | 0.005 0.006 0.005
Snubber Loss 0.017 0.019 0.021 | 0.016 0.022 0.020

Overall Loss 0.424 0487 0.414 | 0417 0.473 0.416

The fault study was repeated with the hold-off time set to 750 us and 300 pus. The 750 us
case represents an optimistic value for the hold-off time if the T2871N device is sued, whilst
the 300 pus could be achieved if the R1127NC36 thyristor is used. The results for both hold off
times are shown in Table. 9.8. Reducing the hold-off time to 750 us allows the peak current to

be reduced to ~2000 A, while reducing it to 300us allows it to be reduced to ~1800 A.
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Table 9.8: Peak currents experienced in fault study with variation in power-group hold-off time.

(a) Hold-off time of 750us.

Fault Case Pre-Fault Power (pu) Peak Current Fault Inception Angle
Three Phase Fault -1 1687 %ﬂ
Single Line to Ground Fault -1 1552 17”
Line to Line Fault at Transformer -1 2010 s
DC Pole to Pole Fault 1 1855 He

°]

(b) Hold-off time of 300us.

Fault Case Pre-Fault Power (pu) Peak Current Fault Inception Angle
Three Phase Fault -1 1620 %’T
Single Line to Ground Fault -1 1552 17”
Line to Line Fault at Transformer -1 1783 8?”
DC Pole to Pole Fault 1 1657 L=

9.3 Conclusion

The power-group concept introduces some unavoidable delays into the converters response dur-
ing fault scenarios. This results in unavoidable over-current events, which can potentially reach
very high levels. A fault mechanism that results in the converter not fully supporting the DC
bus voltage was identified, and a controller modification to prevent this identified. The inductor
arrangement of the converter was found to have a large impact on the peak fault currents in
the converter, with a circuit arrangement with inductors located within each arm resulting in
significantly lower fault currents. This requirement eliminates some of the converter variants,
examined in Chapter 8, that are based upon the EO-AAC that include director switches. An
over-current based set-point adjustment modification to the controllers current reference gen-
eration has also been proposed which further decreases the peak fault current experienced by

the converter.

The maximum fault current reached within the converter, after all improvements to both the
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converters circuit layout and controller were implemented, was 2112 A. This peak fault current
could be reduced through either reducing the power-group hold-off time, or by increasing the
power-group turn-off margin. Both of these options result in an increase in power-losses, which
is undesirable. Advice from GE engineers was that the peak fault current of 2112 A was safely
within the turn-off capability of the IGBTs considered, and so the use is not considered necessary
to utilise either of these options.

The power-group concept provides some very interesting and promising results for allowing
high-efficiency, DC fault tolerant converters that are capable of generating high-quality AC
and DC side current waveforms to be achieved. Efficiency results higher than the half-bridge
MMC, whilst retaining the above qualities is a very encouraging end result of the work done in
developing the concept.

Future work on power-group augmented converters could focus on their application in non DC
fault tolerant converters, as well as hybrid power-group designs, which utilise both half-bridge
and full bride sub-modules. This could allow even higher efficiencies to be achieved. Hybrid
power-group designs, which utilise both half-bridge and full bride sub-modules could also be
of interest. The use of power-groups in other HVDC applications, such as DC-DC converters

could also be investigated.
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10 Conclusion

Conclusion on the Design of Modular Voltage Source

Converters

The work presented in this thesis has focused on two broad topics. The first concerns the design
of Modular Multilevel Converters (MMCs). A methodology for designing MMCs for a given
P/Q specification, based upon analytical expressions for the converters internal voltage, current
and energy deviation waveforms, has been presented and verified. This methodology includes
four design limits in terms of voltage and current, and solves for the required minimum number
of sub-modules within the converter, while still enabling the converter to meet its specification
in terms of P/Q capability. Analysis of the half-bridge MMC shows that a good trade-off
between the sub-module capacitor size and the required number of sub-modules is achieved
with a distributed energy storage within the sub-modules capacitors in the region of 30-35
kJ/MVA, with little gain in terms of reduction in the number of sub-modules if the amount of
energy storage is increased past this point. The analysis was expanded to the case of the Hybrid
MMC, which combines half- and full-bridge sub-modules within each converter arm, in order
to achieve tolerance to DC side faults. The Hybrid MMC has more flexibility, in comparison to
the standard MMC, in its design with regard the AC to DC voltage ratio at which it operates.
When considering the overall converter design (number of required sub-modules, capacitor size,
and efficiency) a good balance appears to be achieved if the converter is set to operate at a

modulation index in the region of 1.2. This results in an approximate 10% reduction in losses in
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comparison to operating at a modulation index of below 1, with a 6% increase in the required
number of sub-modules. An issue regarding the balancing of energy between the full- and half-
bridges so that both sub-modules make the most utilisation of their peak voltage ratings have

been identified, and a solution proposed.

The power-loss and thermal characteristics of several converters have been investigated, with
an emphasis on converters that are tolerant to DC faults. Results show that the Alternate Arm
Converter (AAC) and the over-modulating Hybrid MMC are the two most efficient DC fault
tolerant converter topologies out of those considered, though both have higher power-losses
than the half-bridge MMC. The director switch IGBTs in the AAC, and the lower right IGBT
in the sparse full-bridge sub-module exhibit the highest power-losses, and therefore the highest
steady-state junction temperature, out of all topologies studied. This indicates that alternate

IGBTs, such as press-pack devices, may be a sensible option for these topologies.

The last chapter in the first ’half’ of the thesis has examined the possibility of including
overload capacity within MMCs, in order to enable system services, such as frequency support,
emergency power re-routing or power oscillation damping. This thesis has considered the case
where there is no exploitable overhead in terms of current limit that can be used in the overload
region. To get around this, circulating currents are intentionally injected into the arm current
waveforms, allowing more power to be processed by the converter for a given peak arm current
limit. These circulating currents impact the energy deviation of the stack of sub-modules within
each arm, and so impact the overall design of the converter. Results show that a 30% overload
is achievable using this method, with a 10% increase in the required number of sub-modules
within the converter. The junction temperatures reached by the semiconductor devices when
operating within the overload region were found to be high, and may be a limiting factor in
achieving an overload rating. The potential to dynamically rate the converter, so as to limit
the peak junction temperature reached by the devices, was investigated. Results show that
converters with such features can significantly improve the system response of an AC system

during a loss of in-feed event, even in cases where there is little thermal overhead that may be
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exploited, resulting in overloads that can only be sustained on timescales of 2-3 seconds.

Conclusion on Power-Groups

The last four chapters of this thesis have focused on the development of power-groups, a brand
new concept proposed within this thesis, which combines the sub-modules of a multilevel con-
verter, and the thyristors of a current source converter into one structure, which could be used

to form any kind of modular converter.

The inclusion of thyristors within a VSC structure requires the turn-on and turn-off of the
thyristors within each power-group to be controlled by the sub-modules within the parallel
stack, in order to ensure reliable turn-on and turn-off under all conditions. The required size
of the commutating inductance placed in series with each thyristor valve, and the turn-off
losses incurred within the thyristors were found to be strongly correlated with the magnitude
of the voltages used to control the turn-on and turn-off processes. A new method of generating
these voltages by using the difference in capacitor voltages between two sub-modules within the
parallel stack has been proposed. This method results in low turn-off losses within the thyristor
valve, ensuring the efficiency gains achieved through the superior conduction characteristics of
the thyristors are not eroded, also only a relatively small commutation inductor is required and
this may allow a more compact power-group design to be achieved. A realistic dV/dt snubber
design for the power-group thyristor valve has been presented, the design of which has been
simplified by limiting the switching of the sub-modules within the power-group so that they
switch in a stepped manner. This prevent excessive dV /dt stress being placed upon the thyristor
valve.

The requirement to hold the thyristor valve in each power-group reverse biased for a period
of time following turn-off limits the speed at which the voltage capability of a power-group can
be recovered. This was found to have a large impact on several aspects of the control of a

power-group augmented converter. A Power-Group Centralised Controller (PGCC) has been
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developed to address these issues. The PGCC is based upon several forward looking estimates
of the voltage demand from the current controller, as well as estimates of the sub-modules
voltages within each power-group.

The power-group concept could potentially be applied to any modular converter topology.
Several power-group augmented multilevel converters, based upon the MMC and the AAC,
have been investigated in order to find what arrangement results in the highest efficiencies. A
variant of the AAC, which uses a different third harmonic waveform and eliminates the director
switch, stands out as the converter with the best balance of efficiency and device count. This
converter topology has been named the Augmented Trapezoidal Alternate Arm Converter (AT-
AAC). Power-loss estimates for this converter are below 0.3 % for several operating points, in
comparison to power-losses of 0.45 % for a half-bridge MMC and 0.51% for the over-modulating
Hybrid MMC. This is a significant improvement, particularly when considering the AT-AAC is
tolerant to DC side faults.

The last chapter in this thesis investigated the dynamic response and fault ride through
behaviour of the AT-AAC to faults on both the AC and DC network. The use of power-groups
limits the ability of the converter to respond to fault scenarios, and so it was found that some
loss of current control is inevitable. Initial results indicated that fault currents of over 2 pu could
be expected. These over-currents have been vastly reduced to approximately 1.3 pu through
a combination of operating the converter with inductors located within each arm, as well as
modifications to the converters controller. These over-currents are within the turn-off capability
of the IGBTSs considered for use in this application, and so are not considered an impediment

to the actual realisation of the AT-AAC.
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