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Abstract: This paper examines the extremely low cycle fatigue (ELCF) fracture of
concentrically loaded square hollow section (SHS) braces subjected to cyclic loading.
Numerical analyses are presented for both individual bracing members and bracing members
integrated into concentrically braced frames (CBFs). The behaviour of the individual members
was predicted using solid finite element (FE) simulations that employed a ductile fracture
model and a nonlinear damage evolution rule. The solid FE model, which was validated using
data from experiments, could adequately predict both the hysteretic response and the ELCF
fracture cracking process. The coupled effects of instabilities (i.e. local and global buckling)
and fracture on the ELCF performance of the braces were assessed, and the rotation capacity
prior to fracture was quantified. This quantified rotation capacity was then incorporated into
fibre-based FE models of CBFs as a member-level fracture criterion. The structure-level
simulations were able to accurately capture the complex interactions between the frame
components, i.e. the columns, beams, brace-gusset-plate connections and beam-to-column
connections, and hence replicate the overall behaviour of CBFs, specifically, two-storey
chevron braced frames. The influence of cross-section and member slenderness was evaluated
and the importance of considering both in the development of cross-section slenderness limits
was highlighted. The combined member- and structure-level simulation approach is proposed

as an accurate and efficient means of assessing the seismic performance of CBFs.

Keywords: Braces; Square hollow sections; Extremely low cycle fatigue; Fracture prediction;
Numerical study; Concentrically braced frames; Fibre-based finite element model; Seismic;
Earthquake resistance
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1. Introduction

Concentrically braced frames (CBFs) are a widely used form of earthquake-resisting structure
because of their high structural efficiency and the ability of the diagonal bracing members to
dissipate energy. Hollow structural sections (HSSs) are becoming increasingly prevalent as
bracing members because of their structural performance and visual appeal. However,
experimental studies (i.e. Tremblay [1], Nip et al. [2], Fell [3], Shaback and Brown [4],
Goggins et al. [5], Elchalakani et al. [6] and Sheehan and Chan [7]) have shown that the energy-
dissipation performance of the HSS braces is often compromised by the combined effects of
buckling and fracture at the mid-length.

Square hollow section (SHS) braces are more vulnerable to localised deformation-
induced fracture than their circular hollow section (CHS) counterparts. The fracture crack
usually initiates at the corners of SHS braces followed by the propagation of the cracking
transversely across one flange face [2]. Finally, the crack develops through the entire section
when the brace is loaded in tension, leading to a sudden loss of strength and functional failure.
As a result, the pre-set ductility levels, such as the maximum inter-storey drift for a braced
frame, may fail to be achieved due to the premature fracture. In previous experimental
investigations [1-7], the cross-sectional slenderness (width-to-thickness ratio) and member
slenderness were found to have a major influence on the cyclic-loading-induced fracture of
bracing members. For SHS braces to achieve adequate ductility and survive large, repeated

post-buckling deformations before fracture, their cross-sections need to meet the strict width-

to-thickness (B/f) ratio limits. These limits are B/t<0.76,/E/ (Ry fy) for ordinary

concentrically braced frames (OCBFs) and B/ tSO.651/E/ (Ry fy) for special concentrically

brace frames (SCBFs), as stipulated in the seismic design specification AISC 341-16 [8], where
E and fy are the elastic modulus and yield strength of steel respectively and Ry is the ratio of
the expected yield strength to the specified minimum yield strength, as given in AISC 360-16

[8]. In addition, to obtain satisfactory post-buckling energy dissipation, the member
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slenderness limits in AISC 341-16 [8] are stipulated as L. /r <4,/E/ f, for OCBFs and 200

for SCBFs, where L. is the effective length of the brace. These limits on the cross-sectional and
member slenderness values are uncoupled in AISC 341-16 [8], but experimental results [2,7]
have indicated that there is, in fact, a combined effect of cross-sectional and member
slenderness on fracture life. Quantifying this coupled effect on the fracture life of bracing
members remains a challenge. The manufacturing process has also been reported to have a
marked influence on the ductility and fracture life of both SHS and CHS braces in tests [2,7,9].
Hot-finished tubular sections have essentially homogeneous material properties, a sharply
defined yield point and very low levels of residual stress. Cold-formed tubular sections, on the
other hand, owing to the cold work experienced during section forming, exhibit a more rounded
stress-strain response exacerbated by high bending residual stresses, reduced ductility, and in
the case of SHS, enhanced corner strength [2, 10]. While cyclic testing of cold -formed steel
tubular braces has been carried out, there have been no experimental studies that have directly
examined the influence of the dominant bending residual stress as on the processes of fracture
initiation and propagation [10]. While cyclic testing of cold-formed steel tubular braces has
been carried out, there have been no experimental studies that have directly examined the
influence of the dominant bending residual stresses on the process of fracture initiation and
propagation [11].

In seismic design, several interrelated parameters have an impact on the fracture life of
braces and a quantitative understanding of the effects of these parameters would enable more
informed member selection. The high cost of a comprehensive full-scale brace testing
programme necessitates the development of an advanced numerical simulation study. This
advanced numerical simulation method should adequately capture the entire response of the
extremely low cycle fatigue (ELCF) induced fracture process, including crack initiation and
propagation, and could offer an efficient and cost-effective alternative to laboratory testing.
Different fracture prediction methodologies have been developed for use in parallel with

numerical simulations to predict ELCF fracture at the member-level, including: (1) the cycle
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counting technique applied through fibre-based elements [12], (2) post-processing of FE
simulation data [2] using the “rain flow” counting technique in conjunction with the Coffin-
Mason strain-life relationship [13,14] and (3) finite element (FE) simulations with a fracture
criterion [3,15,16]. The first approach is frequently employed in structure-level simulations, 1.e.
braced frames, owing to the computational efficiency of fibre-based elements, while the second
and third approaches are commonly used for more refined member-level modelling. Among
these three approaches, the third approach can generally achieve the most accurate results
through explicit modelling of the fracture development process.

Kanvinde and Deierlein [17] proposed a physics-based prediction model named the cyclic
void growth model (CVGM) based on the micro-mechanism of void growth and coalescence
[18,19]. The CVGM model assumes that ELCF fracture depends on stress triaxiality () and
inherent damage accumulation due to cyclic loading, following observations of similar dimple-
dominated fracture profiles under both monotonic and ELCF loading. Recently the Lode angle
(0), which captures the effects of deviatoric stress states, was found to have a significant
influence on metal ductile fracture at low stress triaxiality levels (7 < 0.5) [20-23]. Therefore,
ductile fracture models that feature both stress triaxiality and Lode angle, incorporating a
nonlinear damage accumulation rule, have subsequently been proposed by researchers [24-29].
These models are based on and verified against material (coupon)-level tests.

In this study, a material-level fracture model with a damage accumulation rule that can
capture the dependence on both stress triaxiality and Lode angle is adopted into the simulation
model of individual tubular braces. The influence of the manufacturing process on the material
properties is considered in the simulations by adopting the material stress-strain characteristics
obtained from tests on coupons cut from the flat and corner regions of reference tubes. In the
case of the cold-formed members, the influence of the bending residual stresses is directly
captured in the stress-strain curves, while the enhanced yield strength and reduced ductility in
the corner regions is accounted for by assigning different material properties to the different

portions of the modelled cross-sections [10, 30-33]. The applicability, accuracy and efficiency
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of the material-level fracture model in predicting the extremely low cycle fatigue (ELCF)
fracture of cyclically loaded bracing members (at member-level) are evaluated. The established
FE models are validated against available results sourced from different test programmes and
are used to conduct a parametric study to extend the test database. The coupled effects of the
instabilities (i.e. local and global) and fracture on the deformation capacity of the braces are
assessed and quantified with respect to the member geometry, material properties and
manufacturing process. A brace fracture life prediction equation is proposed in terms of the
global rotation prior to fracture; this is employed in structure-level simulations of CBFs using
a fibre-based finite element model. The combined member- and structure-level simulation
approach is proposed as an accurate and efficient means of assessing the seismic performance
of CBFs. Based on both member-level and structure-level simulations, the seismic performance

of CBFs is assessed against the requirements of AISC 341-16 [8].

2. Numerical Investigation of Braces

2.1. FE modelling methodology

Finite element models were established using ABAQUS/Standard [34] to perform the quasi-
static simulation of bracing members under ELCF loading conditions [35], capturing the
hysteretic response, fracture initiation and propagation. The test specimens and loading
protocols from two programmes [2,3] are used for the model validation. The geometric
information and loading protocols are summarised and presented in Fig. 1 and Table 1.
Utilising symmetry, only one-quarter of the bracing members was modelled, as shown in Fig.
2. The axial load was applied under displacement control to the reference point RP-2, to which
all degrees of freedom on the end surface were coupled. The same displacement histories as
those employed in the test programmes [2,3] were applied in the validation models. The Type
A displacement history [2], as shown in Fig. 1(c), which follows the European Convention for
Constructional Steelwork (ECCS) loading protocol [35] with each cycle beginning with tensile

force, was adopted in the parametric investigation; this was used in favour of the Type B and
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C loading protocols since these represent specific ground motions, i.e., far-field ground
motions (Type B) and near-fault ground motions (Type C).

Three-dimensional C3DS8R solid elements [36] were adopted in the FE models. Another
set of FE models were constructed with three-dimensional S4R shell elements for comparison.
Shell element-based models offer the advantage of simulating the buckling and post-buckling
performance of tubular structures with relatively low computational time and a competitive
degree of accuracy compared with solid-element based models. Typical comparisons between
the solid and shell FE models of the full hysteretic responses and the key points during the
fracture process, i.e. fracture initiation and complete rupture, are presented, together with the
corresponding experimental results [2] in Fig. 3. The FE models constructed using the solid
elements could simulate the whole cracking process, including initiation and propagation
through the thickness and cross-section, while the shell element-based models failed to capture
the cracking throughout the thickness. Hence, although the predictions of fracture throughout
the cross-section of the two FE models occurred within the same cycle and the obtained tensile
capacities were similar, the C3D8R-element based models were favoured for the remainder of
this study owing to their ability to accurately capture the full fracture process.

A refined mesh was used in the region of the mid-length and at the ends of the models,
where local buckling was anticipated to occur. The lengths of the refined regions are presented
in Fig. 2. A mesh sensitivity and convergence study was conducted using element sizes of 1
mm, 1.5 mm and 2.5 mm for the refined region along both the longitudinal axis and the
circumferential direction, and an element size of 15 mm for the coarse mesh region. The
number of elements through the thickness was set as the larger value of 3 and #/1.5. It was
found that the coarse mesh would postpone the occurrence of fracture initiation in the tube-
wall, but there was only a minor effect on the complete fracture of the SHS bracing members,
as presented in Fig. 4. Considering the computational time, an element size of 1.5 mm was
adopted in the refined regions of the subsequent FE analyses. The total number of elements in

the FE model of specimen 40x40x3x1250-CS-HR was approximately 52,500. The adopted
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mesh for a typical FE model is presented in Fig. 2.

Initial geometric imperfections, both global and local, were introduced in the FE models
by the superposition of eigenmodes. A sensitivity study was conducted to access the influence
of the initial imperfections on buckling and fracture. The amplitudes of the global and local
imperfections were varied from L/500 to L/5000 and #/50 to #500, respectively. Global
buckling occurred at an earlier stage in the models with larger imperfection amplitudes, as
expected, while the occurrence of fracture initiation differed by only one cycle for the
investigated ranges of imperfection amplitudes. Comparisons were made between the number
of cycles to global buckling, local buckling and fracture by minimizing the sum of the squares
of the differences between the numerical and experimental results. From these comparisons,
the optimum imperfection amplitudes for each test programme were determined, as listed in
Table 2. A global imperfection value of L/1500 and local imperfection values of #/200 and #/150
for hot-rolled (HR) and cold-formed (CF) members, respectively, were used in the parametric

studies.

2.2. Plasticity and fracture models

2.2.1 Plasticity modelling
The adopted constitutive model was based on the work of Lemaitre and Chaboche [37] and
featured the von Mises yield criterion and a combined isotropic/kinematic hardening rule. The

evolution of the kinematic hardening component of the model is described by Eq. (1).

a=2a (1a)
k=1
da, =Cki(a—a)d2pl —;/kakd;pl (1b)
00

where 7 is the total number of backstress components, « is the overall back stress, o« is the &A™

. . . . . e . .
backstress, £ is the equivalent plastic strain, Cx is the & initial kinematic hardening modulus,

7k is the k" rate of decrease of Cx and oy is the size of the yield surface defined by the isotropic
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hardening equation, given by Eq. (2). In this study, multi backstress components were adopted

in the calibration process to accurately capture the kinematic hardening of the steels.
o, =0, + Qw(l—e“p ) 2)

where o | , is the yield stress at zero plastic strain, o, is the maximum change in size of the

yield surface and b is the rate of change of the yield surface size with increasing plastic strain.

The strength enhancement in the corner regions [38] of the studied cold-formed SHS
braces was considered by applying measured corner material properties [2,3] to the curved
corner portions of the FE models, plus an extension into the flat regions on either side equal to
the section thickness. The model parameters of the combined isotropic/kinematic hardening
rule were calibrated according to the ABAQUS documentation [36] for each test programme,
as listed in Table 3.

2.2.2 Fracture modelling
A continuum damage mechanics approach [37], implemented in ABAQUS [34], was used in
this research to describe the progressive degradation of the material under cyclic loading. A
typical uniaxial stress-strain curve with progressive damage degradation is shown in Fig. 5
(solid curve a-b-c-d). The curve a-b-c-d’ represents the behaviour of the material without
considering damage. Point ¢ marks the onset of damage, taken as the point of fracture initiation.
Beyond this point, the material response degrades under the principle of strain-equivalence. In
the developed finite element simulations, Point ¢ was determined using a fracture initiation
criterion and the material softening behaviour was described using a damage evolution rule.

The ductile fracture of metals has been recognized as being dependent on stress triaxiality
(7) and Lode angle (#). The modified Mohr-Coulomb (MMC) model [39] is a
phenomenological ductile fracture prediction model, proposed and validated at the material-
level (coupon); this model has been adopted in FE simulations at member-level [40-43] and

shown to be capable of predicting fracture initiation and propagation. The MMC fracture model
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in the space of (&7, 17, 5), used in conjunction with the von Mises yielding function, is

expressed in Eq. (3), with the corresponding cut-off region described in Eq. (4).

1

ey :{i[ Ltef cong—ﬂijcl(ﬂJrlsin[g—ﬂB” ' 3)
" e, 3 6 3 6

l+q  (on 1. (6n

+3C1 COS(Z}_CI (77+§sm(znso 4)

where &7 is the equivalent fracture strain, 7 is the stress triaxiality defined by Eq. (5), = (1-

60/m) is the normalised Lode angle, 6 is the Lode angle defined by Eq. (6), 4 and n are the
material strain-hardening parameters that can be calibrated from the true stress-strain curve by
fitting Hollomon’s [44] or Swift’s [45] power laws and c1 and ¢ are the friction coefficient and

the maximum shear strength in the Mohr-Coulomb criterion, respectively.

n = (5)
o

0= larccos(§) = larccos 21—33 (6)
3 3 2 5

o=y3J, (7

where 7 is the von Mises stress, 0, is the mean stress, & is the normalised third deviatoric

stress invariant and J> and J; are the second and third deviatoric stress invariants, respectively.

The calibrated parameters of the MMC model for each test programme are listed in Table
4. The parameters 4 and n, representing the flow strength parameters of the material, can be
derived from the results of conventional tensile coupon tests. Typically, the parameters ¢ and
c2 are calibrated based on tests on notched round bars with different notched radii for the high
stress triaxiality domain and flat coupons (dog-bone, central hole and butterfly types and
circular punch disk specimens) for the intermediate and low stress triaxiality domains. The
parameters can be determined by minimizing the differences in average equivalent plastic

strain between the test and simulation results at the onset of fracture. With limited material test
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data available, a simplified MMC model calibration procedure was proposed in [40-41],
utilising conventional tensile coupon test results only. In the simplified procedure, in addition
to the parameters 4 and »n, the material parameter c», accounting for the shear strength of the
material [46] can also be estimated from conventional coupon tests [47]. Meanwhile, ¢ can be
assumed to be constant for material with similar crystallographic structures. A sensitivity study
was conducted in [40] to assess the effect of the parameter c¢i on the prediction of fracture
initiation. It was found that a value of 0.12 is applicable for structural steels with nominal yield
strengths ranging from 235 MPa to 345 MPa. Further details on the calibration of the model
parameters are provided by Xu et al. [40].

The linear damage accumulation rule has been found to adequately predict material
fracture initiation under monotonic loading [39, 48]. However, for the non-monotonic loading
cases, both load history and nonlinear damage evolution should be considered [17,25-28]. Two
weighting functions [26] were therefore adopted in this study relating to nonlinear

accumulation (in Eq. (8)) and the load history effect (in Eq. (9)).

C
Fp (Dpr) = (chFI +—glj ®)
e —

k,

Fy(Dis ) =( 146, - D - 14 9)

where ¢, is the parameter of the extension function for the nonlinear damage rule, ¢y, f1, f2 and
kn are the parameters of the extension function for load-change effects and un 1s associated with

the backstress and current stress tensors to capture the reverse loading effects, as defined by

. {ll} o (10)
0 i |
The hybrid damage evolution rule employed is presented in an incremental form as

dz"
dDFI:FDFH; (11)
£r(n,0)
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where dDriis the damage increment, & is the equivalent plastic strain, as defined by Eq. (12),

—pl . . . .
d&  is the equivalent plastic strain rate, and o and o are the backstress and current stress

P z pl. gl
P _jo,/3dg cde? dt (12)

The range of the damage indicator Dy is assumed to be [0,1.0]. Dr1 = O represents the

tensors, respectively.

material behaviour before the plastic stage, while Dr; = 1.0 denotes the initiation of fracture. It
is assumed that, in the initial state, the material is free from accumulated plastic strains or
localised damage caused by manufacturing and shipping. A group of consistent values of cg,
¢ch, f1, 2 and kn has been determined from minimizing the average errors of the number of
cycles to fracture between the experimental and numerical results, as listed in Table 4. Figs.
6(a) and 6(b) present the evolution of the accumulation damage indicator Drr of test specimen
40x40%3x1250-CS-HR, reported in [2], with the stress triaxiality and normalised Lode angle
under cyclic loading respectively. Brace fracture can be seen to be triggered by the amplified
strain accumulated at the corner region, as the damage indicator increases significantly after
the occurrence of local buckling.

The post-initiation softening rule is described by a linear relationship between the material
degradation and the equivalent plastic strain, as shown in Egs. (13)-(15). This can help to
simulate fracture propagation and the correct cracking modes [17, 48, 49] and achieve better
convergence without a sudden degradation of stress. The softening rule is defined as a function
of the effective plastic displacement, which is a simulation technique to alleviate mesh
dependence [36], as shown in Eq. (15).

E =E (1-Dyost) (13)
6 = 6/ (1-Dpo) (14)
where E is the elastic modulus of the damaged material, E is the elastic modulus of the

undamaged material, & is the effective stress tensor, o is the usual stress tensor and Dy is the

damage variable.
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ur
where Lc is the characteristic length of the element for a specified FE model, which, for the
adopted solid elements, is determined as the cube root of the integration point volume [36].
A flow chart of the fracture simulation process is presented in Fig. 7. A USDFLD
subroutine was adopted to facilitate the fracture prediction when using the MMC model. The

element was set to fail at the maximum post initiation degradation with a residual stiffness of

2% to avoid severe non-symmetry of the Jacobian matrix and convergence problems.

2.3. Validation

Two test programmes [2,3] focusing on the cyclic behaviour of the individual bracing members,
were adopted to validate the developed FE models. The number of cycles to buckling, general
hysteretic response and fracture process, including initiation and propagation, were compared
between the tests and numerical calculations. The comparisons demonstrate that the proposed
FE model can accurately predict local buckling-induced ductile fracture under ELCF loading.

The comparisons of the full hysteretic curves between the experimental and numerical
results are shown in Figs. 8 and 9. The key stages of the fracture development, i.e. crack
initiation, corner opening and complete fracture, are also presented and compared between the
test (if reported) and simulation results in Figs. 8 and 9. Good agreement can be seen from the
comparisons. To reaffirm the significance of simulating fracture of bracing members in
understanding their performance, results from an FE model without fracture modelling were
also obtained. The comparison, as presented in Fig. 3, indicates that the brace deformation
capacity and post fracture behaviour can be overestimated in the absence of the fracture
criterion.

Table 2 summarises the comparisons of the numbers of cycles to global buckling, local
buckling and fracture. The definitions of the typical stages of ELCF fracture are illustrated in

Fig. 10. Generally, the results indicate that the simulation was reasonably accurate. It should
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be noted that the convergence problems often arise in the post-fracture stage due to the material
softening and stiffness degradation beyond fracture in implicit analysis programmes [36].

The ELCF fracture failure mode and its evolution are compared in Fig. 11. The highlighted
regions are at the maximum degradation value of Dpost, which indicates fracture cracking. Both
fracture due to local buckling at the mid-length (Figs. 11(a) and 11(b)) and fracture near the
stiffeners (in Fig. 11(c)), can be accurately simulated using the developed FE models. Despite
this, the influence of the stress intensity should be considered for a more accurate prediction of
the fracture propagation. This can be achieved by adapting the mesh during the simulation to

result in a more refined mesh adjacent to the crack tip, which is beyond the scope of this study.

3. Parametric Study and Fracture Life

Previous experimental studies [1-7, 9, 12] have demonstrated that the fracture life of individual
bracing members is influenced by both the specimen geometry (i.e. global and local

slendernesses) and material properties. To assist in the quantification of the brace deformation

and fracture life, the normalised global and local (cross-sectional) slendernesses [8], ZG and

Zs , are introduced, as given by Egs. (16) and (17), respectively.

— KL/r

A = (16)
At

- Bt

As =— (17)
A

where K is the effective length factor, taken as 0.5 for the fixed-ended members and used in

the parametric study, L is the brace length, r is the radius of gyration of the brace, B’ is the

width of the flat portion of the section as determined in Fig. 1, Aimit = 4,/E/ f, is the brace

slenderness limit in an ordinary concentrically V or inverted-V braced frame in AISC 341-16
[8], ¢ is the tube-wall thickness, Ang = 0.65,/E / (Ry fy) is the limit on the width-to-thickness

ratio for highly-ductile members in AISC 341-16, E and f, are the elastic modulus and yield

strength of the material, respectively, and Ry is determined as 1.4.
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Tables 3-5 present the material properties and specimen matrix for the parametric study.
The effect of the manufacturing processes is also considered by adopting the measured material
properties of cold-formed (CF) and hot-rolled (HR) tubes [50]. The Type A loading protocol,
illustrated in Fig. 1(c), was adopted in the parametric study.

Fracture prediction models have been proposed in previous work at the material- and
member- levels. Those at the material-level can be categorized as (1) Physics-based, such as
the Rice-Tracey model [19]; (2) phenomenological, such as the modified Mohr-Coulomb
model (MMC) [39]; and (3) empirical, such as the Xue-Wierzbicki model [21]. At the member-
level, the models are generally expressed in terms of the displacement ductility ua [3] and the
maximum plastic hinge rotation g at mid-length prior to fracture [51]. These two indices, as
functions of geometry and material parameters, can provide an explicit reflection of the
deformation capacity of bracing members prior to fracture. In this study, the maximum plastic
hinge rotation at mid-length prior to fracture g, as defined in Fig. 12(a), is adopted as a
criterion to predict the fracture life of SHS bracing members, as recommended in [51].
Differences between hot-rolled and cold-formed braces have been observed in previous tests
[2,7,9] and thus a parametric study was conducted using the FE model developed in this paper
in order to further assess and quantify these differences.

The plastic hinge model and the relationship between the axial shortening Ac and g at the
maximum compressive displacement prior to fracture are presented in Fig. 12(b). It is assumed
that the axial shortening Ac is only contributed to by the brace rotation at the mid-length hinge

of an uncompressible brace. The relationship between Ac and 6g is expressed in Eq. (18) and

when the approximation of sin(HG)zQG is adopted, Eq. (18) can be simplified to Eq. (19),

which coincides with the equation used by Tremblay et al. [51] for single bracing members.

Ac=Ly(1-cosb;) (18)
L
Ac==t06" (19)
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The influence of the slenderness parameters As and AG on the adopted indicator of
fracture life O is now estimated quantitatively. The value of 6g is calculated from Eq. (20)

without assuming the approximation of sin(@G) ~ @, since 6 is no longer a small value (> 10°)

from the simulation results.
O =sin”' (2A/ Ly) (20)

where Ly is the length between the two hinges at brace ends, and A is the out-of-plane

displacement of the brace at the mid-span.

The variation of g with the two slenderness parameters As and A is illustrated in Figs.
13(a) and (b) respectively. The proposed relationship between 6 and the two slenderness

parameters is expressed by Eq. (21).

O =4y As " AG " 1)
where Ag, By and Cy are parameters for 6 listed in Table 6. The range of applicability of the
prediction variables in Eq. (21) is determined based on the brace geometric and material
properties used in the regression analysis, as shown in Table 5 (geometry) and Tables 3 and 4
(material properties)

The rotation at the maximum compressive displacement prior to fracture 6 decreases with
As and increases with IG . A minor discrepancy between the deformation capacities of the
cold-formed and hot-rolled bracing members can be observed at a global slenderness of 50 in
Fig. 13(a). However, the superior deformation capacity of hot-rolled bracing members is not

evident beyond a certain global slenderness value, approximately A, , as demonstrated in Fig.

13(b), where A_, is slenderness at which the elastic buckling load is equal to the yield load, as
given by m,[E/ f, . For these slender members (A > 4,,), local buckling can be less severe.

Therefore, the corner material hardening for the CF series may offer some advantages in

postponing fracture initiation at the corners.
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The Oc prediction equation proposed by Tremblay et al. [51] for the fracture life of
rectangular hollow bracing members is presented in Eq. (22), where B and B> are the cross-

sectional widths perpendicular and parallel to the buckling plane, respectively.

—-0.1 0.3
B B KL
HG_Tremblay = 0091(7172j (Tj (22)

The results for 6 from the FE analyses and the calculation equations (i.e. Egs. (21) and
(22)) are compared in Fig. 14. It should be noted that the influence of the material properties
and manufacturing process on g are not included in Eq. (22). This prediction equation does
not therefore differentiate between braces with the same geometry but different material
properties or manufacturing processes, i.e. the difference between the hot-rolled and cold-
formed braces of the same geometry. Generally, Fig. 14 shows that the proposed equation, Eq.
(21), can reliably predict the rotational deformation capacity 0 of hot-rolled and cold-formed

steel braces prior to fracture.

4. Structure-level Analyses and Discussion

In this section, the seismic performance of concentrically-braced frames (CBFs) subjected to a
cyclic inelastic deformation history is assessed with a focus on the brace parameters, including
the local and global slendernesses, material properties and fabrication process. The braces are
the crucial components of CBFs that provide the energy dissipation and deformation capacity.
The behaviour of the braces in the CBFs is affected by the interactions with other CBF
components, i.e. the columns, beams, brace-gusset-plate connections and beam-to-column
connections. The component interactions can result in unintended failure modes and limited
deformation capacity, if not properly designed [52-54]. This is due to the complex interactions
and boundaries between the various components. To accurately simulate the seismic behaviour
of CBFs, the yield and failure hierarchy of each component should be captured by the model.
However, the FE simulation of an entire CBF can be computationally very expensive. Thus,
beam element fibre-based FE analysis is adopted with the fracture criterion calibrated from the
aforementioned refined solid finite element models, offering a highly efficient simulation
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approach to evaluate the performance of CBFs. An equivalent approach for simulating the
behaviour of steel members and frames under monotonic loading conditions, in which strain

limits are used to capture local buckling, is presented in [55, 56].

4.1 Modelling of two-storey braced frames incorporating the proposed member-level fracture

criterion for braces

The use of fibre-based finite element models to efficiently predict and assess the seismic
performance of CBFs, including the instability and fracture of braces and the strength and
stiffness deterioration of connections, has been demonstrated in [57-60]. Hsiao et al. [57, 58]
and Sen et al. [59, 60] successfully analysed the behaviour of special and non-ductile
concentrically braced frames—SCBFs and NCBFs, respectively, in OpenSees [61]. On the
basis of these established approaches, a fibre-based FE model of a two-storey braced frame
incorporating the member-level fracture criterion proposed herein was established using
OpenSees and validated against previous experimental results [54]. Fig. 15 presents a
schematic view of the model, together with the modeling details.

The beams, columns and braces were modelled using nonlinear fibre beam-column
elements. One element with five integration points was used for each beam and column, whilst
the brace was discretized into 16 elements with one integration point per element. The cross-
sections of the beams and columns were wide-flange (W) I-sections, whilst the cross-sections
of the braces were SHSs, as presented in Table 7. The cross-sections of the members were
discretized into four fibres through the thickness and six fibres for each flange and web [57].
The material constitutive model of Steel02 in OpenSees [61] was adopted in the FE model. The
material parameters for the beams, columns and braces were obtained from material coupon
tests, as summarised in Table 7 [54].

The connecting regions between the beams, columns and braces were modelled using very
stiff elastic elements (i.e., an elastic modulus 10° times that of the original material), as shown
in Fig. 15. The lengths of these essentially rigid elements were determined based on the

geometry of the adjacent gusset plates as shown in Fig. 15 [57,59]. The performance of gusset
Text - 17/24
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connections would have some influence on the brace behaviour in a frame [57,59,62].
Therefore, Out-of-plane nonlinear rotational springs and in-plane nonlinear axial springs were
adopted between the brace end and the gusset plate to account for the out-of-plane rotational
deformation and in-plane yielding of the brace-end gusset plate, respectively, as shown in Fig.
15(b). Both the rotational and axial springs were modelled using zero-length nonlinear spring
elements in OpenSees. The constitutive model of Steel02 [61] was used for the springs. The
stiffness and yield moment of the nonlinear rotational springs were calculated using Eqgs. (23)

and (24), respectively [57].

E (Wt}
Krot_L_( 12g J (23)
Wt
M, =fy 6 (24)

The stiffness and yield force of the nonlinear axial springs were calculated using Egs. (25) and

(26), respectively [59].

EB,t,
Kai == (25)
B =1,Byt, (26)

where £, is the thickness of the gusset plate, fy is the yield stress of the gusset plate and Layve and
Wyw/By are the length and width parameters [57,59] for the gusset-plate connection, respectively.
In-plane rotational springs, the properties of which were taken from [63], were used to describe
the behaviour of the beam-to-column connections.

An initial global imperfection was introduced into the bracing members using a sinusoidal
function with an amplitude of L/500, where L is the brace length. This amplitude is
approximately equal to the mean value for hot-rolled and cold-formed hollow section members
recommended as an equivalent geometric imperfection, incorporating the effects of both out-
of-straightness and residual stresses, by Walport et al. [64]. The proposed fracture criterion in

Eq. (21) was adopted to simulate brace fracture. The fracture prediction was readily realized
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by comparing the brace end rotation with the maximum rotation criterion in Eq. (21). The

simulation was terminated when the rotation reached that of the fracture criterion.

4.2 Validation

The capability of the developed fibre-based finite element models to capture the complex
nonlinear behaviour and yield and failure hierarchy of CBFs was verified against cyclic test

results on two-storey chevron CBFs [54]. Two test specimens—TNCBF1-N-HSS with non-

compact braces (i.e. not satisfying the requirements for a moderately-ductile section in AISC
341-16 [8]) and TNCBF1-R-HSS with compact braces (i.e. satisfying the highly-ductile section
requirements in AISC 341-16 [8])—were numerically replicated in OpenSees. As noted by Sen
[59], these two selected specimens demonstrated complex nonlinear behaviour, suitable for
validating the capacity of models to simulate various yield and failure mechanisms. The
simulation results, in terms of the hysteretic curves of the base shear force versus the first-floor
drift ratio and brace fracture, are compared with the experimental results in Fig 16. The
simulation results from the FE model previously developed by Sen et al. [59], incorporating a
maximum strain range fracture model (a fracture model at the material-level), are also
presented in Figs. 16 (a) and (b). The adopted member-level fracture criterion was used to
determine the maximum brace rotation before fracture of the corners of the braces (i.e. the first
failure of an element in the model). The fracture points reported in the tests, which are marked
on the experimental curves in Figs. 16(a) and (b), refer to full fracture of the flange or section
of the brace. It is therefore reasonable that the point of fracture predicted by the proposed
fracture criterion is one cycle earlier than the one reported in the test, as shown in Fig. 16(b).
From the comparisons, it can be observed that the models can predict the nonlinear responses

of CBFs and brace fracture with a reasonable level of accuracy.

4.3 Performance of braced frames with SHS braces: an illustrative example
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To investigate the impact of the key design parameters, including the normalised sectional

slenderness Is and normalised member global slenderness A¢ , on the performance of braced
frames, two series of two-storey braced frame models are analysed. The material properties of
the hot-rolled and cold-formed braces were kept the same as those used in the solid FE models
of the individual braces described earlier. The HR series refers to the frames with hot-rolled
SHS braces, with an elastic modulus of 219.6 GPa and a yield stress of 478 MPa, whereas the
CF series refers to the frames with cold-formed SHS braces, with an elastic modulus of 212.9
GPa and a yield stress of 451 MPa. The validated FE model of the TNCBF1-R-HSS test frame
was adopted as the reference frame in the parametric study. The cross-sections of the beams
and columns were kept the same as those in the reference frame, whilst the cross-sections and
lengths of the braces were varied. The width, thickness and length of the braces were varied

from 50 to 100 mm, 3.58 to 12.13 mm, and 563 to 3799 mm, respectively, to cover a wide

range of As values from 0.7 to 1.18 and Ac values from 0.35 to 2.3. For the out-of-plane
rotation at the ends of the braces, the gusset plates were designed to ensure a failure mode of
brace fracture, whilst the properties of the zero-length nonlinear springs were kept the same
throughout the parametric study with a rotational stiffness Kot of 224 kNm/rad and a yield
moment My of 16.8 kNm [57]. The properties of the in-plane axial springs and the initial
imperfections for the braces were kept consistent with the validated FE model of the TNCBF1-
R-HSS test frame.

The analyses were performed using OpenSees incorporating the proposed brace fracture
criterion. The Type A loading protocol, as presented in Fig. 1(c), was adopted and converted
to the corresponding drift demands in the fibre-based FE models (i.e. controlling the drift angle

demands of the first floor) through the following relationship [65]:
0, =A/Lcos®45°=2A/ L 27)
where L is the first floor brace length, A is the axial deformation in the Type A loading

protocol and 6, is the converted first storey drift angle demand. This relationship is based on a
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chevron brace configuration, assuming centreline dimensions with the braces inclined at 45°
and ignoring flexural deformations in the beams and columns.

Fig. 17 presents the results of maximum drift angle for the first floor 4,  from the

s_max

parametric study. The dependency of & on the normalised sectional slenderness Zs (in

s_max

Fig. 17(a)) and normalised member global slenderness ZG (in Fig. 17(b)), for hot-rolled and

cold-formed braces is illustrated. The maximum storey drift angle ¢, . follows the tendency

observed from the individual bracing member tests, in that a larger drift angle can be achieved
for braces with a lower local slenderness and a higher global slenderness.

It is interesting to note from Fig. 17(a), that a bracing member at the highly-ductile section

limit (i.e. Is < 1.0 ) may fracture prior to achieving the expected storey drift angle, 65 max, of
0.04 rad, which is the requirement for highly-ductile members (AISC 341-16 [8]). As
anticipated, the storey drift angle capacity increases with member slenderness due to the

improved brace deformation capacity. However, as indicated in Fig. 17(b), CBFs with slender

braces, for which the global slenderness exceeds 4,/E/ f, , may still not meet the requirement

of a 0.04 rad storey drift angle, even with highly-ductile sections. This can be attributed to the
local buckling-induced premature fracture in the corner regions. This local buckling induced
fracture is indicated in the fibre-based finite element models using the proposed member-level
fracture criterion, which was determined based on the global brace rotation at the onset of
corner crack initiation. Furthermore, even for a requirement of a 0.02 rad storey drift angle,
some bracing members with low member slenderness that meet the moderately ductile section
criterion may still fail to survive at this drift value prior to fracture, as shown in both Figs. 17
(a) and (b).

In the AISC seismic design provisions [8], the member and cross-sectional slenderness
limits are determined separately. However, from the experimental observations [1-7], the
interactive effects of global and local bucking should be considered in the assessment of

fracture life. It is explicitly demonstrated in the proposed Eq. (21) that the deformation capacity
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of a bracing member is governed by both the local and global slenderness parameters, As and

ZG , as well as the material properties.

It should be noted that the established fibre-based FE models are based on quasi-static
analyses. The dynamic effects will be addressed in a future study by adopting real and artificial
ground motion excitations to advance the knowledge and evaluation of the seismic
performance of the braced frames. Despite this, the results presented in this study illustrate that

the section slenderness limits in the current seismic design provision may need to be tightened.

5. Conclusions

The hysteretic and fracture behaviour of cyclically loaded square hollow section (SHS) braces
and corresponding concentrically braced frames has been modelled and assessed. Both
member-level (solid finite element models) and structure-level (fibre-based finite element
models) simulations incorporating fracture criteria have been established to evaluate the effects
of various geometric and material parameters on the extremely low cycle fatigue fracture of
bracing members. The following conclusions can be drawn from this study within the validity
range of the parametric analysis:

1) A material-level fracture criterion and nonlinear damage evolution rule have been
employed in solid FE models of individual braces. The FE models of SHS braces were
validated against test results and could predict buckling-induced fracture, including
crack initiation and propagation, under extremely low cycle fatigue (ELCF) accurately
for both hot-rolled and cold-formed bracing members.

2) The coupled effects of buckling and ductile fracture on the rotational deformation
capacity of cyclically loaded braces prior to fracture were quantified in terms of the
normalised cross-sectional and global slendernesses using a plastic-hinge based
analytical model. The effects of the geometry, material properties and manufacturing

process on the fracture life of bracing members were included. It should also be noted
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that the proposed prediction equation for brace fatigue life was derived based on the
ECCS loading protocol, and its suitability for application should be further verified.

3) The cross-sectional and member slendernesses were found to have a different influence
on the deformation capacity of the braces prior to fracture. Bracing members with
stocky sections and large global slenderness values tended to possess superior global
deformation capacity.

4) For members with low global slenderness, the hot-rolled SHS braces exhibited slightly
higher deformation capacity compared to their cold-formed counterparts. In contrast,
for members of high global slenderness, the cold-formed braces tended to have longer
fracture lives.

5) In the structure-level analyses, the brace rotation capacity prior to fracture was
employed as a member fracture criterion. The fibre-based FE models with the member-
level fracture criterion were validated against experimental results on two-storey
braced frames. Comparisons showed that the models can provide reasonable
predictions of the fracture of the brace members within a structural subassembly.

6) The maximum storey drift angle of a two-storey chevron-braced frame was assessed
based on a structure-level parametric study using the fibre-based finite element models.
Based on the numerical results, it is recommended that the interactive effects of global
and local buckling are considered when developing cross-sectional slenderness limits

of braces for a given ductility level.
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Table 1. Summary of nominal dimensions and measured material properties of brace specimens

Brace type and
. B (7s) t , L A = E fy fu
shape/loading Label B/t : :
protocol (mm) (mm) (mm) KL/r  (GPa) (MPa) (MPa)
40x40%x3x1250-CS-CF (3068) 3.0 9.3 1250 41 212.9 451 502
40x40%3x2050-CS-CF (3068) 3.0 9.3 2050 68 212.9 451 502
40x40%x4x2050-CS-CF (305'8) 4.0 6.25 2050 69 201.6 410 430
SHS tube/
Type A 60%x60%3%2050-CS-CF (2068) 3.0 153 2050 44 207.4 361 402
(2] '
40x40%3x1250-CS-HR (T07'(5)) 3.0 10.2 1250 41 219.6 478 555
40%40%3%2050-CS-HR (T07'(5)) 3.0 10.2 2050 68 219.6 478 555
60%x60%3x2050-CS-HR (307'(5)) 3.0 16.2 2050 44 215.2 458 555
HSS1-1 (190‘11'86) 6.4 10.9 2985 77 204.0 460 488
SHS tube/
Types B and C HSS1-2 (190‘11'86) 6.4 10.9 2985 77 204.0 460 488
(3] '
101.6
HSS2-1 (10.82) 9.0 6.9 2985 80 204.0 499 542
Notes:

CF: cold-formed steel tube; HR: hot-rolled steel tube; B: width of SHS tube; #: tube-wall thickness; rs: internal corner

radius; B’: B-2(t+rs), defined in Fig. 1, L: brace length; K: effective length factor; 7: radius of gyration.
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Table 2. Comparison between test and FE results

Imperfection
Brace type and used in FE Nas Nip Nri Nco Ncr
shape/loading Label models
protocol
Global  Local | Test FEA @ Test FEA | Test FEA @ Test FEA @ Test FEA
40x40x3x1250
-CS-CF L/1500  #150 4 3 8 8 - 10 10 NO 11 NO
40x40%3%2050 " . .
-CS-CF* L2000  #/150 3 3 5 7 - 8 10 - 11 11
40%40x4%2050 " .
-CS-CF* L/2000 /150 4 3 - 11 - 9 11 - 14 NO
SHS tube/
Type A 60x60%3%2050 ; ho00 4150 5 4 7 7 - 8 10 8 11 NO
2] -CS-CF
40x40x3x1250
CS-HR L/1500  #200 5 4 8 8 - 10 11 11 15 11
40x40%3%2050
-CS-HR L/2000  #200 4 5 15 9 - 12 18 14 20 14
60x60%3%2050
-CS-HR L/2000 /200 5 4 7 7 -- 8 10 9 11 NO
HSS1-1-FF
101.6x6.4 L/1000 /150 23 23 26 26 28 28 - 28 28 29
SHS tube/
Types B and C HSS1-2-NF L/1000  #/150 7 7 7 7 28 28 - 31 32 32
3] 101.6x6.4
HSS2-1-FF
101.6%9.5 L/1000  #150 23 22 31 30 34 32 -- 32 34 33
Notes:

CF: cold-formed steel tube; HR: hot-rolled steel tube; FF: far-field; NF: near-field; Ngs: number of cycles to global

buckling; Nig: number of cycles to local buckling; Nri: number of cycles to fracture initiation; Nco: number of cycles

to corner opening; Ncr: number of cycles to complete fracture; #: tube-wall thickness; L: brace length.

*: Specimens failed at end connections.

--: not reported/observed in tests or did not occur in FEA (Finite Element Analysis).

NO: Not obtained due to convergence problems.
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Table 3. Parameters for material model used in FE simulations

Bxt E o G
Type 5 |° Q. b . Y
mmXmm MPa MPa MPa MPa MPa
60x3 215150 458 463 41.3 3.37 22670 109.8
HR!
40x3 219610 478 463 40.5 4.92 7939 54.0
3414 21.3
60x3 207430 361 240 - -
37413 552.7
5105 36.2
CF-Flat? 40x4 201640 410 319 - -
53163 980.1
Ref. [2] 7910 433
40x3 212910 451 230 - -
874954 6149.8
33930 156.2
60x3 200350 442 243 - -
426507 3925.7
CF- 4402 30.6
5 40x4 210830 479 328 - -
Corner 250688  2475.0
15612 59.9
40x3 196680 533 245 - -
1256870  7051.7
101.6x6.4 204000 460 469 69.0 6.00 2068 25.0
CF-Flat
Ref. [3] 101.6x9.5 204000 499 441 127.6  6.00 9997 70.0
101.6x6.4 204000 508 503 9997 525 5861 160.00
CF-Corner
101.6x9.5 204000 502 441 127.6  6.00 9997 70.0
HR! 219610 478 463 40.5 4.92 7939 54.0
7910 433
Parametric CF-Flat 212910 451 230 - -
874954 6149.8
study
15612 59.9
CF-Corner 196680 533 245 - -
1256870  7051.7
Notes:

1: Values (average) from cyclic coupon tests in Ref. [50];

2: Calibrated from tensile coupon tests.
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Table 4. Parameters of fracture criterion and damage evolution rule used in FE models

Bxt A &)
Type mmxXmm MPa " €l MPa Ce e A P2 i
60%3 709 0093 012 4163 -6 55 2 2 0.6

HR
403 648 0056 012 4163 -6 55 2 2 0.6
60%3 502 0058 012 3015 -6 55 2 2 0.6
Ref.[2]  CF-Flat 40%4 604 0092 012 3225 -6 55 2 2 0.6
40%3 568 0054 012 3765 -6 55 2 2 0.6
60%3 626 0060 012 3515 -6 55 2 2 0.6
CF-Corner  40x4 675 0098 012 3802 -6 55 2 2 0.6
403 722 0056 012 4417 -6 55 2 2 0.6
101.6x64 562 0032 0.2 3660 -6 55 2 2 0.6
CF-Flat
101.6x9.5 617 0.030 0.2 4065 -6 55 2 2 0.6
Ref. [3]
101.6x64 615 0027 012 4118 -6 55 2 2 0.6
CF-Corner
101.6x9.5 625 0.033 0.2 4060 -6 55 2 2 0.6
HR 648 0056 012 4163 -6 55 2 2 0.6
Parametri
arametric CF-Flat 568 0054 012 3765 -6 55 2 2 0.6
study

CF-Corner 722 0056 012 4417 -6 55 2 2 0.6
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Table 5. Simulation matrix in parametric studies

Cross-sectional

B t Member slenderness
Group slenderness
mm mm _ KL/r,K=0.5
B/t
HR 40 2.00, 2.35,2.70,3.40,4.00 16.6,13.6,11.4,8.4,6.6 34.4,50.0,78.4,85.6,114.6
60 3.00, 3.53,4.05,5.10,6.00 16.6,13.6,11.4,8.4,6.6 34.4,50.0,78.4,85.6,114.6
80 4.00,4.70, 5.40, 6.80,8.00 16.6,13.6,11.4,8.4,6.6 34.4,50.0, 78.4,85.6, 114.6
40 2.00,2.35,2.70,3.40,4.00 16.6,13.6,11.4,84,6.6 34.4,50.0, 78.4,85.6, 114.6
CF 60 3.00, 3.53,4.05,5.10,6.00 16.6,13.6,11.4,84,6.6 34.4,50.0, 78.4,85.6, 114.6
80 4.00,4.70, 5.40, 6.80,8.00 16.6,13.6,11.4,8.4,6.6 34.4,50.0, 78.4,85.6, 114.6
Notes:
B=B-2x1.7t
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Table 6. Parameters of proposed brace fracture initiation models

eG
Group
AG BG CG
HR 0.227 -0.789 0.392
CF 0.238 -0.806 0.553
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Table 7. Cross-sections and material properties of CBF members [54]

Cross-section details Yield strength ~ Tensile strength
Member
hxbgxtwXtr or BXt (mm) (MPa) (MPa)
W12x72
Column 395 506
312x305%10.9x17.0
W16x45
First floor beam 414 521
409x179%8.76x14.4
W24x94
Second floor beam 460 535
617%x230x13.1x22.2
SHS7x7x1/4
Braces for TNCBF1-N-HSS 443 508
178%6.35
First-storey braces of SHS5x5x%3/8
438 504
TNCBF1-R-HSS 127%9.53

Notes:
W: wide-flange I-shape section; SHS: square hollow section; /: cross-sectional height of I-shape section; bf: flange

width of I-shape section; fw: web thickness of I-shape section; #f: flange thickness of I-shape section; B: width of SHS

tube; #: tube-wall thickness.
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