
1 
 

 

 

 

 

Materials Selection, Stress Analysis and 

CFD Modelling of Flare Tips 
 

 

 

 

Sobhan Abolghasemi 
 

 

 

 

 

 

A thesis submitted in fulfilment of requirements for the degree of 

 

Doctor of Philosophy 

 

 

 

 

February 2012 

 

 

 

 

Department of Materials 

Royal School of Mines 

Imperial College London 

 



2 
 

 

 

 

 

 

 

 

 

 

 

 

 

 

 

...dedicated to my loving parents. 

  



3 
 

 

 

 

Preface 

 

This thesis is the conclusion of research conducted in the Department of 

Materials, Imperial College London, during the period October 2008 to 

December 2011, under the supervision of Professors Jim Williamson, 

Peter D. Lee and Trevor C. Lindley. The work presented in this dissertation, 

except where otherwise acknowledged, is entirely my own original work, no 

part of which has been accepted or is being currently submitted for any degree 

or qualification, at this university, or elsewhere. 

 

 

Sobhan Abolghasemi 

February 2012  



4 
 

Abstract 

 

Oil and gas platforms, refineries and chemical plants need to burn off the excess gas resulting 

from pressure variations during production. The failure of flare tips, sometimes with short 

lifetimes, has been a major cause for concern in the oil and gas industry for many years. The aim 

of this study was to evaluate and improve the performance of flare tips. The study has been 

approached from two perspectives: (i) material requirements, identifying the most suitable alloys 

for use in flare tips, and (ii) design optimisation, aimed at the development of a flare tip that 

minimises interaction with flame, therefore giving lower operating temperatures and longer 

lifetimes. The thesis also includes an Infra-Red (IR) thermal imaging study to establish flare tip 

temperature profiles during flaring. 

 

Examination of failed flare tips has provided evidence of intergranular oxidation and stress 

corrosion cracking as possible failure mechanisms. A study of the effect of thermal shock on the 

oxidation resistance of alloys 800H and 625, currently used in flare tips, is presented. The 

embrittlement of alloy 625 in the range 650 °C to 800 °C has also been investigated. 

 

Thermal imaging of three flares in operation has indicated metal temperatures of up to 1000 °C, 

above levels that can be sustained by alloys currently in use. A Finite Element model of stress 

distributions based on the temperature profiles has been developed. It was concluded that flare 

tip lifetimes would be limited by a combination of creep and fatigue of the support brackets, and 

by plastic deformation at the top of the windshield. The model successfully predicted the failure 

of two flare tips and lead to a timely replacement, resulting in significant financial savings and the 

prevention of catastrophic failure. 

 

Commercial Computational Fluid Dynamics software, that solves the Navier-Stokes equation 

combined with a combustion model, has been used to assess the effect of gas flow rates and 

wind conditions on combustion behaviour and the resulting operating temperatures of flare tips. 

The model has been validated with data obtained from thermal imaging studies and shows 

reasonable agreement, especially at low gas flow rates. As a result, a procedure has been 

developed to calculate flare tip temperature profiles (via CFD) and mechanical integrity (via FE 

stress analysis) of flare tips, and thus assess suitability of any flare tip design prior to manufacture 

and installation. 
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1. Introduction 

1.1. Use of Flare Tips on Oil and Gas Platforms 

Oil and gas platforms, refineries and chemical plants need to burn off the excess gas which 

results from pressure variations during production. In the oil industry, the most important 

function of a flare is “to use combustion to convert flammable, toxic or corrosive vapours to less 

objectionable compounds” (Guigard 2000). There are two types of flare that are commonly used 

in the oil industry; the ground flare and the elevated flare. Ground flares are primarily designed 

for low gas velocities and are not effective for emergency releases. Elevated flares often exceed 

stack heights of 100 m and can be up to 1 m in diameter (Guigard 2000). The purpose of such 

high elevation is to reduce ground radiation and to allow better dispersion of gases should the 

flame be snuffed out (Dubnowski and Davis 1983). 

 

1.2. Operational Requirements 

A flare tip must be able to withstand high combustion temperatures, oxidative, corrosive and 

marine environments and be resistant to creep and thermo-mechanical cycling. Recent changes 

in environmental regulations have resulted in a reduction from continuous flaring and have lead 

to the practice of flaring at intervals, i.e. weekly or daily purging of unwanted gas. This creates a 

higher number of thermal cycles, often at higher peak flow rates, which in turn will aggravate the 

thermomechanical stress that flare tips are subjected to. Thus there is a need to consider 

materials and flare tip designs that can withstand a high number of thermal cycles. In addition, 

flares are kept on continuously at low gas flow rates, such that in the event of a pressure build 

up, the excess gas can be flared immediately. At low gas flow rates and in the presence of 

prevalent winds, the flame is pushed to one side of the flare tip, thus creating large temperature 

gradients between downwind and upwind regions of the flare tip. This is termed 

“flame impingement”, “lapping” or “lapdown”. This combination of low pressure (LP) and 

high pressure (HP) use creates a need for materials and designs that can withstand 

low cycle fatigue (LCF) and also continuous use at medium temperatures (<400 °C).   
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1.3. Flare Tip Designs 

There are many varieties of flare tips currently in use in industry. 

Designs vary depending on operating environment, flaring 

capacity, stack height and manufacturer experience. The most 

common design used in the industry is a simple chimney, with 

flame stabilisers and often a windshield (made of perforated sheet 

metal or in the form of wind strakes: long plates of metal, 

distributed around the tip of the flare stack) to limit the effect of a 

prevailing wind on the flame (Figure 1.1). 

 

Figure 1.2-a shows a simple chimney design operating at a low gas 

velocity where the presence of a prevalent wind pushes the flame 

to one side and results in flame impingement in the downwind 

region. Figure 1.2-b shows the same flare tip operating at higher 

gas velocities with no wind, resulting in flame that stands above 

the stack. 

 

Figure 1.2 – A flare tip in operation at an on shore gas processing facility at GS-A, Netherlands: (a) low gas 
flow rate and prevalent wind resulting in flame impingement, and (b) high gas flow rate where flame 
stands off the top of the flare tip. 
 

 

However, other more radical designs have also been used, such as multi-armed flares by 

Birwelco, and the HYDRA and Condair designs by John Zink Company (John-Zink-Company 

2004), see Figure 1.3. The multi-armed flares are intended to reduce radiation and noise levels by 

flaring through many smaller burners. However, these designs have met with materials issues due 

to expansion and contraction and have led to catastrophic failures (see 1.6.3 Shearwater Failure). 

(a) (b)

Figure 1.1 – Typical chimney 
design flare tip, with wind 
strakes and three pilot burners 
(only two can be seen). 
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The HYDRA sonic flare uses similar technology with aerodynamic nozzles for each secondary 

burner. Each nozzle discharges “gas at a sonic velocity aimed at creating a short, stiff, stable 

flame that ignites above the metal tip and resists pulldown from high winds” (John-Zink-

Company 2004). 

 

The Condair design uses the Coanda Effect, in which a fluid jet passing close to a surface is 

attracted to that surface, creating a near vacuum that pulls in substantial amounts of air from the 

surrounding environment. This leads to turbulent mixing of air and gas, resulting in highly 

efficient combustion, see Figure 1.3-d (John-Zink-Company 2004). Section 1.6.4 Shell Nelson 

Failure, describes an occurrence of a Condair flare failure. 

 

 

Figure 1.3 – Different flare tip designs used in industry: (a) multi-armed organ shape, (b) multi-burner 
with windstrakes used at the Brent Bravo platform, by Birwelco, (c) HYDRA by John Zink Co. and 
(d) Condair, also by John Zink Co.; images (c) & (d) after (John-Zink-Company 2004). 

 

A venturi design by Europem makes use of the venturi effect to suck in air from below the flare 

tip and push the flame upwards (Figure 1.4). The holes in the surrounding windshield are 

designed to let in air and increase combustion efficiency. The design creates high levels of flame 

impingement at low gas velocities, in the presence of a prevailing wind. At high gas velocities, the 

flame sits on top of the stack, but the upper regions of the windshield are still in contact with the 

flame. 

 

 

Figure 1.4 – A venturi flare tip in operation: (a) at low gas velocity with prevalent wind resulting in flame 
impingement and (b) at high gas velocity, with flame standing on top of the flare tip. 

(a) (b) (d)(c)

(a) (b)
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1.4. Lifetime & Economics of Flare Tips 

Data on typical flare tip lifetimes provided by a major North Sea operator are presented in 

Figure 1.5. Of the 36 flares recorded, 19 had failed with a mean service lifetime of 5.4 years. 

Most failures had occurred early on in the platform life when well tests are most frequent (Fox 

2008). Early failure can also be due to poor designs or designs unsuitable for a specific operating 

environment, leading to flame impingement and high temperature gradients. 

 

 

Figure 1.5 – Typical distribution of flare tip lifetime, adapted from Fox (Fox 2008). 

 

Failure may be catastrophic and can occur at apparently random operating times, thus requiring 

unscheduled replacement. A major concern is that the cost of an unscheduled replacement can 

run into many millions of pounds, whereas the cost of the flare itself may be just £50 k. 

Replacement involves the use of helicopters for lifting the old and new flares, and loss of gas and 

oil production for up to 4 days. The cost of unscheduled replacement of the Fulmar flare tip in 

2004 was reported to be around £9 million, whereas a planned replacement would have cost 

£100 k (Fox 2008). 

 

Previous attempts have been made to increase the service lifetime of flares by changing the 

design and the use of more corrosion and heat resistant alloys, but these changes have given 

mostly marginal improvements. A change from the use of stainless steel 310 and other steels to 

alloys with higher nickel and chromium content such as the 800 Alloys, Alloy 625 and Alloy 

RA333® has shown some improvement (Huang 2007; Rolled-Alloys-USA 2008). 
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1.5. Failure Mechanisms of Flare Tips 

In the event of a flare tip failure, production must be shut down completely, which can result in 

costly maintenance and loss of production. The main factors that contribute to fatigue, creep and 

corrosion damage of a flare tip are material selection, service and operational conditions and 

design and/or fabrication processes (Huang 2007). 

 

Flare tips can experience continuous flame impingement (see Figure 1.2 and Figure 1.6) from 

both internal and external burning which can cause high temperature corrosion damage leading 

to failure. Investigations of the failed Fulmar flare tip showed that flame impingement on the 

external surface had been a dominant factor which contributed to the failure of the flare tip 

(Huang 2007). 

 

1.6. Flare Tip Failures 

1.6.1 Fulmar Flare Tip 

The Fulmar flare tip was a simple chimney with flame stabilisers bolted to the top of the stack, 

and no windshield. It underwent catastrophic failure after 7 years in operation, when two large 

cracks were formed at an angle of 67° to each other on the downwind side. An investigation into 

the failure has shown that design and operational conditions were crucial factors influencing the 

service life of this flare tip (Huang 2007; Rafik 2007). Rafik reported that the cracks had initiated 

at the top of the bolt holes used for fixing the flame stabilisers. The initiation of these cracks was 

thought to be due to a thermo-mechanical stress concentration at the bolt holes. These findings 

were further reinforced by Huang‟s finite element simulation of the Fulmar flaring conditions, 

which showed a higher stress concentration at the top of the said bolt holes (Huang 2007). The 

failure analysis identified a variety of mechanisms such as creep, thermal fatigue, intergranular 

oxidation, stress corrosion cracking, and also pitting corrosion as further contributing factors. 

However, thermal fatigue enhanced by grain boundary oxidation was thought to be the most 

crucial factor that led to the failure of the Fulmar flare tip. 
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Figure 1.6 – Fulmar flare tip after failure in 2004: (a) large crack starting from bolt holes, running down 
length of stack passing through heat affected zones where connecting lug had been welded, and (b) 

second crack at 67 ° to the first; after Rafik (Rafik 2007). 

 

1.6.2 Brent Bravo Flare tip 

The Brent Bravo flare tip was a multi-armed design made by Birwelco (see Figure 1.3-b) and 

used on a platform in the North Sea (2007). It consisted of a central HP flare of diameter 40 cm, 

with flame stabilisers bolted on, and 8 secondary flares each of diameter 20 cm surrounding the 

central flare, each without flame stabilisers. The central flare did not show any visible signs of 

damage, but the secondary flares had large cracks running down to a weld seam. Also, the 

secondary pipes that were supplying the gas to the flares had very large cracks along the weld 

where they had joined the main pipe. The secondary flares were made of a cast alloy, similar in 

composition to 800 series (37Ni18Cr), and welded onto pipes made of alloy 800H. The rest of 

the flare was made mainly of stainless steel 316. The tip of the flare had twice the thickness 

compared to the welded end, which resulted in a cross-sectional taper. It is thought that this was 

a result of the casting process. For an investigation into this failure, see section 

3.2.4. Examination of a failed secondary flare tip from the Brent Bravo Platform (p.65). 

 

 

Figure 1.7 – Brent Bravo Secondary flare tips. Flare tips are of dimensions 20 cm outer diameter × 20 cm 
height (tip to weld). Pictures show large cracks, originating from the top of the flare. 

 

 

0.2 m0.2 m

(a) (b)

15 cm
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Notice of Confidentiality: The information presented below in sections 1.6.3 and 1.6.4 regarding the failures of 

the Shearwater and Nelson flare tips are presented in confidence, and may not be reproduced, in full or in part, or 

disclosed to any third party, without prior written consent from Shell UK Ltd. 

 

1.6.3 Shearwater Failure 

The failure report regarding a multi-armed flare made of alloy 800HT in the Shearwater field 

(TWI August 2002) which had previously been repaired and then failed for a second time in 

August 2002 (see Figure 1.8), cited a combination of creep and thermal fatigue cracking in the 

thinner lower arms of the flare as the cause for the first failure in the autumn of 2001. The 

second failure was thought to be due to a combination of factors: (i) the high stresses 

experienced at high temperatures in cold worked areas where there was no subsequent thermal 

exposure, (ii) creep cracking as the primary mode of failure caused by high applied loads due to 

thermal expansion and (iii) cyclic fatigue which was thought to assist in crack propagation. 

 

 

Figure 1.8 – Shearwater flare tip: (a) during operation; flame has spread over the manifolds and appears to 
be sitting on the platform handrails, and (b) failure at regions adjacent to welds on main pipes, after TWI 
(TWI August 2002). 

 

1.6.4 Shell Nelson Failure 

A similar failure investigation was carried out on a “tulip” flare (similar to Condair design) made 

of alloy 800H from the Shell Nelson oil platform (TWI December 2004). The causes of failure 

were identified as strain assisted grain boundary oxidation or possibly oxidation assisted creep, 

with cracking occurring preferentially along a semi-continuous coarse carbide network within the 

cast material. Further crack extension was thought to have occurred by thermal fatigue, probably 

in combination with mechanisms mentioned previously. It is interesting to note that the study 

attributed the presence of oxides on the flare gas-exposed face of the flare tip to the presence of 

air within the flare. 

(a) (b)
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Figure 1.9 – Failed flange from the Nelson “tulip” flare tip, adapted from TWI (TWI December 2004). 
 

1.7. Predicting Flare Tip Lifetime 

In order to make sound predictions for the lifetime of a flare tip, a number of factors need to be 

taken into consideration: 

 Actual metal temperature profiles 

 Alloy properties, oxidation resistance and the effect of thermal cycling 

 Local conditions, such wind velocity, humidity and corrosion environment 

 Design effects 

It is only when all the above information is known that reliable predictions can be made using a 

combination of numerical simulations and parametric relationships such as the Coffin Manson 

and Larson Miller.  

 

1.8. Aims and objectives 

The aim of this study is to quantify the lifetimes of flare tips made from alloys 800H and 625, 

and also to examine the possible use of other high temperature alloys which could increase 

service lifetimes. Although this study was originally instigated by Shell to determine materials 

suitable for use in flare tips, it has become apparent that flare tip design and materials selection 

should be part of an integrated solution, where materials are matched to design and operating 

constraints, and vice versa. The objective of this project is therefore to study the effect of 

different aspects of design, materials selection and operational conditions, to see how these may 

influence overall service lifetimes, and to produce tools that will help the development of the 

next generation of flare tips and flare tip materials. This will be done by studying the effect of 

0.15 m



34 
 

oxidation, creep, thermal fatigue and stress assisted oxidation on the failure mechanisms as 

observed in flare tips. An FEM analysis will be made to investigate the mechanical integrity of 

flare tips made from alloys 800H and 625. A CFD study will examine the effect of prevailing 

wind on combustion patterns and the resulting operating temperatures of flare tips. 

 

The following steps will be implemented to obtain the data required for accurate lifetime 

predictions: 

a. Measurement of metal temperatures during operation 

b. Determination of thermo-mechanical stress and the effect of thermal cycling 

c. Modelling combustion behaviour via a CFD study that will examine the effect of: 

i. Combustion behaviour 

ii. Gas flow rates 

iii. Prevailing winds 

 

This thesis presents a review of the literature (Chapter 2). An investigation of the performance of 

alloys 800H/800HT and 625, alloys currently used in flare tips, especially with regard to thermo-

mechanical cycling is also presented (Chapter 3). To be able to identify the most damaging stress 

related failure mechanisms, flare tip operating temperatures have been determined with IR 

Thermal Imaging (Chapters 5-7). The data has been used in an FEM stress analysis study to 

examine flare tip integrity and assess lifetime (Chapters 6 & 7). Finally, a CFD study is presented 

that examines the effect of wind on combustion patterns and the resulting operating 

temperatures of flare tips (Chapter 8). The study presents a comprehensive model that predicts 

flare tip performance by predicting temperatures via CFD modelling, which can then be applied 

to a stress analysis study to assess the mechanical integrity and lifetime for any flare tip design, 

prior to manufacture and installation. 
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2. Literature Review 

The focus of this study is to identify and examine the failure mechanisms that lead to the 

ultimate failure of alloys used in flare tips. While the oxidation, creep and fatigue properties of 

Ni-base alloys are well known, the combined effect of these phenomena are not so well 

understood. Recent findings in the literature relating to the behaviour of these alloys, their 

properties and use on flare tips are reviewed below. The behaviour of high temperature alloys 

under conditions of thermal fatigue are also reviewed. Finally, an introduction to numerical 

simulation of fluid flow and combustion is presented, and recent studies on combustion and 

fluid flow has been discussed. 

 

2.1. Alloys Under Consideration 

The alloys that will be part of the present study are the 800 series (800, 800H & 800HT), 

alloy CT15C (cast version of alloy 800), alloy 625 and stainless steel 310. Their compositions 

(Table 2.1) and properties (Table 2.2) are outlined below. 

 

Table 2.1 – Alloy compositions in weight percent. 
 

 

1) 309/309S & 310/310S Specifications Sheet, Sandmeyer Steel Company, 1 Sandmeyer Lane, USA. 
 

2) Publication Number SMC-046, Special Metals Corporation, 2004.  
*Note that 800H has lower C to improve creep resistance and rupture strength. 800HT has higher 
Al + Ti to improve creep resistance and rupture strength. 
 

3) ASTM Standard A351-94; CT15C is a cast version of alloy 800. The secondary flare tips from 
Brent Bravo which are later discussed in this report are made of a similar cast alloy with 
composition 37Ni18Cr. 

 
4) Publication Number SMC-063, Special Metals Corporation, 2006. 

Alloy/ 

Element 
Ni Cr Fe Mo Nb C Mn Si P S Al Ti Al + Ti Co

Alloy 3101 19.0-

22.0

24.0-

26.0
balance - - 0.25 2.00 1.50 0.045 0.030 - - - -

Alloy 8002 30.0-

35.0

19.0-

23.0
39.5 min - -

0.10 

max
- - - -

0.15-

0.60

0.15-

0.60

0.30-

1.20
-

Alloy 800H2 30.0-

35.0

19.0-

23.0
39.5 min - -

0.05-

0.10
- - - -

0.15-

0.60

0.15-

0.60

0.30-

1.20
-

Alloy 

800HT2

30.0-

35.0

19.0-

23.0
39.5 min - -

0.06-

0.10
- - - -

0.25-

0.60

0.25-

0.60

0.85-

1.20
-

Alloy 

CT15C3

31.0-

34.0

19.0-

21.0
balance -

0.5-

1.5

0.05-

0.15

0.15-

1.5

0.5-

1.5
- - - - - -

Alloy 6254 58.0 

min

20.0-

23.0
5.0 max

8.0-

10.0

3.15-

4.15

0.10 

max

0.50 

max

0.50 

max

0.015 

max

0.015 

max

0.40 

max

0.40 

max
-

1.0 

max
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The relative cost of the alloys under consideration is also of interest. Table 2.3 shows the relative 

cost of these alloys, and it can be seen immediately that alloy 625 is considerably more expensive 

than 310 or 800H (prices have no doubt risen since 1992, but relative to one another will remain 

the same). However, this initial premium is often recovered as the alloy shows better 

performance, and therefore reduces repair and replacement downtime. This is especially 

significant in the case of flare tips as the cost of replacement and loss of production is 

significantly higher than the initial cost of a flare tip. 

 

Table 2.3 – Relative cost of alloys under consideration, with alloy 310 SS as basis. Figures based on 1991-
1992 prices/lb., 1/4-in plate; from HAYNES® HR-120® alloy, Haynes International, High Temperature 

Alloys, 2008. 

 

Alloys Relative Cost 

310 SS 1(basis) 

800H 1.3 – 1.5 

625 2.5 
 

 

2.2. Properties of Alloy 310 

Alloy 310 is an austenitic stainless steel with relatively high strength at elevated temperatures. 

The alloy shows good corrosion resistance and improved oxidation resistance due to its high 

nickel and chromium content. It is used in the heat treatment industry extensively due to its 

good strength at high temperature and resistance to creep deformation and environmental attack. 

Applications include furnace parts, conveyor belts, fans and other components (Sandmeyer-

Steel-Company 2012). The alloy has also been used for lower parts of flare tip stacks, where only 

exposure to modest temperatures (<300 °C) was expected.  

 

2.3. Properties of 800 Series Alloys 

Alloy 800 has been used since the 1950s when it was introduced to satisfy the need for a high 

temperature corrosion resistant alloy with relatively low nickel content as nickel was a strategic 

material at the time (Special-Metals-Corporation Sept 2004). Due to its significant nickel content 

alloy 800 resists stress corrosion cracking, but it is most well known for its strength at high 

temperature, oxidation and carburisation resistance and other types of corrosion. The differences 

between 800 and 800H is the carbon content as shown in Table 2.1, and an annealing 

temperature of 980 °C for 800 as opposed to 1150 °C for 800H. Alloy 800HT requires a thermal 
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exposure of at least 1149 °C, a restricted chemistry within the limits of alloy 800H and higher 

aluminium and titanium contents (Al, Ti, Al+Ti) to improve creep, and stress rupture properties. 

The alloy is used in the chemical and petrochemical industry for heat exchangers and other 

piping systems, and in nitric acid media, especially where resistance to stress corrosion cracking 

is required. 800H and 800HT are commonly used for applications involving long term exposure 

to high temperatures and corrosive conditions, especially where high creep or rupture strength is 

required. 

 

2.4. Properties of Alloy 625 

Alloy 625 is a nickel chromium alloy that is well known for its high strength, excellent corrosion 

resistance and fabricability (Special-Metals-Corporation January 2006). In addition to its 

corrosion resistance, this alloy has outstanding resistance to creep and high rupture strength, 

which gives it high service temperatures of up to 982 °C. The strength of this alloy is achieved by 

virtue of additions of molybdenum and niobium which strengthen the nickel-chromium matrix 

by solid-solution strengthening, and thus precipitation hardening is not required. High 

temperature corrosion effects such as oxidation and carburisation are also resisted due to the 

same elements. Alloy 625 is also used extensively in sea water applications due to its high 

resistance to pitting and crevice corrosion, high corrosion-fatigue strength, high tensile strength 

and resistance to chloride-ion stress-corrosion cracking. In addition to marine applications, 

alloy 625 is used in aircraft ducting systems, engine exhaust systems, thrust reverser systems, 

resistance-welded honeycomb structures for housing engine controls, heat exchangers and 

reactor core and control rod components in light water nuclear reactors. 

 

2.5. Oxidation 

2.4.1. Oxide Formation 

Oxidation of these alloys in clean non-polluted gases such as air or oxygen will result in the 

formation of a thin oxide film. This film will further develop into a thick scale depending on the 

temperature and gas composition (Elliot 1990). The oxidation resistance of most corrosion 

resistant alloys is facilitated by the formation of a protective oxide scale. “Ideally this scale should 

be continuous, adherent, stoichiometric and coherent”(Elliot 1990). This is the basis of the 

corrosion resistance in the 800 series and alloy 625. 

 

Chromium is a key alloying element which results in oxide scale formation of Cr2O3 or a spinel 
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of composition M2Cr2O4, where M is a divalent ion of a metallic element (Elliot 1990; Walter 

1993). This layer shows good adhesion to the bulk metal and has a similar coefficient of thermal 

expansion (CTE) which helps to prevent the diffusion of oxygen to the bulk metal and thus 

further oxidation. 

 

Otsuka and Fujikawa have found that a uniform duplex thin oxide scale forms on alloy 800H 

when exposed to steam at temperature 700 °C. The spinel compound (Fe,Cr)3O4 has been 

reported on an inner layer and Fe3O4, and some Fe2O3, is seen as the outer oxide layer (Otsuka 

1991). 

A spinel layer of MnCr2O4 has also been seen to form on top of a Cr2O3 oxide scale on Fe-22Cr 

alloy (21.63 wt% Cr, 0.31 wt% Si, 0.27 wt% Mn and 0.19 wt% Ni) at 900 °C in two atmospheres 

of (i) air/H2O (air with 1% H2O) and (ii) H2/H2O (H2-Ar mixture (7-9% H2) with 1% H2O) 

(Hansson and Somers 2005). 

 

The above authors are agreed that the formation of a spinel layer adjacent to the bulk alloy 

prevents further oxidation and is the basis of corrosion resistance. However, the composition of 

the spinel layer is reported to vary and this can be a result of variation in temperature, alloy 

composition or oxidation environment. 

 

At temperatures above 950 °C and for long periods of time, chromium may further oxidise and 

then vaporise as CrO3, which is undesirable as it degrades the protective scale (Elliot 1990). 

Pettersson et al. have claimed that the volatilisation of chromia is not detrimental to oxide scale 

adherence in a study on the oxidation of Fe-Cr-Ni alloys in environments containing air-water 

vapour. They have reported that water vapour will promote chromia loss by evaporation, but 

they claim that this can consequently decrease spallation at 700 °C, where chromia formation is 

dominant (Pettersson et al. 2005). They have also reported some volatilisation of silicon and 

negligible amounts of iron and manganese and have further suggested that nickel may promote 

chromia volatilisation. This is a plausible conclusion and further investigation is required to 

examine the extent of chromia volatilisation and the influence of nickel content. 

 

2.4.2. The role of alloying additions 

The effect of other alloying additions on the properties of heat resistant alloys and their oxide 

scales is also of interest. Nickel is used because it gives the alloy increased stability by decreasing 

the CTE. Rare earth elements improve scale adhesion at high temperatures and thus reduce the 
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spalling effect observed during thermal cycling. Like chromium, silicon and aluminium act to 

increase the scale resilience in aggressive environments (Elliot 1990). However, aluminium, 

titanium and chromium have also been seen to have detrimental effects on high temperature 

performance. Khalid has reported that small amounts of Cr2O3 or Al2O3 can grow dispersed 

within the metal substrate ahead of the inward growing inner spinel (Otsuka 1991; Khalid 1999). 

Trindade has also reported that chromium, aluminium and titanium are often responsible for 

pronounced intergranular corrosion in Ni-base superalloys (Trindade et al. 2005). 

 

Internal oxidation has been observed in Ni-base alloys at temperatures below 900 °C, where 

oxide species tend to form along substrate grain boundaries (Shida 1982; Douglas 1995; Villafane 

2002). This intergranular oxidation is caused by the ingress of corrosive species which is 

controlled by the dissociation of protective oxide at the scale/metal interface and/or penetration 

along defects such as cracks or pores (Strawbridge 1993). 

 

Aluminium and titanium are added to alloy 800 to form alloy 800H and 800HT as it is widely 

believed that they improve creep, and stress rupture properties by precipitating at the grain 

boundaries and thus inhibiting grain boundary sliding. However, in applications where 

intergranular oxidation can be problematic, such as flare tips which are subject to thermal 

cycling, optimising the aluminium and titanium content to limit the extent of intergranular 

oxidation needs to be investigated. 

 

The addition of molybdenum (8-10 wt%) and niobium (3.15-4.15 wt%) to alloy 625 is thought to 

be responsible for the strength of this alloy as they strengthen the nickel-chromium matrix by 

solid-solution strengthening (Special-Metals-Corporation January 2006). But molybdenum in 

lower amounts (2-3 wt%) is known to cause catastrophic oxidation at high temperatures in 

austenitic stainless steels such as 316 and 317 (Elliot 1990). Refractory metals such as 

molybdenum and niobium are known to undergo rapid oxidation at high temperatures. The 

resultant scales are bulky and under high compressive stress as their volume is higher than the 

volume of the bulk metal on which they form. Despite this, there is little evidence of a significant 

degree of molybdenum corrosion in Ni-base alloys in the literature. 

 

2.4.3. Spallation of Oxide Scale 

The spalling of oxide scale exposes a fresh alloy surface to oxygen and therefore accelerates 

corrosion, a feature which is thought to be a contributing factor in the failure of flare tips. The 
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occurrence of spalling has been reported by Walter et al. in alloy 800H during thermal cycling. 

They reported that it is mainly the outer spinel layer that spalls, but after long testing times (up to 

1000 hrs) and at higher temperature gradients, complete parts of the scale including the chromia 

partial layer, have been observed to spall (Walter 1993). 

 

Evans studied different spallation models and steam grown oxides, and in particular mechanisms 

of spallation and cracking and the effect of creep relaxation on oxide stresses (Evans 2005). Most 

of the data was based on high temperature alumina forming alloys, but Evans argued that this 

can be extended to ferritic steels and chromia forming alloys at lower temperatures. He also 

related the formation of stresses within the oxide layers to either growth stresses or thermal 

stresses that developed upon heating and cooling. 

 

Evans proposed that the formation of cracks was dependent on the Critical Strain Energy 

Criterion (CSEC) and he defined this as “the occurrence of spallation when the stored energy in 

the oxide layer equates to that required for decohesion at the interface”. He also claimed that 

crack formation occurs either by “buckling”, where there is poor adherence between the oxide 

and substrate, or “wedging” where the oxide layer has good adherence to the substrate but is 

under compression and hence a shear crack forms through the oxide layer (see Figure 2.1). 

 

Figure 2.1 – Formation of wedge cracks along oxide/metal interface of compressively stressed oxides 
during cooling, after Evans (Evans 2005). 

 

Schütze has also reviewed recent research on modelling of crack formation and oxide failure 

(Schütze 2005). His classification of different types of scale failure, based on state-of-knowledge 

in the literature is given in Figure 2.2. The author has classified scale failure based on 

compressive and tensile stresses; however there doesn‟t appear to be any discernable difference 

between Figure 2.2-(c) and Figure 2.2-(d), rather that (d) is a consequence of (c). The models in 

increase in crack length with 

decreasing temperature

length
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the literature depend on many different parameters such as critical strain in the oxide, mode I 

fracture toughness of the plane in which failure starts (KIC), Young‟s modulus of the oxide (Eox) 

and the size of an embedded physical defect (2c). Schütze concluded that the previous approach 

to modelling of scale failure described in EPRI report FP 686 (Armitt 1978) was mainly based on 

oxide scale thickness as a varying parameter, whereas “recent developments based on 

micromechanical considerations now include all the relevant geometrical and chemical 

parameters” required for failure assessment. 

 

 

Figure 2.2 – Schematic of different potential modes of scale failure in the case of tensile stress (a), and 
compressive stresses (b) to (f), after Schütze (Schütze 2005). 

 

 

Rhines has formulated a general equation that includes the various different contributions to 

oxide scale stress (Rhines 1970): 

 

                                                                                   

 
(2.1) 

 

                     refers to the stresses formed as a result of formation of new oxide within the 

existing oxide scale, if counter diffusion of the oxide forming species in the scale plays a role 

(Rhines 1970; Kofstad 1988). Chemical and crystallographic changes can also cause such stresses 

(Schütze 1997). This is illustrated in Figure 2.4 for the case of a chromia scale. Geometrical 

stresses (                      ) that are caused as a result of surface curvature can be significant 

on edges or on surfaces of pipes with small diameters (Schütze 2005). The causes of these 

stresses have been attributed to two factors: (i) the difference in volume of oxide formed 

weak oxide

strong interface

spalling

Crack deflection towards surface

shear failure

(d)

(e)

(f)

(a)

(b)
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metal

interfacial crack growth
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oxide
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compared to the consumed metal and (ii) the recession of the oxide/metal interface as a 

consequence of metal consumption. An adherent scale will follow the metal recession and force 

the existing oxide into deformation whereas the freshly formed oxide will not be under any stress 

when it is formed. Figure 2.3 provides an explanation of the contributions to total oxide scale 

stress as described by Rhines. 

 

Figure 2.3 – Schematic representation of the contributions to total oxide scale stress as described by 
Rhines, see equation (2.1). 

 

 

Figure 2.4 – Intrinsic oxide scale growth stresses as a result of counter diffusion of the oxide forming 
species, after (Kofstad 1988). 

 

2.4.4. Creep Relaxation 

Creep relaxation is thought to reduce these stresses (see Figure 2.5). The relaxation process in 

thin specimens of low creep strength will occur by extension (Evans 1995), but where a weak, 

thick substrate exists, relaxation can be achieved by surface rumpling (Suo 1995). However, 

alloys with high creep strength are not likely to undergo major stress relaxation, and therefore 

growth stresses in excess of 1 GPa (in the case of alumina formers) can exist for extended 

exposure periods. 

Cr(g)

Inward O transport

Outward Cr transport
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Figure 2.5 – Anticipated variation of oxide growth stress with time in the two extreme cases of substantial 
and insignificant creep relaxation (Evans 2005). 

 

It is worth noting that both Evans and Rhines agree that creep will act to relax the effect of 

stress that is caused by oxide growth mechanisms; however the extent of this relaxation and its 

effectiveness for larger structures such as flare tips needs to be further characterised. Also of 

interest is the statement by Evans whereby he designates relaxation for alloys with high creep 

strength as insignificant. It then becomes important to select an alloy with the appropriate creep 

strength for applications where oxidation resistance is desirable, such that the resulting creep can 

act to relax some of the stresses formed due to oxide growth. 

 

2.4.5. Grain Boundary Engineering (GBE) 

Grain boundary engineering is a method that can be applied to help address the problem of 

spalling. Grain boundaries with a high fraction of coincident lattice sites (defined as having a low 

value of Σ, where Σ is the reciprocal density of coincident lattice sites), are termed special 

boundaries whereas boundaries with high Σ values are named random boundaries, see Figure 2.6. 

GBE is based on a thermo-mechanical processing technique consisting of several sequences of 

cold working and annealing that aims to increase the fraction of special grain boundaries, thus 

breaking up the connectivity of the random grain boundary network (Kumar 2000). 
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Figure 2.6 – Coincident lattice sites and special grain boundaries: (a) A coincident lattice site of projection 
(110) where black circles denote coincident sites in the plane of figure and open circles denote coincident 
sites at height 2-1/2a, after Gertsman (Gertsman 2002), and (b) Schematic of grain boundary network in 
specimens of 316L with average grain size 12 um, where thin lines represent special grain boundaries and 
thick lines other grain boundaries, after Gertsman (Gertsman et al. 1996). 

 

GBE results in a reduction of texture in the oxide layers and hence enhances spallation resistance 

and ultimately reduces oxidation rates (Tan 2005). However, the experiments carried out by 

Tan et al. may not be applicable to service temperatures of flares (900 °C) as the study had been 

carried out in supercritical water at 500 °C. Trindade et al. have also looked at GBE as a method 

that can reduce susceptibility to intergranular oxidation (Trindade et al. 2005). They report that in 

studies on IN718, grain boundaries with a high fraction of coincident lattice sites demonstrate a 

high resistance to the internal formation of Al2O3; however, they have not quantified the extent 

of this resistance. 

 

Data in the literature suggests that a high fraction of grain boundaries with values of Σ ≤ 29 

exhibit special properties such as a decrease in susceptibility to intergranular corrosion (Lin 1995; 

Lehockey 1997; Yamamura 1999), creep damage (Lehockey 1997; Was 1998) and dynamic 

embrittlement (Krupp 2002). Trindade has attributed this to lower activation energy for diffusion 

along special grain boundaries, hence decreasing the flux of oxygen into the alloy, which in turn 

leads to a decrease in the oxidation rate. He has also claimed that the reduction of random grain 

boundaries gives rise to an additional decrease in intergranular oxidation (Trindade et al. 2005). It 

is unclear whether this claim is accurate, as the presented data only supports the decrease in 

oxidation rates which can be due to either the effect of a reduction in random grain boundaries 

or an increase in special grain boundaries (see Figure 2.7). If however, GBE can inhibit 

intergranular oxidation which is a known issue in Ni-base alloys (Shida 1982; Otsuka 1991; 

Strawbridge 1993; Douglas 1995; Khalid 1999; Villafane 2002; Trindade et al. 2005) the overall 

(a) (b)

50 μm
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resistance to high temperature oxidation can be improved by grain boundary engineering type 

processing. The nature and extent of this reduction in intergranular oxidation therefore merits 

further investigation. 

 

Figure 2.7 – Thermogravimetrically measured mass change during exposure of IN718 to laboratory air for 
different fractions of special grain boundaries: (a) at 1000°C and (b) at 850°C, after (Trindade et al. 2005). 

2.4.6. Influence of Water Vapour on Oxidation 

Michalik et al. have conducted studies on the growth and adherence of chromia scales on pure 

chromium in the presence of high and low partial pressures of oxygen. They have found that 

contrary to previous belief, scale adherence and microstructure at the metal/oxide interface 

seems to depend on the ratio between oxygen and water partial pressure as opposed to 

equilibrium partial pressure of oxygen (Michalik et al. 2005). The effect of reactive element 

additions and hydrogen on oxidation of Cr-based alloys in pure oxygen (Tveten 1999; Hultquist 

2000) and water vapour have also been studied (Tveten 2001). The authors found that in the 

case of pure oxygen, oxide scales had poor adherence and this was attributed to hydrogen 

induced cation transport. In water vapour however, higher oxide growth rates and improved 

oxide scale adherence was observed. Quadakkers et al. observed similar trends where oxide scales 

of various Cr-base alloys formed during exposure to Ar-H2-H2O showed significantly better 

adherence than those exposed to air (Quadakkers 1996). In a similar study by Hänsel et al. on 

chromia scale growth and the role of water vapour where oxygen is a minority gas species, it was 

concluded that adsorption of H2O on the oxide surface becomes important (Hänsel 2003). This 

is a result of an alteration in the oxide defect concentration that subsequently changes the scaling 

rate; it also alters the morphology at the oxide/gas interface. 

 

A study on the effect of oxidising environments on Fe-22Cr (21.63 wt% Cr, 0.31 wt% Si, 0.27 

wt% Mn and 0.19 wt% Ni) has been carried out by Hansson (Hansson et al. 2005). This study 

has also found that, similar to the alloy 800 series, a spinel layer (MnCr2O4) forms on top of the 
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Cr2O3 oxide scale. These experiments were carried out at 900 °C in two atmospheres of 

(i) air/H2O (air with 1% H2O) and (ii) H2/H2O (H2-Ar mixture (7-9% H2) with 1% H2O). 

Although the spinel layer was observed in both atmospheres, Hansson has reported more 

pronounced wrinkling of the oxide surface (see Figure 2.8) in the case of air/H2O when 

compared to H2/H2O, and has attributed this to “less oxide formation within the oxide as a 

result of less oxygen anion diffusion when oxidising in the H2/H2O atmosphere”. Oxide growth 

has been attributed to combined cation and anion diffusion in air/H2O, and it was thought that 

cation diffusion was solely responsible for oxide growth in the case of H2/H2O. The authors 

have reported other differences: (i) The formation of whiskers in H2/H2O, whereas this is not 

seen in air/H2O since the oxide grows by counter current diffusion and therefore the cations 

cannot reach the surface of the oxide and whiskers do not develop. (ii) An interfacial SiO2 layer 

is developed in air/H2O, whereas SiO2 particles form in addition to the SiO2 layer in H2/H2O. 

(iii) Oxide growth has a slower rate in H2/H2O than in air/H2O, and this is said to be due to the 

smaller contribution to oxide growth by oxygen anion diffusion at low oxygen partial pressures. 

 

 

 

Figure 2.8 – Cross section morphology of oxide layers developed during 598 h oxidation in H2/H2O (7%) 
and during 168 h oxidation in air/H2O at 900°C, after Hansson (Hansson et al. 2005). 

 

The role of nickel in the oxidation of Fe-Cr-Ni alloys in environments containing air-water 

vapour has been studied by Pettersson et al. (Pettersson et al. 2005). They have concluded that at 

700 °C nickel accelerates the kinetics of chromia formation but also suppresses chromia 

spallation. Even at 1000 °C, nickel greatly inhibits the breakaway oxidation and spalling 

associated with iron oxide formation. In environments that contain water vapour, an increase in 

the nickel content can decrease material loss by up to 10 times. It is argued that while 

acceleration of chromia formation can be detrimental in some circumstances, it acts to enhance 

the repairability of the chromia scale. This is achieved in two ways, by an increase in chromium 

activity and diffusion rate as a result of the increase in nickel content, and it is also speculated 

that nickel affects the growth mode of the chromia scale and therefore reduces the developed 

stresses and ultimately the tendency to spallation. The authors have ultimately concluded that the 

nickel content can be optimised based on exposure conditions, whereby an intermediate nickel 
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content that has an optimum balance between chromia kinetics and spalling tendency can be 

used in less aggressive environments. For environments that are known to be more aggressive, 

higher nickel content will improve the chance of maintaining a chromia layer on the surface of 

the alloy. On the role of water vapour, they have reported that it will promote chromia loss by 

evaporation and can consequently decrease spallation at 700 °C, where chromia formation is 

dominant. At 1000 °C however, it is thought that water vapour will greatly accelerate breakaway 

oxidation and the subsequent chromium loss will mean that protective oxidation cannot be 

maintained and iron oxides will form. 

 

It can be seen that the oxidation behaviour of Ni-base superalloys is significantly altered in the 

presence of water. In the case of flare tips, water may be present due to two factors: (i) humidity 

of air and (ii) the effect of salt water spraying on the flare tip. In the latter case, the presence of 

chlorine on the surface of the flares can have an additional detrimental effect on oxidation 

resistance of these alloys. This is especially significant as evidence of chlorine was seen on the 

surface of the Fulmar flare tip during failure examination. It is then essential that this factor is 

also considered with regard to alloy selection for flare tip applications. 

 

2.6. Fatigue 

The difference in temperature between the top and bottom of the flare leads to temperature 

gradients across the flare. The variation of gas velocities, which is controlled by production 

requirements, leads to fluctuations in the volume of gas being burned and at times results in the 

flare being turned on and off. This ultimately affects the temperatures to which the flare is 

subjected. This variation in temperature causes the material to undergo thermal fatigue which 

affects the mechanical properties of the alloy. 

 

Thermal and mechanical fatigue both have the same source of damage: the application of an 

external load or temperature transients which result in repeatedly applied stresses. In general the 

process of fatigue involves the following successive stages (Weronski 1991) : 

 

i) Formation of a microcrack nucleus 

ii) Propagation of the fatigue crack 

iii) Final rupture 

 

It is thought that in the case of the flare tip, thermal fatigue leads to the formation of a fatigue 
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crack and the subsequent thermal cycling accelerates the crack propagation due to mechanical 

fatigue at the crack tip. The propagation of the crack creates new surfaces at the crack tip which 

then oxidises; the resultant oxide will be brittle and hence the crack will propagate at a faster rate. 

To be able to investigate this hypothesis better, a closer consideration of thermal fatigue is 

required. 

 

2.5.1. Thermal Fatigue 

Thermal stresses that arise from thermal transients can be divided into 2 major types (Weronski 

1991): 

1. Strain controlled stresses, where the local expansion or contraction of the material is 

limited by the surrounding materials; 

2. Displacement controlled Stresses, where the overall expansion and contraction of the 

material is hindered by another component. 

 

The majority of flare tips experience some stress at the weld, where they are joined to the lower 

section of the flare stack which is made of a different alloy. In addition to the above, other 

factors such as geometry of the component, constraints against expansion and rotation, 

composition and structure, effects of temperature and holding time, surface oxidation, crack 

propagation and growth, and surface roughness have great effects on the fatigue behaviour of 

the alloy. 

 

With regard to composition, it is known that carbide formation will increase the capacity of the 

alloy to withstand repeated strains and that solid solution strengthening will improve creep 

performance. Microstructural stability and oxidation resistance can also be improved by using 

alloys with a low CTE, specific heat and high thermal conductivity (Weronski 1991). Despite 

this, it is known that at high temperatures carbides degrade creep performance in superalloys and 

should therefore be largely avoided. 

 

During thermal cycling, the elastic component of strain is high and the plastic component is low, 

thus in general a material with a low Young‟s modulus and high yield stress would be ideal 

(Weronski 1991). But as there is often a trade off between ductility and strength, there is an 

optimum balance which results in maximum endurance under given thermal fatigue conditions. 

In the case of a flare tip, where large temperature differences are expected (ambient to 1000 °C), 

strength becomes of primary importance (Forest 1960-61). 
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Thermo-mechanical fatigue (TMF) is commonly found to shorten fatigue lifetimes more than 

isothermal fatigue. Notably, a study from the Commissariat à l‟Energie Atomique by Fissolo et 

al. on stainless steel 304L and 316L(N) using two fatigue testing methods of SPLASH and 

FAT3D has concluded that “crack initiation in thermal fatigue occurs before crack initiation 

under uniaxial isothermal fatigue” (Fissolo A. 2009). However, a study conducted on stainless 

steel 316L(N) has shown that  isothermal cycling at the peak temperature of TMF resulted in 

shorter lifetimes in comparison to both in phase and out of phase cycling. It should also be 

noted that the difference in lifetime between isothermal and TMF lives are reportedly reduced 

with an increase in peak temperature of TMF (Nagesha A. 2009). 

 

Environmental effects on an advanced nickel based superalloy RR1000 have shown that pre-

exposure for 100 hrs at 650  C in air and high vacuum decreases the fatigue lifetime of the alloy 

by a factor of approximately 2. However, this is shown to be irrespective of exposure 

environment as the same effect is seen in both air and vacuum pre-exposed samples (Bache et al. 

2009). The authors have thus ruled out surface oxidation as the cause of reduction in lifetime 

and have attributed this to changes in surface stress (predicted from inelastic FE analyses) as a 

result of thermal exposure. Surface finish is also known to affect the fatigue behaviour of alloys. 

Hussein et al. have investigated the effect of residual stresses induced by machining, scratches 

and different processes for surface improvement, such as blending of scratches and shot 

peening, on the fatigue resistance of Waspaloy at 426 °C under load control. They have 

concluded that baseline samples showed higher fatigue resistance than samples with scratches 

(Hussain K. 2009). 

 

The fatigue properties of alloy 800H are well known but its thermo-mechanical behaviour is less 

well understood. A recent study by Kaae on alloy 800H in the temperature range of 22-760 °C 

with axial strain cycling between positive and negative values in the range 2-0.3 % (Kaae 2009). 

During low cycle fatigue, alloy 800H displayed a Portevin-Le Chatelier effect (discontinuous 

plastic deformation) predominantly at 538 °C, and to a lesser extent at 593 °C and even less at 

650 °C. This effect was not observed at the other test temperatures of 22 °C, 480 °C, 704 °C and 

760 °C and gradually disappeared as cyclic loading increased. Also the stress range did not 

decrease continuously with increasing temperature, but went through a maximum at 550 °C. The 

dislocation-solute atom interaction is thought to be the cause of both the stress range peak and 

the Portevin-Le Chatlier effect. At plastic strain ranges below 0.2 % the alloy does not obey the 
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Coffin-Manson law, as the number of cycles to failure versus plastic strain range in a log-log plot 

deviates from linearity. Kaae has also conducted interrupted tests and examined specimen 

surfaces under SEM and found that cracks initiate very early on in tests at 650 °C. The author 

concluded that measurement of striation widths of fracture surfaces showed that crack 

propagation rates increased with crack size, strain range and test temperature. Also, the absence 

of striations at small crack sizes was said to indicate a different propagation mechanism which 

was slower than the one producing striations. 

 

It can be concluded that, the fatigue behaviour of these alloys depends greatly on the operating 

conditions, especially temperature and thermo-mechanical cycling. Also the oxidation behaviour 

of these materials was found to vary largely with temperature and combustion environments, 

namely the presence of water. It is therefore crucial to simulate these conditions and study their 

effect on the properties of these alloys in order to evaluate their suitability as potential alloys for 

use in flare tips. 

 

2.7. Modelling of Fluid Flow and Combustion 

As the current study will use a commercial CFD code to simulate fluid flow and combustion, 

only a general overview of the methods available for the numerical simulation of fluid flow and 

combustion theory is presented, along with a review of recent numerical studies on the 

combustion of methane and air. 

 

2.6.1. Numerical Simulation of Fluid Flow 

The Navier-Stokes equations govern the motion of a viscous, heat conducting fluid. At high 

Reynolds numbers, the effect of turbulent fluctuations on mean flow becomes significant. 

However, for engineering applications, it is unnecessary to resolve the details of turbulent 

fluctuations; rather, it would be adequate to calculate the effect of Reynolds stresses on mean 

flow. Reynolds stresses are obtained by averaging over the Navier-Stokes equations to account 

for turbulent fluctuations in a fluid. Classical models for turbulent fluid flow are based on the 

Reynolds Averaged Navier-Stokes (RANS) equations. These time-averaged models are 

categorised into three different classes: 
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1. Linear eddy viscosity models, including algebraic, one equation and two equation models 

(most notably the k-ε models) 

2. Non-linear eddy viscosity models 

3. Reynolds stress models 

 

In Reynolds averaged models, all of the unsteadiness is regarded as part of the turbulence and 

therefore averaged out (Gatski et al. 1996). The most exact approach to the modelling of 

turbulence is to solve the Navier-Stokes equations without approximation or averaging, known 

as Direct Numerical Simulation (DNS). To do this, the numerical domain must be as large as the 

largest turbulent eddy, and the grid must be fine enough to enable resolution of the smallest 

eddies of turbulent flow. According to Kolmogorov‟s k-5/3 law, the smallest eddies depend on the 

dynamic viscosity of the fluid, ν, and are proportional to ν3/4 (Mohammadi and Pironneau 1994). 

As the simulation is carried out in three dimensions, and the time scale is dependent on the 

smallest grid size, it follows that the cost of simulation is proportional to Re9/4 (Griebel et al. 

1998). Therefore the application of DNS is restricted to low Reynolds number problems, as the 

ability to perform such simulations is limited by CPU performance (Gatski et al. 1996). 

 

Large Eddy Simulation (LES) is a numerical model that make use of Kolmogorov‟s theory of self 

similarity, where at sufficiently high Reynolds numbers small scale turbulent eddies are 

statistically isotropic, while large eddies of flow are dependent on geometry (Kolmogorov 1991). 

This theory allows explicit calculation of large eddies and the effect of small eddies to be taken 

into account using a subgrid model such as the Smagorinsky (Smagorinsky 1963) or Dynamic 

Global Coefficient model (You and Moin 2007). LES can be thought of as a compromise 

between DNS and RANS, where DNS is applied to the large scale eddies that contain most of 

the energy and do most of the transporting of conserved properties, and RANS is applied to the 

small scale eddies which are more universal and less complex to model (Gatski et al. 1996). 

 

2.6.2. Combustion Modelling 

The Combustion process is a rapid chemical reaction between a fuel and an oxidising agent 

(normally air), which produces energy in the form of light and heat (Peters 2000). The process is 

affected by fluid flow as it brings the fuel and oxidiser together, affects combustion rate and can 

even extinguish the flame. Fluid flow is in turn affected by buoyancy as a result of heat produced 

by combustion. Combustion can be classified into different regimes based on mixing 

characteristics and position of the flame: 
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1. Premixed combustion, where mixing takes place at the molecular level, and regions of 

burnt and unburnt gas are separated by a thin flame (e.g. spark ignition engines) 

 

2. Non-premixed combustion, where the fuel and oxidiser are in separate regions and 

combustion takes place at the interface where mixing occurs (e.g. diesel engines, fires) 

 

3. Partially premixed combustion that exhibits characteristics of both regimes (e.g. direct 

injection petrol engines) 

 

Combustion can be modelled by writing balanced equations for the species involved in the 

chemical reaction, which are then solved simultaneously with continuity and momentum 

equations. This introduces hundreds of equations that relate to combustion reactions and 

therefore becomes very complex. Added to this, is the further complexity due to the modelling 

of turbulence as discussed above, resulting in computationally expensive calculations. To 

simplify equations to a manageable level, modelling of combustion is often based on a simplified 

chemical reaction that assumes a single irreversible reaction between a fuel and the oxidant. In 

addition, the effects of turbulence are calculated using RANS to reduce the complexity of the 

models. Different combustion models arise from different approaches to simplification of the 

underlying equations. In broad terms, there are three main classes of models: 

 

1. Topological models, which track the flame front as a geometrical entity transported by 

vortex motion (Kerstein et al. 1988; Coats 1996). The Flamelet model is the best known 

example, where the interaction of chemistry and turbulence in the limit of fast reactions 

is modelled. Combustion occurs in thin sheets called flamelets and a turbulent flame is 

modelled as a group of laminar flamelets in the flow field (Peters 2000). 

 

2. Infinitely fast chemistry models, where reactions are assumed to be infinitely fast 

compared to the time scale for chemical mixing. Different models in this class exist for 

both premixed and non-premixed combustion. 

 

3. Finite rate chemistry models, where chemical reactions are modelled with time scales 

comparable to the mixing process. These models are also applicable to both the 

premixed and non-premixed regimes. 
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Figure 2.9 – Classification of combustion models based on chemistry and mixing regimes, after Peters 
(Peters 2000). 

 

Figure 2.9 shows a classification of combustion models based chemistry and mixing regimes. 

The Probability Density Function (PDF) transport models and Linear Eddy models can be used 

for either premixed or non-premixed regimes as they make little distinction between the 

turbulent mixing models, as opposed to the flamelet models, where mixing is governed by 

transport in either mixture fraction space or G-space in the respective flamelet equations (Peters 

2000). 

 

PDF transport models describe turbulence and combustion in terms of correlation functions, 

and the chemistry is determined by progress values that are allowed to fluctuate. The most 

common approach is to use a joint PDF for both velocity and the reactive scalars (Oran and 

Boris 1991). A complete statistical description of the state of the fluid can be calculated from the 

joint PDF for any point in the flow field (Pope 1985). Often, the fast chemistry assumption is 

used where the instantaneous properties of gas are in equilibrium and can be calculated from the 

mixture fraction. In assumed shape PDF models, the effects of turbulent fluctuations are 

modelled by assuming a shape for the mixture fraction PDF, for which transport equations can 

be solved and all instantaneous properties can be integrated over the PDF to obtain time 

averaged values. This is done by calculating gas properties from mixture fractions and storing the 

data in PDF look up tables that can be accessed by the solver when required (Brewster et al. 

1999). 
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2.6.3. Previous Studies on Fluid Flow and Combustion 

A review of numerical studies on the combustion of methane and air, in cases that have parallels 

with combustion in flare tips, either in the mixing regime, from a chemical viewpoint or 

modelling approach, is presented below. 

 

A study that makes use of the Reynolds Stress model for turbulence and the Eddy Dissipation 

Model (EDM) for combustion has found strong dependence of flow field and flame structure on 

oxygen enrichment conditions (Harasek et al. 2010). The study was conducted on a methane-air 

burner with a fine mesh (4.7 million hexahedral elements), with standard wall functions which 

enabled visualisation of a cold boundary layer. This boundary layer helps prevent the walls from 

overheating and hence increases the operating temperature of the furnace, without damaging the 

burner walls (Figure 2.10). The effect of boundary layers inside the gas stack of a flare tip is also 

thought to be significant, as cold gas inside the pipe can remove some of the heat received by the 

stack from radiation and flame impingement. 

 

 

Figure 2.10 – Temperature distribution at mid-plane of burner. A boundary layer of cold air is clearly 
visible, after Harasek et al. (Harasek et al. 2010). 

 

The k-ε model has been coupled with the EDM model to investigate the effect of turbulence 

intensity of air in non-premixed combustion of air and methane (Saqr et al. 2009). Increased 

values of free stream turbulence were found to decrease axial flame propagation velocity and 

reaction zone size of the flame. The authors have attributed this to free stream turbulence and 

flow induced turbulent kinetic energy calculated via EDM. However, these results have not been 

verified against other numerical techniques for combustion or turbulence. Experimental laser 

Air inlet

Fuel inlet
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diagnostics can be used to validate the results of the interaction between turbulence and 

combustion in aggressive conditions, as obtained by Saqr et al.. 

 

Li et al. have also used the k-ε model to simulate premixed combustion of air and methane, 

along with a skeletal mechanism developed by Smooke and Giovangigli (Smooke and 

Giovangigli 1991 ) for methane oxidation, that represents the reaction process better compared 

to a one step reaction, as it incorporates the effects of partial oxidation, reverse reactions and 

intermediate products (Li et al. 2009). Similar to the study by Harasek et al., the authors have 

considered the effect of boundary profiles and applied a fully developed boundary profile at the 

inlet. They concluded that the resulting flames are anchored further from the burner when 

compared to flow with a uniform profile, however they have not observed any significant 

difference in flame temperature. 

 

The PDF method has been used with the k-ε model to study the temperature profiles of a non-

premixed confined natural gas diffusion flame (Boke et al. 2011). Boke et al. found that while the 

radial temperature profile of the flame, temperatures in the back and middle section of the flame 

and the overall flame shape were in good agreement with experimental data, the predicted flame 

front temperatures were higher than values measured experimentally. The authors have 

attributed this to conducting the simulation with an assumption of equilibrium conditions and 

also using the Discrete Ordinates (DO) radiation model that does not incorporate the behaviour 

of combustion products such as water vapour and carbon dioxide as these species absorb and 

emit energy at distinct wave numbers (Modest 1993). Boke et al. have not quantified the effect of 

using such an approach on temperature predictions, nor have they conducted simulations using 

other radiation models, to investigate their hypothesis. However, in contrast with the studies by 

Harasek et al., Saqr et al. and Li et al., the study presented by Boke et al. includes a mesh sensitivity 

study and has been carried out on a mesh that eliminates the discretisation error. The results 

have also been validated against experimental data with reasonable agreement, and are thus more 

credible and realistic than other aforementioned studies. 

 

Mahmud et al. have applied a mixedness-reactedness flamelet model for combustion (Bradley et 

al. 1990; Bradley et al. 1998; Ma et al. 2002) and computed turbulence using both the standard k-ε 

model and the Reynolds Stress model to simulate combustion of a turbulent non-premixed 

natural gas flame in a furnace in two dimensions (Mahmud and Sangha 2010). The authors have 

applied the Discrete Transfer Method (DTM), a comprehensive radiation heat transfer model for 
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an absorbing and emitting medium, to allow precise predictions of heat transfer and combustion, 

and the resulting radiation intensity of the distribution of the furnace walls is in agreement with 

experimental data. The authors have more accurately predicted the structure of the measured 

lifted flame in the vicinity of the burner, compared to models based on the eddy dissipation 

technique (Sangha et al. 2003) and the well stirred reactor assumption (Çelik et al. 1996) that 

predict the flame to be anchored to the burner. Both the standard k-ε model and the Reynolds 

Stress model produced acceptable results in the flame lift off region when compared against 

experimental data, but the Reynolds Stress model performed better in the downstream region of 

the flame, especially with regard to mean gas temperature and species concentrations. Results 

from neither model completely matched experimental data, and the authors have attributed this 

to a limitation in the original flamelet combustion model when considering the oxidation of the 

products of a rich combustion process. A comparison of other combustion techniques coupled 

with the standard k-ε model and the Reynolds Stress model, against result obtained numerically 

and experimentally by Mahmud et al. would allow a more comprehensive evaluation of the 

mixedness-reactedness flamelet model. 

 

CFD studies conducted by John Zink Co., a manufacturer of refractory burners, thermal 

oxidisers and combustion flares has mainly centred on applications for fired heaters and 

incinerators, and though the authors have claimed that the method can be extended to flare 

systems (Jaiwant et al. 2001), no such study has been published in the literature. The studies have 

been based on the commercial CFD codes FLUENT™1 and PCGC3 (Hill and Smoot 1993), 

both of which use the RANS method to solve fluid flow. The studies by John Zink Co. have 

made use of the k-ε model and its variations, such the realisable k-ε model (Shih et al. 1995) and 

the RNG k-ε model (Orszag et al. 1993) to predict turbulence, and the assumed shape PDF of 

mixture fraction, or beta-PDF method to simulate combustion, while noting that the PDF 

method is not suitable for non-equilibrium conditions such as flames that are near extinction 

(Warnatz et al. 2006). Jaiwant et al. have cited the well known weakness of the standard k-ε model 

in swirling, rotating and unconfined flows as justification for the use of more advanced variants 

of the k-ε model. For the prediction of radiation, the authors have made use of the weighted-

sum-of-gray-gases (WSGG) model (Siegel 2002) that computes emissivity of gas volumes as a 

function of temperature and partial pressures of CO2 and H2O, which is claimed to be the most 

commonly used method for calculation of radiation resulting from combustion gases. Similar to 

the study by Boke et al., the discrete ordinance model has been used to account for radiation 

                                                 
1 Fluent is a registered trademark of ANSYS Inc. 
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phenomena in at least one study by Jaiwant et al., with no mention of the shortcomings of this 

model in relation to the behaviour of water vapour and carbon dioxide as discussed by Modest 

(Modest 1993). The authors have highlighted the interaction between turbulence and radiation in 

predicting radiative emission from flames and conceded that none of the commercially available 

techniques address this issue. Also, similarly to Gatski et al., the authors have cited Bray and 

Warnatz et al. (Bray 1996; Warnatz et al. 2006) in concluding that the use of DNS for numerical 

problems of this scale is not possible as the computational demand is excessive. The authors 

have reiterated claims made by Bray (Bray 1996) that LES will be successfully developed to 

become a useful tool for combustion modelling, without any further justification or proof. In 

hindsight, Bray‟s prediction has turned out to be true, as recent work by Hiremath et al. 

(discussed below) has confirmed the viability of LES as a useful combustion tool. 

 

Hiremath et al. have shown that a hybrid LES/PDF model can be implemented in parallel 

efficiently, using in situ adaptive tabulation and a reduction mechanism to represent the 

chemistry, and a new parallelisation strategy named Partitioned Uniformly Random Distribution 

(P-URAN) developed at Cornell University, to reduce the computational demand (Hiremath et 

al. 2011). P-URAN distributes the chemical computations randomly amongst a subset of the 

CPUs, as opposed to distributing the task uniformly amongst all CPUs. The authors claim that 

this is the most efficient parallelisation method they have studied, as it yields the lowest wall 

clock time, which is within 1.5 times the lowest achievable theoretical wall clock time estimate 

(theoretical estimate allows no time for communication between CPUs). The authors have used 

the HPDF solver, also developed at Cornell University (Wang and Pope 2011) which can be 

coupled with LES or RANS, to simulate the Sandia Flame D, a piloted CH4/Air jet flame 

operating at Reynolds number Re = 22,400 (Barlow and Frank 2003). The study has used a non-

uniform structured grid of size 192×192×96, resulting in approximately 3.5 million cells for the 

LES solver, with 40 particles per LES cell producing an overall 141 million particles in the 

computational domain, which was computed with up to 9216 cores using x2f_mpi parallelisation 

strategy. The study by Hiremath et al. highlights the computational challenge posed by combined 

LES/PDF methods, requiring the use of computing clusters with a high number of processors 

(~10,000), albeit with the attractive prospect of high accuracy. 

 

The studies presented above have used different approaches to modelling combustion and 

turbulence, with the k-ε model featuring repeatedly due to its relative accuracy for engineering 

purposes and low computational cost. It is important that the advantages and limitations of the 
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numerical models used are well known, and that the results are interpreted with this in mind. The 

use of other advanced numerical models, such as LES and DNS for turbulence and combustion 

modelling, has become more accessible in recent times with the advancement in computational 

power and parallelisation techniques. However, the application of these techniques for everyday 

engineering applications such as flare tips, with modest computing resources, seems out of reach. 

These techniques can however be used at a smaller scale, to evaluate the accuracy of results 

obtained by more traditional methods in large scale engineering applications.  
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3. Oxidation Studies on Common Flare Tip Alloys 800H and 625. 

3.1. Introduction 

Previous attempts have been made to increase the service lifetime of gas flares by changing the 

design and the use of more corrosion and heat resistant alloys, but these changes have given 

mostly marginal improvements. A change from the use of stainless steel AISI 310 and other 

steels to higher nickel and chromium containing alloys such as the 800 Alloys, Alloy 625 and 

Alloy RA333® has shown some improvement (Huang 2007; Rolled-Alloys-USA 2008). 

 

The aims of this study were to investigate the performance of alloys 800H and 625, currently 

used in flare tips. The key parameters investigated have been oxidation resistance and toughness 

after high temperature exposure. This has been studied by thermally exposing samples of these 

alloys to high temperatures for extended periods and investigating the nature of oxide scales 

formed, the influence of thermal cycling on growth kinetics and integrity of the oxides. The 

mechanical properties and relative cost of alloys in the 800 series and alloy 625 were discussed in 

section 2.1. Alloys Under Consideration (p.35). 

 

3.2. Materials and Methods 

A description of the experiments that have been designed to evaluate the oxidation and fatigue 

behaviour at high temperature and the operating temperature of a flare tip are given in this 

section, starting with an outline of the materials used. 

 

3.2.1. Materials 

A list of the materials that have been used in this study is given below. These include new “as-

received” alloys and materials from a range of oil and gas production facilities. 

 

1. Alloy 800H: purchased from Special Metals in hot rolled, annealed and descaled plate 

condition; cut to dimensions of 8 × 20 × 60 mm. 

 

2. Alloy 625: purchased from Special Metals in hot rolled, annealed, descaled plate form 

cut to dimensions of 8 × 20 × 60 mm. 
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3. Fulmar Flare tip (alloy 800HT): material from the failed flare tip from the Fulmar 

platform, North Sea (2004). Cylindrical in shape, with bolt holes along the top edge for 

attachment of wind stabilisers (see Figure 3.1). 

 

 

Figure 3.1 – Failed Fulmar flare tip after failure in 2004, from (Rafik 2007). 

 

 

4. Brent Bravo Flare tip (cast 800 type alloy: 37Ni18Cr):  A failed flare tip from the 

Brent Bravo platform in the North Sea (2007). This consisted of a central high 

pressure (HP) flare of diameter 40 cm, with flame stabilisers bolted on, and 8 

secondary flares each of diameter 20 cm surrounding the central flare, each without 

flame stabilisers. The central flare did not show any visible signs of damage, but the 

secondary flares had large cracks running down to the weld seam. Also, the secondary 

pipes that were supplying the gas to the flares had very large cracks along the weld 

where they had joined the main pipe. The secondary flares were the subject of failure 

investigations in this study. They were made of a cast alloy, similar in composition to 

800 series (37Ni18Cr), and welded onto pipes made of alloy 800H. The rest of the flare 

was made mainly of stainless steel 316L. The tip of the flare had twice the thickness 

compared to the welded end, which resulted in a cross-sectional taper. It is thought 

that this was a result of the casting process 

0.1 m
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Figure 3.2 – Brent Bravo Secondary flare tips. Flare tips are of dimensions 20 cm outer diameter 
× 20 cm height (tip to weld). Pictures show large cracks, originating from the top of the flare. 

  

15 cm
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5. The GS-A flare tip (alloy 800HT): an ex-service flare from the gas storage facility in 

Gas Station A (GS-A) (August 09). The GS-A flare was shipped to Imperial College for 

further examination. It appeared that the flare itself was intact; however the pilot 

burners had large cracks, originating from holes in the surrounding casing, which 

appeared to be designed to let in air to aid the combustion of gas (see Figure 3.3-b 

& c). 

 

 
Figure 3.3 – GS-A flare: (a) the flare tip at the centre appears to be largely undamaged. (b) & (c) 
pilot burners showing cracks originating from holes. 

  

(a)

(b) (c)

0.2 m

0.05 m 0.05 m
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6. The GS-B Flare Tip and Windshield (alloy 625): The Gas Station B (GS-B) flare 

and windshield were removed from the stack in October 2010, 13 months after 

installation. Samples were taken from the windshield and support brackets for 

characterisation. 

 

 

Figure 3.4 – The GS-B Flare tip, removed after 13 months in operation. Plastic deformation is 
evident at the top of the windshield (position 1). Numbers 1 – 5 indicate regions from which 
samples were taken for characterisation. 

 

 

 

3.2.2. Oxidation Studies 

To investigate the growth rates of the oxide 

layers on alloys 800H and 625, a series of 

thermal exposures in still air were conducted at 

temperatures of 800 °C, 900 °C and 1000 °C for 

periods of 100 hrs, 200 hrs, 400 hrs, 700 hrs and 

1000 hrs. To study the effect of thermal cycling 

on oxide layer thickness further samples were 

thermally exposed at temperatures of 800 °C, 

900 °C and 1000 °C, where they were cooled to 

room temperature and then placed back in the 

furnace at intervals of 100, 200, 400 and 700 hrs, 

before being finally removed from the furnace 

after 1000 hrs. 

 

1
2

3

4
5

Figure 3.5 – Surface finishing on different faces of 
thermally exposed sample. 

rolled 

angle ground 

rolled 

angle ground 

water cooled 

water cooled 
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The samples were prepared from rolled sheet of alloys 800H and 625. Strips of width 10 mm 

were cut off from the sheet using an angle grinder. The strips were then cut into cubic samples 

of dimension 10 × 10 × 10 mm using a water cooled cutting wheel. 

 

For initial treatments at 900 °C, the sample surfaces had not been polished before being placed 

in the furnace. On examination it became clear that the different surfaces showed different oxide 

thickness and morphology. It was therefore decided to first polish the surfaces of samples 

intended for future thermal exposures using SiC paper (800A grade), and to mark the different 

surfaces so that they could later be identified during characterisation. This procedure was 

implemented for samples exposed at 800 °C and 1000 °C. 

 

3.2.3. Impact Toughness of “As-Received” and Thermally Exposed Alloys  

Impact testing experiments were conducted to investigate the toughness of alloys 800H and 625 

after different periods of thermal exposure.  Charpy type specimens  of alloy 800H were 

prepared according to BS EN ISO 148-1:2010 (BSI November 2010), using Wire Electrical 

Discharge Machining (EDM) at The Test House (Cambridge) Ltd. These specimens had been 

notched (using a broach) and thermally exposed at 1000 °C (see Table 3.1 for details), prior to 

examination for crack growth and the effect of grain boundary oxidation on crack propagation. 

The behaviour of alloy 625 is described later in section 6.5. Embrittlement of alloy 625 and effect 

of remedial treatments (p.118). 

 

3.2.4. Examination of a failed secondary flare tip from the Brent Bravo Platform 

Charpy type specimens were cut out from the secondary flares from the Brent Bravo flare tip 

(cast version of alloy 800: 37Ni18Cr), perpendicular to the direction of crack propagation, and at 

positions close to and at a distance from the crack tip (see Figure 3.6). Optical and SEM 

characterisation was performed on the fractured surfaces to determine the effect of grain 

boundary oxidation. 
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Table 3.1 – A list of the Charpy specimens prepared is given below. 

  

Sample Alloy 
 

Thermal Exposure 
(hrs) 

Temperature (°C) Description 

1 800H - - “as-received” 

2 800H 2000 1000 thermally treated 

3 37Ni18Cr (Cast) ex-service - 
from failed Brent Bravo flare, 

away from crack 

4 37Ni18Cr (Cast) ex-service - 
from failed Brent Bravo flare, 

away from crack 

5 37Ni18Cr (Cast) ex-service - 
from failed Brent Bravo flare, 

near crack tip 

6 37Ni18Cr (Cast) ex-service - 
from failed Brent Bravo flare, 

near crack tip 

Figure 3.6 - Brent Bravo Charpy specimen taken as shown above. (a) four specimens were machined: 
two at a distance and two adjacent to the crack tip. (b) The flare has twice the thickness at the top 
compared to the lower end, resulting in a tapered cross section.  
 

(a) Charpy specimens, 
NB: orientation 

(b) Cross section view showing 
taper at the top of the flare 
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3.3. Results and Discussion 

 

3.3.1.  Oxidation Studies 

When samples of alloys 800H and 625 were removed from the furnace and allowed to cool to 

room temperature (RT), cracking sounds could be heard as the samples cooled and this was 

thought to be due to oxide spallation that occurs as a result of mismatch in the coefficient of 

thermal expansion (CTE) of the different oxide layers and the bulk alloy. The samples were 

subsequently mounted in resin and then polished. Optical and SEM examination was carried out 

and the resultant SEM micrographs can be seen below. 
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Figure 3.7 – SEM micrographs of oxide layers developed during thermal exposure of samples 800H and 
625 in air. Micrographs a-d show 800H samples and micrographs e-h show 625 samples. NB: All samples 
had rolled surfaces which had been polished (800A grade) prior to thermal exposure and are viewed end-
on (see Figure 3.5, p.64). 

Thermal exposure at 800 C

Alloy 800H Alloy 625

e)a)

b) f)

100 hrs

200 hrs

400 hrs

700 hrs

c)

d)

g)

h)

60 µm 60 µm

60 µm 20 µm

40 µm 40 µm

50 µm 50 µm
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Figure 3.8 – SEM micrographs of oxide layers developed during thermal exposure of alloys 800H and 625 
in air. Micrographs a-e show 800H samples and micrographs f-j show 625 samples. NB: Samples had not 
been polished prior to thermal exposure and are viewed end-on (see Figure 3.5, p.64). No distinction 
between surface finish was made. 

Thermal exposure at 900 C

10 µm 60 µm

60 µm

60 µm

100 µm

h)

400 hrs
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100 hrs

100 µm 60 µm

60 µm 60 µm

1000 hrs

700 hrs
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b) g)

40 µm

c) h)

d) i)

e) j)

Alloy 800H Alloy 625
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Figure 3.9 – SEM micrographs of oxide layers developed during thermal exposure of alloys 800H and 625 
in air. Micrographs a-d show 800H samples and micrographs e-h show 625 samples. NB: All samples had 
rolled surfaces which had been polished (800A grade) prior to thermal exposure and are viewed end-on 
(see Figure 3.5, p.64). 
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At 800 °C the data obtained from optical microscopy and SEM seem to disagree (Figure 3.10-

a & b).  Optical data indicates that in the case of alloy 800H, oxide thickness continued to grow 

to 400 hrs but tailed off at 700 hrs. Alloy 625, however, did not show any change in growth 

behaviour after similar periods of thermal exposure. SEM data showed that in the case of 800H, 

a significant amount of oxide had formed at 100 hrs but this started to spall off at around 

200 hrs. For alloy 625, very little oxide had formed after 100 hrs. An increase in the oxide 

thickness can be seen at 200 hrs; while at 400 hrs there was evidence of oxide spalling and this 

was even more severe at 700 hrs. 

 

At 900 °C, the data obtained from both optical microscopy and SEM (see Figure 3.10-c & d) 

showed an increase in thickness with increasing exposure time, but this growth stabilised at 

400 hrs (60 µm) from optical measurements and at 700 hrs (60 µm) from SEM. Unfortunately 

the data recorded here did not take into account the effect of surface finish on the different faces 

of the samples, also surfaces had not been polished prior to thermal exposure. The results from 

angle ground surfaces are thought to be particularly unreliable as angle grinding is a poorly 

controlled process. In order to allow an investigation of this effect, the samples oxidised at 

800 °C and 1000 °C were polished (up to 1 mm metal removed) prior to thermal exposure and 

faces with different surface finish were marked such that they could be identified in later 

examination. 

 

The agreement between optical and SEM assessment techniques is most evident at 1000 °C, (see 

Figure 3.10-e & f) where the oxide thickness of angle ground and rolled surfaces peaked at 

400 hrs and then tailed off. This effect is again thought to be due to spalling of the oxides that 

occurs as a result of residual stresses that form during growth of the oxide layers. Examples of 

this can be seen in Figure 3.9-c where a crack has started to form. An examination of failed flares 

indicates that a similar process has occurred to account for the surface morphology; in the case 

of a flare, stresses form because there is an increase in surface area on the outer layer of the flare, 

which has a cylindrical shape that leads to a build-up of internal stresses on the outer layer, and 

finally results in cracking.  It is also worth noting that the reduction in oxide layer thickness at 

700 hrs is greatest at this temperature for alloy 800H with a rolled surface. This can also be 

supported by the frequency and magnitude of the cracking noises that were heard upon 

removing samples from the furnace and then allowed to air cool to RT. This effect was most 

noticeable for 800H heated at 1000 °C compared to thermal exposure at 800 °C and 900 °C for 

the same alloy, and for alloy 625 at all temperatures. 



72 
 

Figure 3.10 –a-f shows the oxide layer thickness that has formed during thermal exposure in still 

air for alloys 800H and 625. At all temperatures, the build up of oxide layer increases until it 

peaks at between 400 – 700 hours and then tails off; this is thought to be due to the spalling 

effect as discussed previously. It is also interesting to note that data obtained using 

measurements based on optical microscopy show similar trends to data gathered using SEM 

techniques, apart from the results at 800 °C. This can be attributed to human errors due to 

measuring the oxide scale thickness that are of the order of just a few microns. 
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(a) – Oxide layer thickness against thermal exposure 
time; measurements are based on optical micrographs. 

(c) – Oxide layer thickness against thermal exposure 
time; measurements are based on optical micrographs. 
No distinction was made between surface finish. 

(d) – Oxide layer thickness against thermal 
exposure time; measurements are based on SEM 
micrographs. No distinction was made between 
surface finish. 

(e) – Oxide layer thickness against thermal exposure time; 
measurements are based on optical micrographs. 

(f) – Oxide layer thickness against thermal 
exposure time; measurements are based on SEM 
micrographs. 

(b) – Oxide layer thickness against thermal exposure 
time; measurements are based on SEM 
micrographs. 

Figure 3.10 – (a) - (f): Data from optical and SEM examination of alloys 800H and 625 oxidised at 800, 900 and 

1000 °C for up to 1000 hrs. The lines through the data points indicate overall trends. 

Alloy  625Alloy  800H Alloy  625 trendAlloy  800H trend
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Figure 3.11 – SEM micrograph of an alloy 800H sample thermally exposed at 1000°C for 200h. Elemental 
mapping shows the distribution profile of (a) Cr, (b) O, (c) Fe and (d) Ni. 
 

 

Chemical analysis and elemental mapping using SEM has shown that there are 2 oxide layers 

formed on the surface of both alloys (Figure 3.11). The outer layer is a mixture of Fe, Ni and Cr 

oxides and other elements, while the inner layer is a coherent chromium oxide layer which acts as 

a barrier to oxygen diffusion and protects the alloy from further oxidation. 

 

3.3.2. Oxidation of Alloys 800H and 625, with and without intermediate thermal shock 

Figure 3.12 shows the change in oxide layer thickness for alloys 800H and 625 with temperature 

and increasing heat treatment time and also the effect of thermal shock. It can be seen from the 

graphs that thermal shock had a detrimental effect on the developed oxide layer and this is 

especially evident at higher temperatures. At 800 °C, in the case of alloy 800H, thermal shock 

appears to have increased the oxide layer thickness, but it is likely to be an experimental error, as 

the difference of ~5 µm lies within the error range. 

  

60 µm

60 µm 60 µm

60 µm 60 µm

c) Fe d) Ni

b) Oa) Cr
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Figure 3.12 – The effect of heat treatment time and intermediate thermal shock on oxide layer thickness 
produced at (a) 800, (b) 900 and (c) 1000°C for alloys 800H and 625. 
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In order to further examine the effect of thermal shock, the oxide layer thickness of the 

thermally shocked samples has been compared with the samples heated for up to 1000 hrs 

(Figure 3.13). The data below indicates that the effect of thermal shock is more pronounced at 

higher temperatures, such that at 1000 °C the difference between the oxide layer thickness of 

isothermally heat treated and thermally shocked samples is 17 µm for alloy 800H and 8 µm for 

alloy 625. 

 

 

Figure 3.13 – Effect of thermal shock on oxide layer thickness for alloys 800H and 625 heated for 1000 hrs. 

 

However, the reduction in observed oxide layer thickness, which is due to spalling with each 

cooling cycle, is not the only consequence of thermal shock. It has been observed that 

thermally shocked samples show a significant increase in intergranular oxidation. This feature is 

particularly worrying as it can accelerate fatigue failure by providing preferential paths for crack 

propagation. Intergranular oxidation will lead to embrittlement and thus create easy paths for 

crack propagation. 
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In alloy 800H, thermal shock has been seen to accelerate intergranular oxidation from 100 µm 

to 150 µm (Figure 3.14). In the case of alloy 625 (Figure 3.15), there is also a significant 

increase; from 30 µm for the isothermal samples to 50 µm for thermally shocked samples. This 

is rather worrying for flare tips, as they are continuously turned on and off and effectively 

cycled from ambient to peak temperatures during service. 

 

 

Figure 3.14 – Section through alloy 800H showing intergranular oxidation after 1000 hrs of heat treatment 
at 1000°C: (a) isothermal heat treatment and (b) thermally shocked sample. The thermally shocked sample 
shows intergranular oxidation at a depth of up to 150 µm from the surface. 

 

 

 

Figure 3.15 – Section through alloy 625 showing intergranular oxidation after 1000 hrs of heat treatment at 
1000°C: (a) isothermal heat treatment and (b) thermally shocked sample. The thermally shocked sample 
shows intergranular oxidation at a depth of up to 50 µm from the surface.  

(a) (b)

100 µm 100 µm

50 µm
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50 µm
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3.3.3. Impact Toughness of “As-Received” and Thermally Exposed Alloys 

 

The results of Charpy impact tests on alloy 800H are given below. These tests were carried out 

on specimens made from the failed secondary flare tips from the Brent Bravo flare (material 

no. 4), an “as-received” untreated specimen of alloy 800H, and a specimen of alloy 800H that 

was thermally exposed for 2000 hrs at 1000 °C. 

 

Table 3.2 – Impact test results of Charpy specimens of alloy 800H and a failed Brent Bravo flare. 

 

* Specimens 1 and 2 were not of standard Charpy dimensions and the results have therefore been corrected by 
applying a factor based on cross sectional area. 

 

As expected, the “as-received” sample (1) shows the highest impact energy, followed by the 

thermally exposed specimen (2); the specimens from the Brent Bravo flare (3-6) have 

dramatically lower impact fracture energies due to service embrittlement, regardless of whether 

they were close to the crack or not. 

 

Special Metals have specified an impact energy of 145 J/cm2 for alloy 800 (room temperature, 

cold rolled, annealed). The impact energy measured here for the baseline sample (374 J/cm2) is 

much higher than this value. 

 

Knowles et al. have reported impact energies of 6-9 J/cm2 for ex-service specimens of a similar 

cast alloy, CT15C (20Cr32Ni1Nb), at room temperature (Knowles 2004). It is thought that the 

dramatic difference in impact energy of the Brent Bravo specimens compared to the thermally 

Sample Alloy 
 

Thermal Exposure 
(hrs) 

 
Temperature 

(°C) 
Description 

 
Impact Energy 

(J/cm2) 

1 800H - - “as-received” 374* 

2 800H 2000 1000 
“as-received” &  

thermally exposed 
85* 

3 
37Ni18Cr 

(Cast) 
ex-service - 

from failed Brent Bravo flare, 
away from crack 

2.9 

4 
37Ni18Cr 

(Cast) 
ex-service - 

from failed Brent Bravo flare, 
away from crack 

3.2 

5 
37Ni18Cr 

(Cast) 
ex-service - 

from failed Brent Bravo flare, 
near crack tip 

3.6 

6 
37Ni18Cr 

(Cast) 
ex-service - 

from failed Brent Bravo flare, 
near crack tip 

3.4 
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exposed specimen is due to the microstructure of cast alloys compared to rolled alloys. Knowles 

et al. have also attributed the brittleness of cast alloy 20Cr32Ni1Nb to the presence of niobium 

rich silicide phases which are extremely brittle at ambient temperatures. The authors claim that 

niobium appears to be a prerequisite for the formation of silicides. Niobium can be found in 

alloy CT15C (Nb 0.5-1.5 wt %) but it is unclear whether it was added in the alloy used to cast the 

Brent Bravo secondary flares. It therefore cannot be said with certainty that Nb is the cause of 

embrittlement in the flares. 

 

Rafik carried out similar experiments on ex-service components from the Fulmar flare tip, and 

found that there was little difference between the untreated rolled alloy 800HT (152 J/cm2) and 

Charpy specimens taken from close to the crack tip (147, 156 J/cm2) and away from the crack tip 

(156, 153 J/cm2) in the ex-service material (Rafik 2007). The Fulmar flare tip had been made of 

rolled sheet, and was expected to perform better than cast alloy. 

 

 

3.4. Summary 

The oxidation studies on alloys 625 and 800H have shown that while continuous thermal 

exposure is detrimental to corrosion resistance of the alloys due to the spallation of oxide layers, 

it was found that thermal shock, a consequence of frequent heating and cooling, has a more 

severe effect on the integrity of the oxide layer as it results in significant reduction in oxide layer 

thickness through spallation and a marked increase in intergranular oxidation along grain 

boundaries. 

 

The following chapter discusses methods employed to determine the operating temperatures of 

flare tips, and the effect of these temperatures on the stress distribution, integrity and ultimately 

lifetimes of flare tips. 
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4. Methods and Model Theory for Thermal Imaging and Stress 

Analysis to Predict Flare Tip Lifetimes 

4.1. Determination of Flare Tip Operating Temperatures 

Flare tips are often used under varying operating conditions such as gas flow rates, wind velocity 

and most importantly frequency of operation (effectively resulting in thermal fatigue). This leads 

to different operating temperatures and therefore specific stress distributions in the structure. To 

be able to understand the nature of the stress and its effect on the flare tip structure, an accurate 

determination of the operating temperature that causes the stress distribution is required. The 

different methods of temperature measurement that can be employed for this purpose are 

discussed below. 

 

4.1.1. Methods of Temperature Measurement 

The operating temperatures of flare tips are unknown. The flame temperature of combusting 

natural gas is 1960 °C (Reed 1986). Examination of the failed Fulmar flare tip revealed a degree 

of oxidation that could only be a result of temperatures above 900 °C (Rafik 2007). Thus the 

operating temperatures of a flare tip are estimated to be on the order of 1000 °C, but can 

theoretically reach flame temperatures. Figure 4.1 presents an overview of the secondary 

thermometers currently available and their corresponding temperature range. Of these, only 

resistance thermometry and Infra-Red radiation techniques have the required range to cover the 

operating temperatures of flare tips (0 - 2000 °C). Note that Rohsenow has used a logarithmic 

scale for temperature. 
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Figure 4.1 – Temperature ranges for common secondary thermometers after Rohsenow (Rohsenow 1998). 
The shaded area (orange) represents the expected temperature range of flare tips in service. 

 

Thermocouples are often used to measure temperature in industrial applications. To achieve 

accurate temperature readings thermocouples would need to be attached to the metal surfaces at 

different regions of the flare tip. This poses a number of problems, most importantly health and 

safety concerns, as thermocouples would need to be attached to the flare tip by hand. Workmen 

are not allowed on the flare stack unless the flare is extinguished completely, and yet the flare is 

never turned off for operational reasons, as the pilot is always kept on to allow for emergency 

gas release in the event of over-pressurisation in the plant. Thus attachment of thermocouples 
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during normal operational routine is not possible. In the event of a plant shutdown, 

thermocouples could be attached to the flare tip, but with the many heating and cooling cycles 

that flare tips experience, their lifetime would be limited, depending on how they are attached to 

the structure. Hence, the use of resistance thermometry in measuring actual flare tip 

temperatures is deemed unfeasible. However, this method can be used to calibrate temperatures 

obtained via IR methods in laboratory based experiments for verification purposes. 

 

4.1.2. Infra-Red Imaging 

Electromagnetic radiation is being constantly emitted and absorbed by objects around us. This is 

due to the motion of electrons in all materials. According to classical electromagnetic theory, an 

accelerated charged particle radiates energy and since the thermal motion of electrons and 

protons increases with temperature, it follows that continuous radiation emitted from any object 

will increase with temperature. 

 

The energy emitted covers the entire electromagnetic spectrum ranging from gamma rays 

(λ = 10-14 m) to radio waves (λ = 104 m). The infra-red spectrum ranges from the red limit of the 

visible spectrum at 0.72 μm to 1000 μm, and is itself subdivided into the near infra red region, from 

0.72 to 1.5 μm, the intermediate infra red region from 1.5 to 20 μm and the far infra red region from 

20 to 1000 μm (Jamieson 1963), although the boundaries between these limits are somewhat 

arbitrary. For example, the electromagnetic spectrum as described by Siegel (see Figure 4.2), does 

not define an intermediate region and reports minor variation in the limits of the near and far 

regions (Siegel 2002). 

 

The radiation emitted in the infra-red region can be captured to create thermal images and used 

as a method for temperature measurement. Thermal images are visual displays of the amount of 

infra-red energy emitted from an object, and can thus accurately record the temperature of 

surfaces emitting radiation. However, this imaging technique is highly sensitive to factors such as 

emissivity of the target surface, distance between target and camera, viewfactor of camera and 

humidity of the air between the object and camera. 
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Figure 4.2 – Electromagnetic spectrum, adapted from Siegel (Siegel 2002). 

 

4.1.3. Emissivity 

The emissivity of a substance is its ability to emit or reflect radiation compared to a black body. 

Emissivity can depend on the temperature of the emitting body, angle of radiation and 

wavelength of emitted radiation. It is experimentally measured in the normal direction to the 

emitting surface and is defined by Kirchhoff‟s law (Kirchhoff 1860): 

 

              (4.1) 

 

where    is total emissivity,    is the total radiant power per unit area and Ib is the equivalent 

quantity for a blackbody at the same temperature. 

 

A blackbody is a substance that absorbs all wavelengths of radiation hitting its surface and 

theoretically has an emissivity of 1. Any material with emissivity lower than one is called a 

gray body. 
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4.1.4. Associated Errors 

Emissivity is highly dependent on surface roughness, temperature, wavelength, view factor, and 

humidity of the medium of operation. For the purposes of imaging flare tips in a medium of air, 

the effect of view factors are ignored as the radiating surfaces are surrounded by radiatively non 

participating media. Deviation from standard humidity levels can lead to a change in refractive 

index and ultimately affect emissivity values. This was not considered during the experiments 

and is therefore considered as a source of error. 

 

The most significant factor affecting emissivity values is roughness of the radiating surface, 

where a polished surface produces low emissivity and a rough surface gives high emissivity 

values. Table 4.1 shows typical emissivity values for steel with different surface conditions. 

 

Table 4.1 – Typical emissivity values for steel with different surface conditions, after Siegel (Siegel 2002). 

 

Surface Condition Emissivity 

polished sheet 0.07-0.08 

mild steel, polished 0.27-0.31 

sheet with skin due to rolling 0.66 

sheet with rough oxide layer 0.81 

 

In the case of flare tips, surface roughness is mainly caused by the degree of oxidation and hence 

the thickness of the oxide scale. Figure 4.3 shows the variation in emissivity and oxide thickness 

with oxidation time for a nickel specimen maintained at 1100 °C in vacuum, in which air was 

gradually introduced at a rate of 10 cm3/min. The growth of oxide scales after 500 s coincides 

with a marked increase in emissivity which tails off after ~ 100 s, thereby confirming the 

correlation between the degree of oxidation and emissivity. Kobayashi et al. have attributed the 

oscillations in emissivity to interference between radiation from the oxide surface and that 

reflected by the surrounding metallic vacuum chamber. 
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Figure 4.3 – Time variation in normal spectral emissivity of nickel in an oxidising environment (1100 °C), 
and in the effective thickness of oxide film on specimen surface: (a) emissivity at a wavelength of 1.1 um, 
(b) emissivity at 2 um, (c) emissivity at 3.7 um, and (d) for the effective thickness of the oxide film. After 
Kobayashi (Kobayashi et al. 1999). 

 

It would be ideal to accurately measure the emissivity of the target surface to enable precise 

determination of temperatures. However, this is not feasible in the case of a flare tip in 

operation; it is especially difficult due to the variation in surface conditions as a result of the 

presence of soot and corrosion products on the surfaces of the flare tip. The variation in 

temperature and colour of the surface will also affect the value of emissivity and thus makes 

measuring the emissivity accurately near impossible. Furthermore the dependence of radiative 

properties, especially with regard to wavelength and direction are not known to high accuracy. 

The assumption is therefore made that the surfaces are ideal i.e. gray and diffuse, and emissivity 

is assumed independent of surface temperature. This inevitably introduces errors in the 

temperatures recorded using this technique. For an analysis of these errors, please see Appendix 

A: Error Estimation for Infra Red Imaging Data (p.187). 
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4.2. Materials and Methods 

4.4.1. Optical Analysis 

Optical examination of the Gas Station C (GS-C) flare tip was conducted using a Canon EOS 

550D with a Sigma 300-800 mm lens hired from Lenses for Hire Ltd.2 and a Canon EOS 400D 

with a 50-500 mm lens (see Case Study III – Thermal Imaging and Stress Analysis of the GS-C 

Flare Tip, p. 126). 

 

4.4.2. Thermal Imaging 

Thermal imaging was conducted using an Infra-Red (IR) camera and 12 degree lens hired from 

Thermascan Ltd.3. This provided a reasonable balance between resolution and field of view, 

which enabled the acquisition of images with the required detail to accurately assess the 

temperatures of the different regions of the flare tip and windshield. 

 

IR data acquired by this method is influenced by the radiation that is reflected from the flame 

and other surfaces. To eliminate this source of error the flare was turned on for 5-10 minutes to 

allow metal temperatures to equilibrate; the flare was then turned off and a sequence of IR and 

digital images immediately recorded. This enabled imaging of the flare tip and windshield to be 

made without interference from radiation from the flame. 

  

                                                 
2 Lenses for Hire Ltd., The Meridian, 4 Copthall House, Station Square, Coventry, CV1 2FL, UK. 
3
 Thermascan Ltd., The Granary, Crowhill Farm, Ravensden Road, Wilden, Bedford, Bedfordshire, MK44 2QS, 

UK. 



87 
 

4.3. Stress Analysis 

 

4.3.1. Model Theory 

In a flare tip, stresses are formed due to thermal energy applied to the flare tip from the flame. 

To enable stress analysis in this case, “heat transfer calculations are applied to solids in order to 

determine a temperature field, so that associated thermal stresses can be determined” (Cook 

2002). In the case of Finite Element Analysis (FEA), sequential coupling can be used where 

temperature influences stress but stress has no influence on temperature. Here, a single mesh is 

used for both calculations, whereby the software transfers computed nodal temperatures to 

subsequent stress analysis. 

 

Heat transfer through a solid generally occurs via conduction. However, heat may be transferred 

to or from a solid by either convection or radiation. In the case of a flare tip, heat is transferred 

via radiation from the flame and conduction through the solid. 

 

For a detailed description of how FEA is derived and implemented, the reader is referred to 

Zienkiewicz et al. (Zienkiewicz et al. 2005). 

 

4.3.2. Geometry & Meshing 

The geometry of the flare tip was created using GAMBIT©4
 (version 2.4.6). Some assumptions 

were made to keep the computational cost viable, such as to ignore non structural parts of the 

assembly. The main features of the model that were expected to be under high load and 

mechanical stresses due to expansion and contraction were incorporated in detail. 

 

The mesh was created with tetrahedral elements using an automatic mesher aimed at simplifying 

the meshing procedure. The mesh was refined in regions where high stress is expected, such as 

attachments, to increase accuracy in those regions. The geometry is only one element in 

thickness at the most coarse region, as heat transfer effects through the thickness of the plate are 

not considered to be significant. 

 

4.3.3. Initial Conditions 

Temperature dependent material properties have been applied to the model from data sheets of 

                                                 
4 © Copyright 2004 by Fluent Inc. 



88 
 

the specific alloys used. These are presented in Appendix B: Material Properties used for Stress 

Analysis (p.191). The temperature profiles obtained experimentally by thermal imaging have also 

been applied to the model. A summary of the mathematical functions used for the GS-B (Case 

Study II – Thermal Imaging and Stress Analysis of the NAM GS-B Flare Tip, p.100) and GS-C 

(Case Study III – Thermal Imaging and Stress Analysis of the GS-C Flare Tip, p.126) case 

studies is presented in the next section. 

 

4.3.4. Boundary Conditions 

A summary of the boundary conditions applied to the GS-B (p.100) and GS-C (p.126) models 

are presented in Table 4.2 and Table 4.3. It was assumed that the bottom of the flare had been 

fixed in all directions as it was welded to the lower part of the stack and thus could not move. 

 

Heat can be transferred to the flare in three different ways; by conduction, convection, and 

radiation. Conduction is controlled by the thermal diffusivity of the alloy. The fluid surrounding 

the metal, its velocity and fluid properties govern heat convection to and from the metal. A heat 

transfer coefficient of hc=34 W/(m2K) was assumed between the inner wall of the stack and the 

cool gas (before ignition occurs), and hc=30 W/(m2K) was used between all other regions of the 

model and the surrounding air. The value of heat transfer coefficients was varied such that a 

good approximation between the experimentally measured and applied temperature profiles were 

achieved (see Figure 6.11, p.111). Radiation was controlled by the emissivity and surface 

condition of the alloys in question. 

 

The IR temperature profiles were approximated by applying a heat flux via a Gaussian 

distribution that allowed one side of the model to heat up. A second heat flux was applied to the 

top of the flare tip with a decreasing gradient to account for the temperature change from the 

top of the windshield to the bottom of the stack. Further heat fluxes were applied to the support 

brackets to improve temperature approximation in these regions (see Table 4.2 & Table 4.3). 

 

A sensitivity study detailing the values used for heat flux, amplitude and x and y spread of each 

Gaussian function for the temperature boundary condition of the GS-B model is presented in 

Appendix C: Sensitivity Study for Temperature Boundary Conditions for the GS-B Model 

(p.196). A similar sensitivity study was carried out to obtain the temperature boundary condition 

for the GS-C model, but it is not presented to avoid repetition. 
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Table 4.2 – Table of prescribed boundary conditions for the GS-B model. 

 

Boundary Condition Value Magnitude Distribution 

temperature (°C) T= T (x,t) 
controlled by applied 

surface heat flux, see below   

surface heat flux (W/m2) 

 
qA=q(x,t) 

applied to specific parts of 

model using following 

functions: 
  

  

overall vertical gradient 500,000 Y/20 

  

windshield - outer wall 400,000 (1*exp(-(((X-1.5)*(X-1.5)/(2*(1)*(1))+((Z+4)*(Z+4)/(2*(2)*(2))))))) 

  

windshield - inner wall 500,000 (1*exp(-(((X-1.5)*(X-1.5)/(2*(1)*(1))+((Z+4)*(Z+4)/(2*(2)*(2))))))) 

  

stack - vertical gradient 80,000 Y/10 

  

stack - downwind 70,000 3*exp(-(((X-1.1)*(X-1.1)/(2*(500)*(500))+((Z+3)*(Z+3)/(2*(10)*(10)))))) 

  

upwind support bracket 50,000 uniform 

  
all other support brackets 100,000 uniform 

surface convection 

(W/m2) q=hc (T-T0)    

film coefficient 

(W/m2 K) 
hc=hc (x,t) 

   

stack - inner wall 34 
  

all other regions 30 
  

initial temperature 

(°C) 
T0 10 

  

radiation (W/m2) q=ε×σ(T4-T04) 
  

emissivity ε 0.57 
  

Stefan-Boltzmann 

constant (W/m2 K4) 
σ 5.67×10-8     

 



90 
 

Table 4.3 – Table of prescribed boundary conditions for the GS-C model. 

 

Boundary Condition Value Magnitude Distribution 

temperature (°C) T= T (x,t) 
controlled by applied 

surface heat flux, see below   

surface heat flux 

(W/m2) 

 

qA=q(x,t) 

applied to specific parts of 

model using following 

functions: 
  

  

overall 100,000 uniform 

  

windshield - outer wall 12,000 (1*exp(-(((X-1.5)*(X-1.5)/(2*(1)*(1))+((Z)*(Z)/(2*(2)*(2))))))) + Y 

  

windshield - inner wall 15,000 (1*exp(-(((X-1.5)*(X-1.5)/(2*(1)*(1))+((Z)*(Z)/(2*(2)*(2))))))) + Y 

  

stack - vertical gradient 1,000 Y/10 

  

stack - downwind 15,000 (1*exp(-(((X-0.6)*(X-0.6)/(2*(1)*(1))+((Z)*(Z)/(2*(2)*(2))))))) + 2*Y 

  

support brackets 70,000 (1*exp(-(((X-1.5)*(X-1.5)/(2*(1)*(1))+((Z)*(Z)/(2*(2)*(2))))))) 

surface convection 

(W/m2) q=hc (T-T0)    

film coefficient 

(W/m2 K) 
hc=hc (x,t) 

   

stack - inner wall 34 
  

all other regions 30 
  

initial temperature 

(°C) 
T0 10 

  

radiation (W/m2) q=ε×σ(T4-T04) 
  

emissivity ε 0.57 
  

Stefan-Boltzmann 

constant 

(W/m2 K4) 

σ 5.67×10-8     
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4.3.5. Cyclic Stress Conditions 

Each time the flare is turned on and then off, an expansion and contraction will occur in the 

entire flare tip structure. To account for this, a cyclic thermal load has been applied to the model 

which will induce a cyclic stress response. Each heating cycle is applied such that the flare tip 

reaches peak temperatures and stabilises. The thermal load is then turned off until the flare tip 

returns to ambient temperatures. This enables the model to evaluate stresses and strains exerted 

on the structure during peak and ambient temperatures and also to monitor these values with 

increasing number of cycles.  



92 
 

4.4. Lifetime Prediction 

The present model is aimed at predicting the lifetime of flare tips in operation. The model 

predicts the stress distribution as a result of expansion when heated to peak temperatures, 

contraction when cooled to ambient temperatures and also the cyclic stresses and strain 

developed during thermal cycling. These values can be used to calculate the lifetime of the flare 

tip based on creep and fatigue calculations. 

 

4.4.1. Creep 

Creep failure calculations have been conducted using the Larson Miller equation as described 

below (Larson 1952): 

                             (4.2) 

where, 

LMP = The Larson-Miller parameter, derived empirically from experimental data.  

T = temperature (K) 

CLM = a material specific constant, 20.7 for alloy 625  

tr = creep life rupture time (hrs) 

 

C is a constant found experimentally for each alloy, and the value of the LMP is dependent on 

the temperature and stress levels. Temperatures known from thermal imaging and the stresses 

calculated from the FEM model will be used to calculate an LMP value. The equation may be 

used to calculate the time, tr, for creep failure. 

 

The Larson Miller equation is the most widely used parametric relation for creep life prediction 

(Hertzberg 1996), e.g. in creep life determination of gas cooled reactors (Kim et al. 2010), service 

exposed turbine blades (Marahleh et al. 2006) and crude oil heaters (Mazaheri et al. 2010). This 

study is the first to make use of the Larson Miller relation for creep life prediction of flare tips. 

However, this method is not without limitations; namely the need for large amount of testing to 

generate statistically significant distribution of creep test data, the need for a material specific 

constant (C) and also providing a conservative estimate of rupture life at long times (Koul et al. 

1984). In the case of alloy 625, adequate experimental data exists to determine LMP values and 

the material specific constant (C = 20.7 for alloy 625). See Appendix D: Creep Life Data for 

alloy 625 (p.199) for experimental data. 
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4.4.2. Thermal Fatigue 

Thermal fatigue due to cycling between a low and a high temperature will result in cyclic 

mechanical stress and strain. The most common method for assessing the lifetime of such a 

component is to apply the Coffin-Manson Law (Manson 1953; Coffin 1954): 

 

     
             (4.3) 

where, 

Δε= accumulated plastic strain 

Nf = number of cycles to failure 

    and     are experimentally derived constants. 

 

The cyclic strain exerted on the windshield with each thermal cycle is calculated using the FEM 

model. This data was then used to calculate the number of cycles to failure by applying the 

Coffin-Manson Law. This relation has been used extensively to estimate low cycle fatigue 

lifetimes, for example in extruded magnesium alloy (Lin and Chen 2008), gas turbine blades 

(Kim et al. 2011), lead free solder joint (Chen et al. 2009) and superalloy IN718 (Praveen and 

Singh 2008). This study is the first to use the Coffin-Manson Law to predict low cycle fatigue 

failure in flare tips. 

 

4.5. Summary 

Using the experimental methods and theory presented in this chapter, thermal imaging and stress 

analysis has been conducted on three flare tips to determine operating temperatures and 

ultimately lifetimes (see Chapters 5 – 7). In the first of these cases, a flare of simple chimney 

design was examined. Case Study II was conducted on a new design with a venturi shaped 

windshield, intended to improved combustion efficiency which produced significant flame 

impingement. Finally, Case Study III was conducted on a variation of the design studied in Case 

Study II, the major difference being the use of bolts as opposed to weldments to secure the 

windshield to the stack. The successive case studies each presented an increased level of 

complexity, requiring adaptation of the techniques used to successfully assess the suitability and 

ultimately lifetimes of the flare tips. The cases are the first published studies on flare tip 

operating temperatures and offer insight into temperatures experienced during different modes 

of operation and how they affect flare tip integrity.  
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5. Case Study I – Thermal Imaging of GS-A Flare Tip 

5.1. Introduction 

This is the first of three case studies conducted on flare tips in operation, aimed at determining 

flare tip operating temperatures and ultimately lifetimes. Flare tip designs are many and varied, 

but the simple chimney design studied here is one of the most common flare tip designs used in 

the industry. The flare tip examined in this study was in operation for 11 years, with no major 

damage and is considered a good design. It was only replaced during a routine maintenance as a 

precautionary measure. This case study offers insight into operating temperatures that are 

sustainable by alloys currently used for flare tips. 

 

A thermal imaging study was carried out on the flare tip at GS-A gas storage facility. The design 

of the flare was relatively simple. The flare consisted of a stack with three angled pilot burners. 

The regions between the pilots were fitted with wind strakes to reduce the effect of wind on the 

flame. These strakes were in plate form with a slight angle towards the top of the stack. The 

stack had a sleeve structure inserted at the top to act as a flame holder. It is thought this sleeve 

had a dual effect as it cooled the flame holder which was in contact with the flames by funnelling 

cool gas around it. Temperatures have been measured at increasing gas flow rates. All gas flow 

rates quoted in the thesis have been normalised against standard temperature and pressure (STP). 
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Figure 5.1 – Engineering drawing of flare tip installed at GS-A. The sleeve inserted at the tip of the flare 
makes use of the cold gases as coolants. 
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5.2. Experimental Procedure 

The stack was estimated to be approximately 40 m in height, with a diameter of 24 inches 

(0.61 m). The stack was made from alloy 310S, with a top section 1 m in length made from 

alloy 800HT. The flare tip was welded onto the 310S section which is in turn connected to the 

flare stack by a flange. The whole structure was surrounded by a perimeter fence at a diameter of 

about 50 m. 

 

Figure 5.2 – Schematic diagram of flare stack site with wind direction and camera positions. 

 

5.3. Results & Discussion 

Imaging was conducted from the downwind, upwind and sidewind positions. In order to avoid 

interference from flame reflections and flame lapping, flaring was continued for a few minutes 

until metal temperatures were stable, after which flames were extinguished and IR images were 

recorded immediately. Imaging was conducted at a range of gas flow rates, from 

100 × 103 m3/day to 2,000 × 103 m3/day. At high gas flow rates, the effect of wind was minimal 

and flame lapping was not observed, thus metal temperatures did not rise above 300 °C (Figure 

5.3). At low gas flow rates, the prevalent wind pushed the flame to one side and thus metal 

temperatures reached higher values (Figure 5.4). In this case metal temperatures varied from 

135 °C to 390 °C from the upwind to downwind regions, yet they did not reach damaging levels. 

It is interesting to note that, the flame holder sleeve inserted at the top of the stack creates a 

funnelling effect which cools the tip of the stack by passing cool unburnt gas around it and it 

would follow that it also cools the sleeve, although this cannot be seen from the image.  
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Figure 5.3 – Peak flaring (~ 2,000 × 103 m3/day), showing flame temperatures of ~ 1100 °C. Flare tip metal 

temperatures do not exceed 300 °C. Image taken from position 3 (see Figure 5.2). 
 

 

Figure 5.4 – Flame lapping causes higher metal temperatures as seen in (a) low flame lapping and (b) 
intermediate flame lapping. Both images taken from position 5 (see Figure 5.2), which was slightly off 
downwind as the wind direction had changed. 

 

5.4. Summary 

From the data obtained at GS-A, and with the adjustments made from calibration and emissivity 

measurements, it can be concluded that the temperature of the flare tip does not rise above 

400 °C. Flame lapping occurred at low gas flow rates. At peak flaring (high gas flow rates), there 

was no contact between the flame and the metal, and it seems that the metal temperature was 

lower, possibly due to the cooling effects of the unburned gas. The high pressure gas expands as 

it rises up the stack and is below ambient when it leaves the flare tip and ignites. Under these 

conditions, the flame stands off the top of the stack. At low gas flow rates, the flame sits on top 

of the flare and the prevailing wind may cause the flame to lap over the flare stack. 
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The GS-A flare tip was removed from service and replaced by a similar flare tip (Figure 5.5) in 

August 2009 and the old flare was shipped to Imperial College for examination. It appeared that 

the flare itself was intact; however the pilot burners had large cracks, originating from holes in 

the surrounding casing, which appeared to be designed to let in air to aid the combustion of 

gas (Figure 5.6). 

 

 

Figure 5.5 – Replacement GS-A flare tip prior to installation. 

 

The new flare appeared to be very similar to the old flare, the one major difference being a 

perforated windshield in place of the wind strakes that can be seen on the old flare. 

0.5 m
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Figure 5.6 – GS-A flare: (a) the flare tip at the centre appears to be largely undamaged. (b) & (c) pilot 
igniters showing cracks originating from holes. 

  

(a)

(b) (c)

0.2 m

0.05 m 0.05 m



100 
 

6. Case Study II – Thermal Imaging and Stress Analysis of the 

NAM GS-B Flare Tip 

6.1. Introduction 

The flare tip studied in this case study had a more complex design compared to that of GS-A, 

consisting of a large venturi windshield attached to the main stack. As a result of having such a 

large windshield, the detrimental effects due to flame impingement were increased as flames 

engulfed the windshield at low gas flow rates and in the presence of a prevailing wind. This 

raised concerns about the lifetime of the flare tip. Thermal imaging was conducted to determine 

operating temperatures which were then applied to an FEM model for stress analysis. The 

resulting stresses and strains were used to assess lifetime. 

 

GS-B is a gas processing and storage facility operated by the Nederlandse Aardolie Maatschappij 

(NAM). A new flare tip design was installed at GS-B in August 2009, to replace the old flare tip 

that had been in operation since 1998. The new flare consisted of a simple stack, with a venturi 

shaped windshield welded onto the main stack at four points (Figure 6.1). The windshield was 

perforated with holes of 20 cm in diameter. The top of the stack was surrounded by 18 nozzles 

for secondary gas which were designed to lift the flame upwards in the event of flame 

impingement. The upper section of the flare tip was made of alloy 625, while alloy 310 was used 

in the lower sections which were not expected to reach high temperatures. 



101 
 

 

Figure 6.1 – Engineering drawing showing the GS-B flare tip with complex venturi shaped windshield. 
(1) Windshield, alloy 625. (2) Internal Support Brackets × 4, alloy 625. (3) Upper Stack, alloy 625. (4) Lower 
Stack, alloy 310. (5) Support gas nozzle × 18 & (6) Pilot × 3, alloy 310. 

 

The old flare tip had also included 18 flame support burners, three igniters and a cylindrical 

windshield, approximately 2 m in diameter. The windshield had been fabricated from a 

perforated sheet of a high temperature oxidation resistant alloy 800H (Figure 6.2-a). An 

inspection in 1996 had revealed a crack running between perforations along the fourth and fifth 

row of holes (Figure 6.2-b). The mechanical integrity of the windshield was retained by bolting 

on several strengthening straps that bridged the crack. At the same time, a weld repair was made 

to cracks found in the supporting brackets (Klein 2009). 
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Figure 6.2 – (a) The old GS-B flare tip, removed in August 2009 and (b) cracked windshield with 
reinforcing straps. 

 

Variations of the new design were installed at three onshore gas facilities in Northern Holland 

and Portugal. Two installations had shown worrying levels of flame impingement when flaring at 

low gas flow rates. This raised concerns about the suitability and lifetime of the new design and a 

thermal imaging study was therefore requested. 

 

 

Figure 6.3 – GS-B flare and windshield installed in August 2009, flaring with a gas flow rate of 
~ 300 × 103 m3/day. Note the downwash of flames around the stack. 
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6.2. Thermal Imaging 

IR thermal imaging was used to accurately determine the temperature gradients both across and 

down the flare tip. A FLIR thermal imaging camera (P640 series, Thermascan Ltd of Bedford, 

UK), with a seven degree lens was used. The camera was able to record a temperature range of 

300 – 1500 °C, with a reported accuracy of ± 2%. Calibration of the camera had been checked 

prior to taking measurements. 

 

IR thermal imaging is a technique that is sensitive to reflections, emissivity, and to a lesser extent 

atmospheric humidity. Therefore, flaring was maintained at a fixed gas flow rate until 

temperatures stabilised (5 mins.) and imaging commenced for 18 seconds immediately after the 

flare was stopped. Estimating the emissivity of the metal surfaces was also crucial. This was done 

by comparing adjacent regions on the windshield that were assumed to be at similar 

temperatures, where one was covered with carbon (i.e. soot, with an assumed emissivity close 

to 1) while the other was oxidised alloy. An average emissivity of 0.57 was thus obtained. It 

should be noted that this value is an estimate and an accurate value can only be obtained on 

close inspection of the windshield, which in this instance was not feasible. This value was applied 

to the entire flare tip, and this inevitably introduced errors as regions that were covered with soot 

showed higher temperatures as they had been assigned a lower value for emissivity. The 

temperature errors associated with the nature of the radiating surface and the emissivity 

corrections were estimated to be ± 100 °C (see Appendix A: Error Estimation for Infra Red 

Imaging Data, p.187). Using this method the following results are obtained and the values are 

given in Figure 6.5. 

 

6.2.1. Downwind metal temperatures 

Metal temperatures have been measured at the top, middle and bottom of the windshield, the 

top of the stack, and two of the support brackets that hold the windshield in place. Values were 

obtained by calculating a line average over the regions shown in Figure 6.4. 
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Figure 6.4 – Thermal image of flare tip, with dark lines showing positions where temperature readings 
were taken from. 

 

 

The variation in temperature at these positions, with increasing gas flow rate, is presented in 

Table 6.1 and plotted in Figure 6.5. The start of each thermal imaging sequence began after the 

gas flow had been turned off and when no flames were observed to be leaving the windshield. 

Each recording sequence was continued for approximately 18s. An analysis of the data has 

provided the following summary. 

 The maximum metal temperature recorded was 1005 °C and was found at the middle of 

the windshield at a gas flow rate of 836 × 103 m3/day. 

 Metal temperatures fell slightly as the gas flow rate was increased to 1100 × 103 m3/day. 

With high gas velocities the flame stood well above the stack, thus reducing the amount 

of heat received by the windshield. 

 Temperatures at the bottom of the windshield were generally 300-350 °C lower than in 

the middle or the top of the windshield. 

 Temperatures were highest at the start of a recording sequence, just after the flare was 

turned off, falling slightly as the heat radiates away. Hence metal temperatures at the start 

of each sequence would have been higher than those recorded, and this has been 

incorporated in the ± 100 °C error. 

 From the upwind and downwind viewing positions two of the support brackets that held 

the windshield in place could be seen. Metal temperatures here ranged from 553 °C to 

865 °C, with an average temperature of about 750 °C. A higher degree of confidence is 

given to the downwind temperatures since the values obtained were averaged from a 

larger number of data points. 
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Table 6.1 – Downwind metal temperatures obtained immediately following extinguishing of flare flames. 
Estimated temperature errors ± 100°C, see Appendix A: Error Estimation for Infra Red Imaging Data, 
p.187. 

 

 

Figure 6.5 – IR Temperature against gas flow rates for five different regions on windshield and flare stack: 
top, middle, bottom, stack and downwind support bracket. Temperature errors ± 100 °C, see Appendix A: 
Error Estimation for Infra Red Imaging Data, p. 187. 

 

6.2.2. Upwind metal temperatures 

Less data was collected for the temperatures in the upwind (UW) direction. However, the data is 

important since it establishes the thermal gradients across the windshield and the support 

brackets. Table 6.2 and Figure 6.6 show the temperatures at gas flow rates of 230 and 

975 × 103 m3/day. Downwind (DW) temperatures at similar gas flow rates have also been 

plotted for comparison and it is evident that upwind metal temperatures were generally 300-

400 °C lower than downwind temperatures. The temperature gradient becomes less severe as gas 

flow rate increases and flame downwash is minimised. 

Gas flow rate 

(103.m3/day)

Temperature (°C)

Top of 

shield

Middle of 

shield

Bottom of 

shield
Stack

Downwind 

metal support 
Upwind metal 

support 

320 965 970 650 905 806 865

600 987 987 645 810 795 836

836 996 1005 575 588 748 813

1100 989 892 512 535 693 801

240* 962 907 546 556 553 563

* plus 30% support gas

300

500

700

900

1100

200 400 600 800 1000 1200

T
e
m

p
e
ra

tu
re

 (
°C

)

Measured Gas Flow Rate (×103 m3/day)

Top

Middle

Bottom

Stack

Downwind Support

unstable flame
transitory

flame
stable flame



106 
 

Table 6.2 – Upwind metal IR temperatures (°C) against gas flow rates for five different regions on 
windshield and flare stack: top, middle, bottom, stack and downwind support bracket. Estimated 
temperature errors ± 100°C, see Appendix A: Error Estimation for Infra Red Imaging Data, p. 187. 

 

 

Figure 6.6 – Temperatures measured at points upwind (UW) along the windshield and stack at increasing 
gas flow rates. Downwind (DW) temperatures at similar gas flow rates have also been plotted for 
comparison. 

 

6.2.3. Flame Stability 

Flame stability was found to vary with gas flow rates. A plot of peak metal temperatures versus 

flow rates, showing regions of unstable, transitory and stable gas flaring is shown in Figure 6.5, 

with the associated still and IR images below in Figure 6.7. The temperatures shown 

superimposed on the thermal images represent average values taken from line scans in each 

region, the regions being chosen to avoid atypical hot or cold spots due to variations in surface 

emissivity. 

 

The precise position of the boundaries between unstable, transitory and stable flaring  would 

require the acquisition of further data points for flow rates of between 400 and 

800 × 103 m3/day. 
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Figure 6.7 – Images of flare in operation with corresponding IR image, taken immediately after flames 
were extinguished, showing temperature profile of windshield and stack: (a) gas flow rate 320 (× 103 m3/d) 
with prevailing wind. (b) gas flow rate 644 (× 103 m3/d) with prevailing wind and (c) gas flow rate 
1,079 (× 103 m3/d).  
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6.2.4. Flame Stability with Increasing Support Gas 

The support gas was found to raise the flame up into the windshield reducing the lapdown 

distance and taking the flames away from the windshield support brackets. However, as the 

support gas flow rate reduced much more rapidly than the gas to the main flare, the situation 

when both gas flow rates stopped simultaneously actually never occurred. While the exact effects 

of increasing the support gas on the temperature of the various flare tip components is not 

known, from visual observations, and limited IR data, it appeared to reduce the temperatures in 

the lower regions, e.g. in the support bracket region, see Figure 6.8 with associated still images. 

 

With 0% support gas the flames were seen to envelop the entire windshield, and were estimated 

to lapdown some 3.5 m from the top of the wind shield. With 10% and 15% of support gas the 

flames are raised up the windshield and the lapdown distance was reduced to about 1.0 m. A 

similar lapdown is seen with 30% of support gas. Thus the flare would appear to be stabilised 

with between 10% and 15% of support gas. 

 

Figure 6.8 - Flame stability and flare lapdown distance (m) as a function of support gas (%). 
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6.2.5. Flaring with 30% Support Gas 

Figure 6.9 shows a still image of the windshield viewed from a downwind position when flaring 

with 30% of support gas. Sooted areas, used for the emissivity calculations are clearly visible. A 

thermal image, taken after the flames had subsided, has again been annotated to show the 

positions chosen for temperature measurement. The indicated temperatures represent average 

values taken from line scans in each region. The values in brackets show temperatures as a result 

of flaring without support gas, quoted for comparison. It is evident that support gas significantly 

reduces the temperatures in the lower regions of the flare tip, most significantly at the top of the 

stack by up to 350 °C. 

 

Figure 6.9 – Flaring with 30% support gas and corresponding IR image showing temperature profile of 
windshield and stack. Temperatures of different regions are shown on the IR image with temperatures 
resulting from flaring without support gas shown in brackets. 
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6.2.6. Windshield Deformation 

Initial examination of the windshield suggested deformation in the downwind region. Following 

this observation, it was decided to take images of the windshield at regular intervals to examine 

the deformation and monitor the flare tip‟s integrity. Figure 6.10-a shows minimal deformation 

observed on initial inspection, while Figure 6.10-c shows significant deformation after six 

months. 

 

Figure 6.10 – Distortions to the windshield as a result of flame impingement during transient conditions 
over a six month period. (a) image taken on 23rd November 2009, (b) image taken on 17th February 2010 
and (c) image taken on 14th April 2010.   
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6.3. Stress Analysis 

The stresses and deformations were predicted using FEM analysis based on the IR temperatures 

and boundary conditions discussed in section 4.3.4. Boundary Conditions (p.88). 

 

Figure 6.11 shows the temperature profiles applied to the windshield and stack along with a 

comparison of the measured and applied temperature profiles. The data shows very good 

agreement between the measured and applied temperatures, the maximum difference being 

70 °C or less. 

 

Figure 6.11 – (a) Applied temperature profiles at peak flaring: (i) downwind and (ii) sidewind. (b) 
Comparison of applied and measured temperature profiles in the downwind (DW) upwind (UW) at three 
different regions on windshield. See Figure 6.4 (p.104) for location of measured temperatures.  
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6.3.1. Static Stress Distribution 

Figure 6.12 shows the stress distribution in the windshield at peak temperature (i.e. up to 

1000 °C). The highest levels of stress (325 MPa) were in the support brackets. This is the yield 

stress of alloy 625 at 635 °C and predicts that the support brackets would undergo plastic 

deformation. This is caused by the expansion of the windshield when subjected to high 

temperatures. The supports act as constraints to this expansion, resulting in the development of 

the high stresses. The highest levels of stress are found around the weldments of the downwind 

support bracket which experiences the most expansion. 

 

Figure 6.12 – Stress distribution in flare at peak temperature: (a) top view and (b) side view. Note: 
maximum deformation is along wind direction. 

 

6.3.2. Cyclic Stress Distribution 

Repeated heating and cooling of the windshield leads to cyclic stresses being applied to the flare. 

Figure 6.13-a shows the stress distribution in the windshield after 10 thermal cycles. The top 

view shows considerable deformation compared with the original circular shape of the 

windshield. This is due to the repeated expansion and contraction that has been applied to the 

flare tip when the flare is turned on and off. However, the welded support brackets, which 

connect the windshield to the stack at four points, hinder the expansion and contraction, and 

this is most pronounced in the downwind direction, which is subjected to flame impingement. 

This results in an uneven expansion and contraction and ultimately leads to the distortion that is 

predicted by the model. The distortion was later observed optically (Figure 6.13-b). 
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Figure 6.13 – (a) Model predicted stress distribution and deformation in flare after 10 thermal cycles and 
(b) observed deformation after 6 months operation. Note: maximum deformation is along wind direction. 

 

6.4. Lifetime Predictions 

Using the temperature and stress data, the likelihood of failure in the flare tip via creep or 

thermal fatigue is analysed below. 

 

6.4.1. Creep Life Prediction 

Larson-Miller calculations have been made for key regions of the windshield and flare stack. The 

chosen locations were the top, middle and bottom of the windshield, the windshield support 

brackets and the region on the stack at the 625/310 weld (Figure 6.14). 
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Figure 6.14 – Locations selected for creep failure analysis on (a) support brackets and (b) windshield and 
stack. 
 

 

 

Predictions have been made using the Larson-Miller equation (equation 4.11, p.92). A plot of 

LMP for alloy 625 as a function of stress obtained by Mathew et al. (Mathew et al. 2008) is shown 

in Appendix D: Creep Life Data for alloy 625 (p. 199). 
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Table 6.3– Creep life predictions using the Larson-Miller equation for alloy 625. 

 

 

High stress levels were found at each end of the support brackets where the recorded 

temperatures during unstable flaring were 812 °C and 684 °C. Table 6.3 shows the data required 

for the Larson-Miller calculations at these points. The final column in Table 6.3 shows the 

predicted time (tr) for creep rupture failure. The shortest creep life failure time was found to be 

20 days at the position where the support bracket was welded to the inside of the windshield, 

Point 3 in Figure 6.14. 

 

Points 4 to 6 range from the top to the bottom of the windshield. Point 4, at the top, is where 

the recorded temperature was 906 °C. At this point the stress levels computed by the model 

were fairly low (~30 MPa); at this location‟s peak temperature, 906 °C, the yield point of 

alloy 625 is 205 MPa. It can be seen from optical images that the top of the windshield has 

deformed plastically at two locations and thus must have experienced stress levels above yield. 

The model only predicts a strong elastic deformation at the top of the windshield for flaring at 

300 × 103 m3/day. However, higher flaring rates heat the top of the windshield more, and might 

be the cause of the observed plastic deformation or perhaps even a combination of flaring may 

have caused the deformation. This was not simulated as the focus of this study was failure of the 

support brackets where the worst condition was observed at 300 × 103 m3/day. 

 

The predicted life at point 7, where the top of the stack (alloy 625) is welded to the lower part of 

the stack (alloy 310), was found to be essentially infinite (6x1017 days) due to the much lower 

temperatures. 

  

Point
(see Fig.6.14)

Stress (MPa) LMP Temp (°C) tr (days)

1 65 26866 812 480

2 121 25433 813 22

3 314 22366 684 20

4 30 30000 906 2318

5 118 25390 744 768

6 321 22350 595 4663

7 119 25400 364 6E+17
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6.4.2. Thermal Fatigue Prediction 

When an in-service component held in constraint is thermally cycled between a low and a high 

temperature, then a cyclic mechanical stress will develop. The most common method for 

assessing the lifetime of such a component is to apply the Coffin Manson equation (equation 

4.12, p.93). 

 

The flare tip has been cycled from ambient to peak temperatures by varying the magnitude of 

applied heat flux on the entire structure according to Figure 6.15. A total of 100 cycles were 

applied to the model, where during each cycle the flare was heated for 100 s and the heat was 

removed for 1500 s to allow the flare tip to cool to ambient temperature. 

 

 

Figure 6.15 – Variation of peak temperature as a function of applied heat flux. The magnitude of heat flux 
is cycled from 0 to 1 to correspond with ambient and peak temperatures of the flare tip. 

 

Experimental fatigue failure data for alloy 625 has been taken from the work of Bui-Quoc (Bui-
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approximately 0.008 (0.8%). When this value is used in conjunction with the data in Figure 6.17, 

the number of cycles to failure is seen to be approximately 100 cycles. The use of Figure 6.17 has 

required an extrapolation of the curve for the number of cycles to failure to an area just beyond 

the experimental data points. 

 

Figure 6.16 – Maximum equivalent plastic strain observed in upwind support: (i) model predicts maximum 
strain at support weld and (ii) average plastic strain of 0.008 per cycle. 
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Figure 6.17 – Average plastic strain of 0.008 (0.8%) equates to a fatigue life of ~100 cycles, after Bui-Quoc 
(Bui-Quoc 1990). At 4 flares per month, this gives a predicted lifetime of 25 months. 

 

Operational data supplied by the gas processing station for a period of four months from 

September 2009 indicated that transient and unstable flaring occurs approximately four or five 

times per month, with each flaring lasting for about 30 minutes. Thus, the lifetime of the 

windshield support brackets from failure by thermal fatigue would be approximately 25 months. 

 

 

6.5. Embrittlement of alloy 625 and effect of remedial treatments 

 

Alloy 625 is a nickel based superalloy, widely used in industry due to its superior mechanical 

properties and resistance to corrosive environments, oxidation and carburisation at high 

temperature. Applications include heat exchangers and recuperators in power generation(Maziasz 

and Swindeman 2003), in water cooled nuclear reactors as core and control rod components 

(Ehrlich et al. 2004; Special-Metals-Corporation 2006), in the aerospace industry due to high 

rupture strength, creep and tensile properties, in sea water environments due to high corrosion-

fatigue strength, resistance to pitting and crevice corrosion, and chloride-ion stress-corrosion-

cracking (Sexton et al. 2002; Special-Metals-Corporation 2006). The alloy is also used extensively 
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in the chemical processing industry (Mathew et al. 1999; Special-Metals-Corporation 2006). Alloy 

625 was originally designed as a high strength alloy for main steam line piping in supercritical 

steam plants (Eiselstein 1991). The composition of alloy 625 is shown in Table 6.4. 

 

Table 6.4 – Limiting chemical composition (wt.%) of alloy 625, after Special Metals Corporation (Special-
Metals-Corporation 2006) 

 

 

Nickel provides the matrix, imparts the high stress-rupture strength to this alloy and contributes 

to corrosion resistance in reducing environments, neutral salt and alkali solutions, and 

particularly in preventing stress corrosion cracking. Mo (acting as a matrix stiffener) and Cr 

improve room temperature strength while also significantly improving corrosion resistance. Cr 

provides excellent resistance to oxidising solutions, while Mo increases resistance to pitting 

corrosion and corrosion in reducing environments. Additionally, Mo, Cr and especially Ni 

improve creep strength. Al and Ti, while considerably improving creep performance, are 

maintained at low levels to minimise the effect of age hardening of the alloy and also to improve 

weldability and brazeability (Eiselstein 1991). 

 

Despite widespread use in a range of industrial applications, alloy 625 undergoes embrittlement 

when exposed to temperatures in the range 600 – 800 °C. Eiselstein, who was involved in the 

development of alloy 625 in the 1950s, reported age hardening effects in samples maintained at 

649 °C for 200 hrs. To overcome this problem, the levels of Al and Ti, elements known to cause 

age hardening in nickel based superalloys, were reduced to current specification levels, yet a 

significant loss in ductility after exposure to temperatures in the range 593 – 816 °C was still 

observed (Eiselstein 1991). This lead to the development of alloy 718, where the age hardening 

property was exploited by alloying with controlled amounts of Ti and Al (Thomas 1994; Mathew 

2008). 

 

The loss of ductility in alloy 625 has been attributed to the detrimental effects of the presence of 

γ″ and δ phases. γ″ is a metastable body centred tetragonal (BCT) phase with composition 

Ni3Nb, Al, Ti and abcdef stacking sequence, which confers most of the alloy‟s strength and is used 

in age hardening, while the δ phase is a stable orthorhombic Ni3Nb phase with abab stacking, 
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which is not coherent with the matrix and only contributes to hardening as a dispersant 

(Eiselstein 1991). Unlike most nickel based superalloys, where the precipitation of γ′ (Ni3Al, Ti) 

is responsible for strengthening, in alloy 625 this effect is due to the precipitation of γ″ 

(Eiselstein 1991; Mathew et al. 2004). γ″ precipitates are generally observed below 727 °C, while 

above 727 °C they transform into δ phase precipitates with a characteristic needle shape. The 

size and morphology of the δ phase increases with increasing temperature until it fully dissolves 

into the matrix at very high temperatures (Mathew et al. 2004). 

 

Previous work has shown that hardening of alloy 625 is mainly due to the formation of 

extremely fine and uniform γ″ precipitates (Thomas 1994). The study was carried out on ex-

service samples that had been in operation for 50,000 hrs at 500 °C. Thomas found that samples 

heat treated at 650 °C for 12 hrs achieved an impact energy of 61 J/cm2, up from 19 J/cm2 prior 

to treatment, yet lower than “as-received” toughness of 110 J/cm2 (Haynes-International-Inc. 

2009). It was argued that these remedial treatments worked due to an over aging effect and 

transmission electron microscopy showed a dramatic drop in γ″ precipitates. 

 

Re-solution annealing of service exposed (60,000 hrs at 660 °C) samples for 1 hr at 1160 °C has 

shown significant improvement in ductility, from 6% after service exposure to 53% after re-

solution annealing and also a reduction in tensile strength from 925 MPa after exposure to 

470 MPa after re-solution annealing (Mathew et al. 2004). These properties compare well with 

tensile strength and ductility of “as-received” material at 479 MPa and 54% respectively. The 

recovery in toughness was attributed to the formation of δ precipitates at 750 °C and subsequent 

coarsening with increasing temperature. However, studies by Thomas et al. showed a recovery in 

toughness to a level lower than “as-received” properties, and this has been attributed to the 

presence of δ precipitates. Previous work has also reported a peak in hardness values with aging 

temperature of solution annealed, cold worked samples (Kohl 1981). 

 

Other phases that contribute to the hardening of alloy 625 are metal carbides of the type M23C6 

and M6C, and below 600 °C Ni2(Cr,Mo), a Pt2Mo type phase associated with the  phase (Ni3Al). 

 

6.5.1. Experimental Procedure 

In the present study, Charpy impact testing was conducted to investigate the effect of heat 

treatment temperature on impact fracture energy. Samples were made according to 
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BS EN ISO 148-1:2010 (BSI November 2010) and were heat treated for 1000 hrs at 650, 760 

and 870 °C. Impact testing was conducted at room temperature using a Zwick/Roell RKP450 

machine. 

 

Standard Charpy specimens were made from an ex-service flare tip made of alloy 625 (see Figure 

6.18) that had been in service for 1 year to investigate the degree of embrittlement after service 

exposure. The samples had experienced different temperatures during flaring depending on their 

position (see Table 6.5). It is also important to note that the flare had been used in cyclic mode, 

and it is possible that different regions were briefly subjected to higher or lower temperatures 

during heating and cooling as a result of the flare being turned on and off. The data given in 

Table 6.5 are peak temperatures relating to the most frequent mode of operation. 

 

 

Figure 6.18 – Positions of samples taken from the windshield and support bracket of a flare tip that had 
been in operation for 1 year. Plastic deformation is evident at the top of the windshield (position 1). 

 

Table 6.5 – Operating temperature of ex-service samples. 

 

To investigate the effectiveness of remedial heat treatments as described in the literature 

(Thomas 1994; Mathew et al. 2004), further samples taken from regions 4 & 5 were heat treated 

for 24 hrs at 1050 °C and Charpy impact testing conducted. 
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6.5.2. Results and Discussion 

Impact testing of “as-received” alloy 625 following a heat treatment at 650, 760 and 870 °C 

confirmed the occurrence of embrittlement (Figure 6.19). Each of the data points is an average 

of 3 values. For comparison, data from Special Metals Corporation and Haynes International has 

also been plotted (Special-Metals-Corporation 2006; Haynes-International-Inc. 2009). Data 

provided by Haynes is in agreement with the findings of this study, confirming the most severe 

embrittlement in samples that had been treated at 760 °C. Special Metals have not specified 

impact energies above room temperature, raising concern about the toughness of the alloy at 

high temperatures. The results confirm previous findings where the decrease in ductility has been 

attributed to the formation and increase in the density of γ″ precipitates. 

 

 

Figure 6.19 – Impact energy of “as-received” alloy 625 following heat treatment at increasing temperatures. 

 

To investigate the effect of embrittlement in ex-service alloy 625, as used in flare tips, Charpy 

impact testing was conducted. The results showed significant embrittlement for samples taken 

from all positions in the flare tip, and especially from position 3 (see Figure 6.18 & Figure 6.20) 

where a maximum temperature of 650 °C is thought to have prevailed. This is the temperature at 

which age hardening is most severe. 
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Figure 6.20 – Impact energy of ex-service, annealed and “as-received” samples of alloy 625. For positions 
in windshield see Figure 6.18. Error bars correspond to standard deviation of ±σ from mean. 

 

Re-solution annealed samples show a significant recovery in toughness to a level comparable to 

“as-received” alloy toughness. This is because at 1050 °C, γ″ precipitates would have gone back 

into solution, and the alloy would return to its initial coherent matrix. 

 

Scanning electron microscopy (SEM) analysis was used to compare the fracture surfaces of 

service exposed and annealed samples (Figure 6.21). Despite the significant differences in Charpy 

impact energies for service exposed and annealed samples, all fractures showed evidence of only 

ductile fracture. 
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Figure 6.21 – SEM images showing fracture surfaces of service exposed and annealed samples. All surfaces 
show characteristics of ductile failure. 
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6.6. Summary 

This study has shown that the replacement of flare tips of conventional designs with new, but 

untried designs can lead to very high operating temperatures, severe plastic deformation of the 

flare tip and ultimately cause failure. 

 

Thermal imaging has shown that the temperature of the windshield described in this study 

reached 1000 °C or more under certain flaring conditions. When the windshield in question was 

constrained from thermal expansion, considerable thermo-mechanical stress was developed in 

the structure. Temperature gradients across the windshield as a result of the prevailing wind 

conditions produced uneven stress distributions leading to gross distortion of the windshield. 

The distortions were most pronounced in those parts of the structure that were at high 

temperatures where the alloy could deform plastically at relatively low values of stress. The 

deformation was observed to increase with time and the number of flaring cycles. 

 

The designs and alloys used in flare tip manufacture are many and varied, and there is little doubt 

that yet more designs and the use of even higher temperature alloys will be suggested. There is 

thus the need to have a rigorous process for assessing the effectiveness of a design to avoid 

expensive mistakes. 

 

While embrittlement of alloy 625 at intermediate temperatures, due to the precipitation of γ″ 

phase is a well known phenomenon, there is no agreement in the literature on the temperatures 

at which age hardening occurs, nor on the temperature and times for the re-solution treatment 

required to restore ductility. The present study has shown that a re-solution annealing treatment 

of 24 hrs at 1050 °C has been sufficient to recover the toughness of service exposed alloy 625 to 

“as-received” levels. 
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7. Case Study III – Thermal Imaging and Stress Analysis of the GS-C 

Flare Tip 

 

7.1. Introduction 

This chapter presents the final case study in the thesis. The design studied here is very similar to 

that of the GS-B flare tip, the major difference being the use of bolts to attach the windshield to 

the stack. The temperatures were determined by thermal imaging and the resulting stresses 

exerted on the flare structure and in particular the bolts were modelled and are presented. 

 

GS-C is a natural gas processing facility in North Holland also operated by Nederlandse Aardolie 

Maatschappij (NAM). At this plant, gas from more than 20 gas fields in the North Sea is cleaned, 

dried and then fed directly into a grid system, providing some 30% of the natural gas 

requirements for the Netherlands and North Germany. Daily purging of the gas cleaning 

facilities is carried out by burning the purged gas at the top of a 39 metre stack.  

 

The top section of the flare stack and windshield were replaced in the summer of 2009 as part of 

a programme to replace the Freon gas cooling plant with a propane refrigerant. The existing flare 

was said to be unsuitable for burning the anticipated volumes of propane and purge gases. The 

stack and windshield were therefore replaced with a flare which had a similar design to that 

installed at GS-B. It was claimed that the replacement stack and windshield, with a radically new 

design, would have improved combustion efficiency, thus reducing the amount of black smoke 

from the combustion process. Once installed, it was observed that when flaring at moderately 

low gas velocities (10 – 350 (× 103 m3/day)), and with prevailing winds of Force 4 (20 km/hr) or 

greater, the windshield and stack were enveloped in a downwash of flames similar to that seen at 

GS-B. Concern was expressed that the stack and windshield would be unable to survive the high 

temperatures. Additional concern was expressed regarding the lifetime of connections for the 

pilot gas burners and thermocouples, since connections for these facilities were also enveloped in 

the downwash of flames. With this concern NAM had proposed to replace the flare and 

windshield in the summer of 2011 with a flare of a more conventional design, but an assurance 

that the present flare and windshield would remain intact for a further 12 months was crucial to 

the planned replacement programme. 

 

Thermal imaging was proposed to obtain metal temperatures and temperature distributions 
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across and down the windshield and stack for stress analysis and lifetime predictions. Possible 

modes of failure that would be assessed included plastic deformation, creep, thermal fatigue and 

stress induced oxidation.  

 

7.2. The Flare Tip and Windshield    

The venturi shaped windshield that sat on top of the stack had a top diameter of 2.25 metres and 

a height of 1.89 metres. The conical shaped part of the venturi had four rows of perforations 

each with a diameter of 20 cm. Figure 7.1 shows the top section of the stack and the windshield 

prior to installation. The windshield was attached to the top of the stack by four support 

brackets, one end of each bracket being welded to the stack, while the other end was bolted to a 

plate that was welded to the inside of the windshield. The windshield and support brackets were 

made from 6 mm plate of alloy 800H with a weight of approximately 500 kg. Alloy 800H is an 

Fe-Cr-Ni alloy noted for its resistance to high temperature oxidation. 

 

 

Figure 7.1 – GS-C flare tip prior to installation. (a) view from below showing three support brackets and 
bolts and (b) view from top showing all four support brackets and flame stabilisers welded to the top of the 
stack. 

 

The flare tip installed at GS-C was very similar to that installed at GS-B, with two significant 

differences. Firstly, the windshield was made of alloy 800H, which has lower yield stress than 

alloy 625 used at GS-B. Secondly, the support brackets were bolted onto the windshield, whereas 

they had been welded in the case of the GS-B flare. Also, there are no support burners at the top 

of the stack. Thus, the top of the GS-C stack was relatively uncluttered when compared to the 

flare stack at GS-B (see Figure 7.2). 

 

An initial site visit indicated that the windshield at GS-C had not been distorted, despite the 

flaring conditions such as gas composition, flaring frequency and wind speeds being similar to 

(b)(a)
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those at GS-B. Similar flaring conditions would infer that the peak temperatures and thermal 

cycles experienced by the GS-C flare were similar to the GS-B flare. In addition, alloy 800H has 

lower strength at high temperature compared to alloy 625 and therefore it was expected that the 

GS-C windshield would have undergone more deformation than observed at GS-B. This 

indicated that the support constraints allowed some freedom for movement for thermal 

expansion and contraction, to relax the resultant stresses. It was therefore decided that while 

thermal imaging was being conducted, an examination of the bolts that were used to attach the 

windshield to the stack would be made using a high magnification optical photography. 

 

 

Figure 7.2 – Comparison of deformation seen at GS-C and GS-B, both after similar lengths of time in 
operation (~ 6 months). 

GS-BGS-C
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7.3. Results and Discussion 

7.3.1. Optical Analysis and Failed Bolts 

Prior to the site visit, an initial stress analysis of the GS-C flare, where the windshield was 

constrained by welds, had indicated there would be severe distortions to the windshield after 

only 100 thermal cycles. As this was not observed on the actual flare tip, a possible explanation 

was that the bolts that were supposedly acting as constraints had allowed some measure of stress 

relaxation. It then became crucial to examine the bolts using high magnification optical 

photography to assess the condition of the bolts and support brackets. 

 

The windshield was held in place by four support brackets, each bolted onto a plate with two 

M14 bolts (made of alloy 800H), the plates being welded onto the flare stack. Upon early 

examination a bolt was seen to be loose (Figure 7.6) and an M14 bolt resembling a bolt from the 

brackets was found on the ground underneath the flare stack (Figure 7.8). Further examination 

showed that of the eight bolts used to hold the windshield in place, three were missing and one 

was loose and observed to move from side to side during thermal expansion and contraction of 

the windshield. Of the remaining four bolts that were holding the windshield in place, one was 

loose on each bracket (Figure 7.3 & Figure 7.4). 

 

A detailed description of the condition of the bolts is presented below. 
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North West Bracket 

 

Figure 7.3 - North west bracket. Both bolts are in place, but upper bolt appears loose. 

 

 

South East Bracket 

 

Figure 7.4 - South east bracket. (a) Both bolts in place, but (b) lower bolt appears loose. 

 

 

South West Bracket 

 

Figure 7.5 - South west bracket. Both bolts are missing. 

  

(b)(a)
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North East Bracket 

 

Figure 7.6 - North east bracket. (a) Upper bolt is missing and (b) lower bolt is extremely loose. 

 

 

The schematic below provides an overall picture of the remaining bolts on the support brackets. 

 

 

Figure 7.7 - Summary of bolt situation in the GS-C Flare tip. 

 

Figure 7.8 shows the failed bolt recovered from the ground still had one nut in place. The 

studding and nuts were made of alloy 800H. The bolt was an M14 with studding of 51 mm 

length; the nut had been tack welded onto the studding on both sides to stop it from loosening. 

This has proved to be inadequate as the weld was broken and the bolt had become loose and 

finally fallen out. The middle of the studding had worn and this was due to the sliding of two 

6 mm plates that were resting on it. The nut and studding were both covered with an oxide layer 

that confirmed they were from the flare tip which had experienced high temperatures. The oxide 

layer thickness indicated exposure to high temperatures before the bolt had fallen out. 

(a) (b)

SW
Prevailing Wind

2 bolts missing

both bolts present,
upper bolt loose

upper bolt missing,
lower bolt very loose

both bolts present,
lower bolt loose
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SW SE
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Figure 7.8 – (a) Failed bolt recovered on site. The studding has worn in the middle where the two plates 
were resting on it and (b) the tack weld on the nut has failed. 

 

7.3.2. Metal Temperatures 

Metal temperatures were obtained for the windshield at gas flow rates giving a flame known to 

be unstable (between 100 to 300 × 103 m3/day), from downwind, upwind and sidewind 

positions. The experimental procedure used is outlined in section 4.2. Materials and 

Methods (p.86). Unfortunately, on the day of the trial, accurate gas flow measurements were not 

available. Also, an orifice plate had been installed prior to the trial to restrict the flow of gas due 

to operational requirements. This meant that peak gas flow rates could not be achieved and that 

the only measure of how much gas was being flared was the output of the orifice. It was found 

that with wind speeds on the day of the trial (varying from 3 to 4 Beaufort scale), unstable flaring 

(expected to cause highest temperatures) occurred with an orifice output of 50 %. Therefore all 

imaging was conducted with this condition. The errors relating to these results are discussed in 

detail in Appendix A: Error Estimation for Infra Red Imaging Data (p. 187). 

  

0 20mm

(a) (b)
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7.3.2.1. Downwind metal temperatures 

Downwind metal temperatures were recorded at three different gas flow conditions: (i) only 

pilots; (ii) 50 % orifice output; and (iii) 100 % orifice output. The maximum temperatures 

observed for each condition were: (i) 396 °C on the stack; (ii) 864 °C at the middle of the 

windshield; and (iii) 957 °C at the top of the windshield. Although the highest temperature was 

experienced with condition (iii), in this case the temperature of lower parts of the flare such as 

the stack and support brackets were lower than condition (ii) and hence this was a less damaging 

condition. Detailed temperature distributions are given below in Table 7.1. 

 

Table 7.1 – Downwind temperatures for windshield, stack and support brackets of GS-C flare tip. 

 

Orifice 

Output 

Averaged line plot of T (°C)  

top middle bottom stack NW support SE support 

only pilots n/a n/a n/a 396 289 208 

50% 842 864 828 746 692 615 

100% 957 913 474 496 469 507 

 

7.3.2.2. Upwind metal temperatures 

Upwind metal temperatures were recorded with the most damaging condition of 50 % orifice 

output, with a maximum temperature of 560 °C recorded on the SE support bracket. Detailed 

temperature distributions are given below in Table 7.2. 

 

Table 7.2 – Upwind temperatures for windshield, stack and support brackets of GS-C flare tip. 

 

Orifice 

Output 

Averaged line plot of T (°C) 

top middle bottom stack SE support NW support 

50% 490 531 395 523 560 509 

 

 

7.3.2.3. Sidewind metal temperatures 

Sidewind metal temperatures were also recorded with the most damaging condition of 50 % 

orifice output, with a maximum temperature of 779 °C recorded at NE support bracket. Detailed 

temperature distributions are given below in Table 7.3. 
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Table 7.3 – Sidewind temperatures for windshield, stack and support brackets of GS-C flare tip. 

 

Orifice 

Output 

Averaged line plot of T (°C) 

top middle bottom stack NE support SW support 

50% 343 411 371 556 779 397 

 

7.3.2.4. Night time optical measurement of metal temperatures 

As may be observed from the above data, the temperatures of the windshield and stack often 

exceeded 900 °C and should have been glowing bright red. In order to verify these temperatures, 

optical photographs of the flare tip were taken at night, from a position slightly off downwind 

(wind direction had changed from daylight conditions), immediately after flames were 

extinguished. This enabled a comparison to be made of temperatures recorded via IR against the 

degree of optical radiation observed (see Figure 7.9). 

 

Table 7.4 – Night time temperatures for windshield, stack and support brackets of GS-C flare tip. 

 

Orifice 

Output 

Averaged line plot of T (°C) 

top middle bottom stack SW support NE support 

50% 910 845 449 520 662 531 

 

Immediately after extinguishing the flame, the top of the windshield was observed to be glowing 

bright red, and then gradually darkening to a cherry red before finally emitting no visible 

radiation. This corresponded to the temperature recorded at the top of the windshield by IR and 

a behaviour that is expected from metals at high temperature (above 700 °C). These observations 

would have required further calibration to quantify accurately. 

 

 

Figure 7.9 – (a) Night time flaring; (b) glowing windshield immediately after flames are extinguished; and 
(c) infra-red image taken at same time as (b). 
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7.4. Stress Analysis  

7.4.1. Stress Analysis calculations 

Stress analysis was carried out on the GS-C windshield and flare stack using Finite Element 

Analysis software ABAQUS5. The geometry of the flare was created using engineering drawings 

provided by Nederlandse Aardolie Maatschappij (NAM6), and Europem7, the designer and 

manufacturer of the flare system (see Figure 7.10). Gambit (Fluent Inc.8) was used to create the 

geometry of the windshield and stack and ABAQUS was used to mesh the structure. 

 

In order to simplify the modelling and meshing procedure a few simplifications were made 

(see Figure 7.10): 

 

(a) Based on the temperature profile obtained from the infra-red (IR) images, it was 

decided that the model should cover the geometry of the flare that spanned from the top 

of the windshield to a region on the stack just below the 310/800H weld, a total length 

of ~ 3 metres. 

 

(b) The three pilot burners were omitted from the model as they did not carry any load. 

 

(c) Material properties for alloy 321 have been replaced by properties of alloy 310 for 

simplification as alloys 321 and 310 have very similar mechanical properties. Additionally 

the lower region of the model, made of alloy 321, was not expected to experience high 

temperatures or loads in the simulation. 

                                                 
5  © Copyright 2007, Dassault Systémes 
6 Nederlandse Aardolie Maatschappij B.V.Correspondentieadres: Postbus 25, 9600 AA Hoogezand, Kantoor: De 
Vosholen 66, Sappemeer. 

7 Europem NV., Mallekotstraat 65, B-2500 Lier (Antwerpen), Belgium. 

8 ANSYS UK Ltd., Sheffield Business Park, 6 Europa View, Sheffield, S9 1XH, UK. 
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Figure 7.10 – Engineering drawing of the flare tip and windshield at GS-C: (1) Windshield, (2) Support 
Plate with 2 × M14 bolts, (3) Support Bracket, (4) Stack and (5) Pilot. 

 

7.4.2. Alloy Properties 

The alloys used in the model follow the details specified in the engineering drawings. Two 

different alloys have been used for the windshield and stack. 

 

Alloy 310:  used for the lower part of the stack 

Alloy 800H:  used for the windshield, top of the stack, support brackets and bolts 

 

The physical and mechanical properties of the above alloys used in the model can be found in 

Appendix B: Material Properties used for Stress Analysis (p.191). 
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7.4.3. Boundary Conditions 

Similar boundary conditions to that applied to the GS-B model have been applied to the GS-C 

model (see section 4.3.4. Boundary Conditions, p.88 and Table 4.3, p.90, for a summary). The 

temperature profiles recorded by IR images have been applied to the model (Figure 7.11). These 

have been approximated by applying a heat flux via a Gaussian distribution that will heat up one 

side of the model to account for flame impingement. A second heat flux was applied to the top 

of model with a decreasing gradient to account for the temperature change from the top to the 

bottom of the windshield. 

 

 

Figure 7.11 – Temperature profile applied to the GS-C model. (a) Downwind view and (b) Sidewind view. 

 

7.4.4. Bolt Loads, Contact Criteria and Meshing 

To model the bolts accurately the analysis has been conducted in two steps. In the first step, a 

pre-load of 100 N was applied to each bolt. This simulated the force that was applied to the 

support plate and bracket once the bolt was fastened, and held the two parts together. Modelling 

the bolt loads also required the application of contact conditions to surfaces that were held in 

contact by the bolt. A standard “surface to surface contact” interaction was applied to these surfaces. 

An interference fit that acts to “gradually remove slave node overclosure” was also 

incorporated (ABAQUS 2007). Automatic stabilisation was also applied to the contact 

properties. These options were designed to improve the convergence of the calculations. 

 

In the second step, heat was applied via a Gaussian distribution for 100 seconds, until the metal 

reached peak temperatures and was then turned off for 1500 seconds to allow the structure to 
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cool down. This simulated the expansion and contraction that the flare tip experienced during 

each flaring cycle. 

 

A combination of tetrahedral and hexahedral elements were used to mesh the structure. The 

mesh was refined around the bolt holes and the bolts themselves, to increase accuracy of the 

calculations where the highest level of deformation was expected. 

 

Figure 7.12 – Mesh refinement used in the GS-C structure: (a) Support Bracket, (b) Support Plate 
and (c) bolt. 
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7.4.5. Preliminary Stress Analysis 

Since the flare tip at GS-C was made of alloy 800H, it was thought that it should have deformed 

much more than GS-B (alloy 625), as alloy 800H has inferior mechanical properties at higher 

temperatures compared to alloy 625. However, photographs from GS-C did not show any visible 

distortion. To investigate the behaviour of alloy 800H, the GS-B model (see Case Study II – 

Thermal Imaging and Stress Analysis of the NAM GS-B Flare Tip, p.100) was run with alloy 

property data corresponding to GS-C. It was found that alloy 800H would have behaved much 

worse than alloy 625 and thus the flare tip at GS-C should have shown deformation that was 

even more severe than that observed at GS-B (Figure 7.13). 

 

Figure 7.13 - Deformation to GS-C flare tip with welded brackets after (a) 10 cycles and (b) 100 cycles. 

 

The lack of deformation at GS-C indicated that the windshield was not sufficiently constrained, 

so that it could expand and contract without causing significant plastic deformation. This made it 

crucial to examine the condition of the brackets and bolts and therefore high magnification 

optical analysis was justified. The optical analysis confirmed the lack of constraints, as effectively 

four of the eight bolts that were designed to hold the windshield in place had failed (see section 

7.3.1. Optical Analysis and Failed Bolts, p.129). 
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7.4.6. Stress Analysis Results 

Upon discovering the failed bolts, it was decided to model the stresses exerted on the bolted 

constraints during each cycle to determine the stresses experienced by the structure. Figure 7.17 

shows the deformation experienced by the windshield, where at peak temperatures the expansion 

of the windshield causes separation of the support brackets and plates. After cooling to ambient 

temperatures it moves back to its original position, and thereby causing residual stress formation 

in the structure. The deformation has been exaggerated (deformation scale factor of 50) to 

highlight the displacements in the structure. It is interesting to note that unlike the GS-B 

windshield, the GS-C windshield is largely undamaged and that most of the deformation has 

taken place at the bolts. This is because the bolts allow for some movement during expansion 

and contraction and thus minimise deformation in the windshield. 

 

 

Figure 7.14 – Deformation of the GS-C Flare tip: (a) at peak temperature and (b) after cooling to ambient 
temperature. Deformation × 50. 

 

The movement of the windshield due to expansion leads to separation of the support bracket 

and plate, thereby exerting considerable levels of stress on the bolts (Figure 7.15). This 

movement is most severe at peak temperature levels and raises the stress levels in all four bolts 

(and surrounding regions), notably in the downwind region. Upon contraction, residual stresses 

form in the structure, most significantly in the downwind (NE) bolt and surrounding region as 

seen in Figure 7.15-b. 

 

Figure 7.16 shows a cross section view of the residual stress distribution through the bolts, 

confirming high stress levels in the downwind bolt. 
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Figure 7.15 – Movement and stress distribution in the support plate and bracket: (a) at peak temperature 
and (b) after cooling to ambient temperature. Movement between the plate and support bracket during 
flaring is evident. Deformation × 50. 

 

 

 

Figure 7.16 – Section through bolts showing stress distribution: (a) at peak temperature and (b) after 
cooling to ambient temperature. Deformation × 50. 
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The stress concentration after cooling to ambient temperatures is higher than at peak 

temperatures, especially in the downwind bolts where the stress reaches the yield stress of alloy 

800H. This stress is concentrated on the rim of the bolt (Figure 7.17) and corresponds to the 

position of the break in the tack weld observed in the failed bolt that was recovered on 

site (Figure 7.8, p.132). The model suggests that this was the first bolt to fail after only one 

thermal cycle. Further thermal cycling will lead to the successive failure of the remaining bolts as 

they will be under increasing levels of stress, due to the weight of the windshield. 

 

 

Figure 7.17 – (a) Stress distribution around the upper downwind bolt & (b) yield stress reached at rim of 
bolt. 

 

The model has shown that very high levels of stress are formed in the bolts even after one 

thermal cycle. It has confirmed the previous hypothesis, where it was thought that the 

windshield does not deform as it has room to expand and contract during thermal cycling. The 

stresses exerted on the bolts are unsustainable and therefore lead to failure of four bolts and 

ultimately the flare tip. 
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7.5. Summary  

 

Stress analysis showed that the windshield at GS-C should have deformed severely under the 

service temperatures it was subjected to. The lack of deformation pointed to the poor condition 

of the windshield constraints that were designed to hold the windshield in place. High 

magnification optical images showed that the bolts were in poor condition. Three bolts were 

missing and one was very loose, leaving only four bolts holding the windshield in place. Of the 

four remaining bolts two were observed to be loose. 

 

Temperatures of the windshield and flare stack at GS-C are similar to those found at GS-B, with 

a maximum temperature 910 °C in the unstable flaring mode and 957 °C in the stable mode 

occurring at the top of the windshield. Temperatures at the bottom of the windshield fell to 

approximately 800 °C. The stack reached a temperature of 725 °C and the brackets between 

600 °C and 700 °C. 

 

Following the study on the GS-C flare tip, NAM decided to remove the windshield from the 

stack immediately. Thus, a major flare tip failure and an unscheduled plant shutdown was 

prevented. 
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8. CFD Modelling of the Effect of Gas Flow Rates and Prevailing Wind 

Conditions on Temperature Profiles of a Simple Flare Tip 

 

Flare tips are required to operate under varying conditions of gas flow rates, prevailing wind and 

environmental considerations. It has become apparent that there is currently no rigorous analysis 

performed on new designs to evaluate their suitability and performance. In order to accurately 

evaluate factors such as metal operating temperatures, material requirements, lifetime & 

mechanical integrity, a predictive model needs to be developed that will take into consideration 

the operating conditions for any flare tip design. The operating conditions and material selection 

can then be looked at with a view to obtaining the longest life at lowest cost, whilst ensuring 

clean burn and minimising environmental impact. Chapter 4 presented a numerical model aimed 

at predicting mechanical integrity and ultimately flare tip lifetime, where the input temperature 

was based on experimental data from IR analysis performed on real life flare tips in operation 

(see Case Study II, p.100, and Case Study III, p.126). To extend this data to a truly predictive 

model, it is essential to calculate operating temperature profiles to evaluate flare tip design 

suitability prior to installation. The present chapter aims to develop a CFD model that simulates 

non-premixed combustion of gas and air in the presence of a prevailing wind, thereby calculating 

temperature profiles of the flare tip which can ultimately be applied to a stress analysis study and 

linked to material selection and lifing. 

 

8.1. The Effect of Flare Tip Design and Geometry on Temperatures 

Flare tips have been designed with varying geometries; some are very simple while others are 

very complex. The aim of this study is to establish guidelines for basic flare tip design. The most 

basic design, that of a simple chimney with a diameter of 66 cm, has been used to develop the 

model. The GS-A flare tip (see Case Study I, p.94) was modelled at the next stage to allow for 

validation of numerical results against experimental data. The GS-A flare tip is essentially a 

simple chimney, but with two additional features: a sleeve inserted at the top of the flare stack to 

act as both a flame stabiliser and to make use of the cool gases to dissipate heat from the metal, 

and a series of windstrakes installed around the top of the stack which act as a windshield.  The 

effect of variation in geometry on operating temperatures will be examined and subsequently 

validated against experimental data. 
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8.2. The Combined Effect of Wind and Gas Velocity on Temperature 

A severely damaging mode of operation for a flare tip is experienced when gas velocities are low 

compared to the velocity of prevailing wind. Under these conditions, a significant level of gas 

downwash is experienced which results in preferential heating of the flare stack in the downwind 

side due to direct contact with the flame (Figure 8.1). The large temperature gradient between 

the downwind and upwind regions causes a significant residual stress to build up, especially 

during cooling, due to the difference in thermal expansion of the hot and cold metal. This leads 

to plastic deformation on each heating and cooling cycle, which is likely to result in catastrophic 

failure after sufficient cycles due to thermal fatigue. 

 

 

Figure 8.1 – Effect of gas flow rates on metal temperatures for the GS-B flare tip. (a) Downwash observed 
at 300 × 103 m3/day, and (b) low gas flow rates (300 – 500 × 103 m3/day) result in an unstable flame with 
significant downwash, leading to high temperatures even in the lower parts of the flare tip. 
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8.3. Model Theory 

Commercial Computational Fluid Dynamics software (Fluent, version 6.3.26), that solves the 

Navier-Stokes equation combined with a combustion model, was used to assess the effect of gas 

flow rates and wind conditions on combustion behaviour and the resulting operating 

temperatures. The main gaseous constituents of flow are air and methane (fuel consists of 

85.31 % methane). For engineering purposes, both air and methane are considered 

incompressible at STP (McCabe et al. 2005). However, at the high temperatures experienced by 

the model due to combustion, the behaviour of the gases changes to compressible flow. For the 

sake of numerical simplicity, the model considers incompressible flow. The implications of this 

assumption are discussed in section 8.13. The Effect of Compressibility (p.169). 

 

Mass Conservation 

 

  

  
                (8.1) 

      

 

where   is density,    is time,    is the overall velocity vector and     is the mass added to the 

continuous phase from the dispersed second phase. 

 

Momentum Conservation 

 

 

  
                                    (8.2) 

    

 

where   is the static pressure,    is the stress tensor, and     and    are the gravitational body 

force and external body forces respectively. 

 

The stress tensor,   , is given by 

 

                
 

 
          (8.3) 

     

 

where   is the molecular viscosity,   is the unit tensor, and the second term on the right hand 

side is the effect of volume dilation. 
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The motion of a non-turbulent, Newtonian fluid is governed by the Navier-Stokes equation: 

 

                  
  

  
          (8.4) 

 

The above equation can also be used to model turbulent flow, where the fluid parameters are 

interpreted as time-averaged values. 

 

The analysis of turbulent flow is computed using the renormalisation group (RNG) k-ε model in 

Fluent, which is an improved version of the standard k-ε model. An overview of the standard k-ε 

model is presented, before modifications in the RNG model are discussed. 

 

Standard k-ε model 

The standard k-ε model is most commonly used for turbulent flows in engineering applications 

due to its robustness, economy and reasonable accuracy. It is a semi-empirical model, based on 

“phenomenological considerations and empiricism”(ANSYS 2010). The standard model 

determines turbulent length and timescales by solving two separate transport equations for 

turbulent kinetic energy (kt) and dissipation rate (εd). 

 

The derivation of the k-ε model assumes fully turbulent flow and negligible molecular viscosity. 

Thus, the model is only valid for evaluating fully turbulent flows. Modifications have been made 

to the model to address weaknesses and to further improve the model. One such modification is 

the RNG k-ε model, which has been used in this study. 

 

RNG k-ε model 

The RNG k-ε model was developed using renormalisation group theory (Orszag et al. 1993), and 

includes the following improvements (ANSYS 2010): 

 

 An additional term in the ε equation to increase precision for rapidly strained flows. 

 Accuracy of swirling flows is enhanced by incorporating the effect of swirl on turbulence. 

 An analytical formula is used to calculate turbulent Prandtl numbers, whereas the 

standard model uses user defined constants. 

 RNG theory makes use of an analytically derived differential formula for effective 
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viscosity that incorporates low Reynolds number effects, whereas the standard version is 

more suitable for high Reynolds number applications. Nonetheless, effective use of this 

feature depends on suitable modelling of near wall areas. 

 

The above modifications make the RNG k-ε model more reliable and accurate for a wider range 

of flows, such as swirling and rotating flows, compared to the standard k-ε model. A complete 

description of the application of RNG theory to turbulence is given in the work by Orszag et al.. 

Transport equations for the RNG k-ε model are given below. 

 

 

  
     

 

   
       

 

   
       

  

   
                   

 (8.5) 

 

and 

 

 

  
      

 

   
        

 

   
        

   
   

      
  
 
                 

  
 

 
         

(8.6) 

 

where    represents the generation of turbulent kinetic energy due to mean velocity gradients, 

   is the generation of turbulent kinetic energy due to buoyancy.    represents the contribution 

of fluctuating dilatation in compressible turbulence to overall dissipation rate.    and     are the 

inverse effective Prandtl numbers for   and    respectively.    and     are user specified source 

terms. 

 

The reader is referred to the Fluent Theory Guide (ANSYS 2010) for an in-depth discussion of 

the above terms and further intricacies of the RNG k-ε model. 

 

8.4. Simulating Combustion 

FLUENT™9 (version 6.3.26) was used to simulate gas flow around the flare tip. The built-in 

non-premixed combustion model was used with a probability density function (PDF) table 

calculated by the pre-processor in Fluent. The PDF, denoted as p(f) describes “the fraction of 

                                                 
9 Fluent is a registered trademark of ANSYS Inc. 
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time that the fluid spends in the vicinity of the state f ”(ANSYS 2010), thereby governing the way 

air and fuel are mixed. In Fluent, the assumed shape PDF is used as a closure model. 

 

Figure 8.2 is a plot of the probability density function p(f), and time against mixture fraction f at a 

point in flow. Fluctuations in f in the range Δf are highlighted and the area under the curve 

indicated on the PDF corresponds to the fraction of time that f spends in this region. This can 

be written as 

 

                
 

 
          (8.7) 

 

where t is the time scale and τi is the amount of time that f spends in the Δf region. 

 

 

Figure 8.2 – Schematic representation of the Probability Density Function, p(f), after ANSYS Inc. (ANSYS 
2010). 

 

The nature of the turbulent fluctuations in f determine the shape of the function p(f). However, 

in practice p(f) is not known and is estimated by a mathematical function that approaches the 

experimentally measured PDF shapes (Pope 1985; ANSYS 2010). In the assumed shape PDF 

model, the effects of turbulent fluctuations are modelled via assuming a shape for the mixture 

fraction PDF, for which transport equations can be solved and all instantaneous properties can 

be integrated over the PDF to obtain time averaged values. This is done by calculating gas 

properties from mixture fractions and storing the data in PDF look up tables that can be 

accessed by the solver when required (Brewster et al. 1999). The main advantage of the PDF 

approach is that convection and reaction transport can be calculated without approximation even 

in the case of variable density flows (Pope 1985). 
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Table 8.1 shows the composition of fuel and air applied to the model. Fuel composition is based 

on gas burnt at GS-C (Phaff 2010). Air composition was based on sea level composition at a 

temperature of 15 °C and standard atmospheric pressure (Lide 1997); the contribution of 

argon (0.93 % vol.) and carbon dioxide (0.04 % vol.) was considered negligible. 

 

 

 

Table 8.1 – Composition of air and fuel applied to CFD model. 
 

 
Constituents Volume % 

Fuel 

methane 85.31 

ethane 7.62 

nitrogen 2.78 

propane 1.76 

carbon dioxide 1.36 

Air 
nitrogen 78.99 

oxygen 21.01 

 

 

In most flare tips, ignition is facilitated by pilot burners that are always kept alight for safety 

requirements. To translate this into the model, three pilots have been placed at angles of 120 ° 

from one another, at a position just above the stack. These are maintained at a temperature of 

1000 K which is sufficiently high to ignite the gas (see Figure 8.4). 

 

Energy Equation 

Fluent solves the energy equation in the following form for the non-adiabatic non-premixed 

combustion model: 

 

 

  
                 

  

  
          (8.8) 

 

where    is the turbulent thermal conductivity defined by the specific turbulence model being 

used,   is total enthalpy and    accounts for all volumetric heat sources such as the heat of 

chemical reaction. When heat and mass transfer by convection take place simultaneously (i.e. 

Le=(thermal diffusivity α/mass diffusivity D) = 1), the conduction species and diffusion terms 

combine  to give the first term on the right hand side of the energy equation, while the 

contribution from viscous dissipation appears as the second term. 
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Buoyancy 

With the addition of heat, buoyancy driven flow can be induced due to the effect of gravity on 

fluids with temperature dependent densities. To account for buoyancy driven flows, gravity and 

density effects have been considered. 

 

Radiation 

The P-1 radiation model, which is the simplest version of the P-N model, is used in this study. 

The P-N model is based on “the expansion of the radiation intensity I into an orthogonal series 

of spherical harmonics” (ANSYS 2010). The equation below describes radiation flux,   , when 

only four terms in the series are used: 

 

    
 

             
       (8.9) 

 

 

where   is the absorption coefficient,    is the scattering coefficient,   is the incident radiation 

and    is a fluid property known as the linear anisotropic phase function coefficient.   can vary 

between −1 and +1, where a positive value indicates more radiant energy is scattered forwards 

than backwards and a negative value specifies more radiant energy is scattered backwards than 

forwards. A value of zero defines isotropic scattering, i.e. scattering of radiation in any direction 

is likely (ANSYS 2010). For the sake of simplicity, the Fluent default value of zero has been 

maintained in this study. The P-1 model is easy to solve with low computational demand, and 

works well for combustion applications with large optical thickness. It should be noted that the 

model assumes gray radiation, and surfaces to be diffuse, and that it is known to overestimate 

radiative heat fluxes from local heat sources. The study makes use of the weighted-sum-of-gray-

gases (WSGG) model (Siegel 2002) that computes emissivity of gas volumes as a function of 

temperature and partial pressures of CO2 and H2O, which is claimed to be the most commonly 

used method for calculation of radiation resulting from combustion gases (Jaiwant et al. 2001). 
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8.5. Thermophysical Properties 

The thermophysical properties of air and fuel are applied from the Fluent database.  The 

properties of the fuel depend on the mixing of air, methane and other fuel constituents. This is 

governed by the PDF table created by Fluent, which is based on fuel composition (see Table 

8.1). The PDF table can be reproduced in Fluent using the data provided in 11.5. Appendix E: 

Numerical Models and Thermophysical Properties used in CFD study (p.200). The properties of 

the flare tip structure, made of alloy 800 were based on data specified in 11.2.2. Material 

Properties of Alloy 800H (p.193). 

 

8.6. Boundary Conditions 

The domain and boundary conditions are shown in Figure 8.3. The flow is assumed to be 

significant only in the upper 10 metres of the flare stack, where combustion takes place and the 

effect of downwash is significant. Wind is applied at the left hand side of the domain as a 

velocity inlet at 5 m/s. This value is adjusted from wind measurements made at a weather station 

10 miles away from the GS-B gas processing plant. Gas is also applied as a velocity inlet at the 

bottom of the stack, although the velocity is varied to cover the range of flow rates experienced 

by flare tips examined in this study (see Table 8.3). Ignition of gas is achieved by three pilot 

burners maintained at a temperature of 1000 K (see Figure 8.4). The boundary of the domain is 

defined as a pressure outlet. A symmetry boundary has been applied halfway down the length of 

the domain, to reduce computation time. 
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Figure 8.3 – Domain for CFD simulation showing velocity inlets for air (light blue) and gas. All remaining 
surfaces of the domain are pressure outlets. The symmetry plane (orange) shows the symmetry boundary 
of the model. 
 

 

Figure 8.4 – Three pilot burners positioned just above the stack level to facilitate combustion. As a result of 
the symmetry plane, one pilot is completely ignored and another is modelled in half. 
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8.7. Meshing 

The geometry has been meshed using tetrahedral elements. The mesh is graded such that the 

finest elements are at the top of the flare (see Figure 8.5-b) where combustion occurs and metal 

temperatures are expected to be highest. This has been achieved by applying size functions to 

control meshing in the desired regions (see Table 8.2). The boundary layer inside the 

stack has also been finely meshed to enable accurate calculation of the boundary layer 

profile (Figure 8.5-c). 

 

Table 8.2 – Size functions applied to different regions in the mesh to control mesh refinement. 

 

Region Size Function 

all regions 

start size 0.0025 m 

growth rate 1.05 

max. element size 1 m 

boundary layer 

inside stack 

start size 0.01 m 

growth rate 1.1 

max. element size 1 m 
 

 

 

Figure 8.5 – Mesh of the Simple Chimney model viewed at the symmetry plane: (a) overall view of stack 
and pilots, (b) view of top of stack and pilot where combustion occurs and (c) finely meshed boundary 
layer at gas inlet. 
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8.8. Mesh Sensitivity 

To investigate the dependence of calculated results on the mesh, a mesh sensitivity study has 

been conducted. Figure 8.6 shows temperature dependence in the sidewind region of the stack 

on mesh refinement. Both peak and average temperatures increase linearly with increasing mesh 

refinement up to 5.8 million elements. Increasing the number of elements by a further 6 million 

only results in a marginal increase of 5 % in peak, and 4.2 % in average temperatures. The 

discretisation error is therefore judged to be at an acceptable level with a mesh size of 11.8 

million elements, and the results are within ~ 5 % of converging. 

 

 

Figure 8.6 – Temperature in the sidewind region with increasing mesh refinement. Both peak and average 
temperatures show low discretisation error at the finest mesh size. 
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8.9. Convergence 

Convergence of the results is judged by monitoring values of the scaled residuals and also their 

behaviour. For each variable, Fluent scales the residuals using a factor representative of the flow 

rate through the domain. The default convergence criteria in Fluent are 10-6 for the energy and 

P-1 (radiation) variables and 10-3 for all other variables. 

 

In this simulation, calculations have been done over 1000 iterations. Although the convergence 

criteria have not been reached, all the residuals have significantly reduced and reached a plateau 

level (see Figure 8.7) and further iterations do not reduce them further. The solution is therefore 

judged to have converged. 

 

 

Figure 8.7 – Scaled residuals of calculated variables with increasing number of iterations. 
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8.10. Cases studied 

Seven different cases, with gas flow rates ranging from 50 × 103 m3/day to 3,000 × 103 m3/day 

were studied (Table 8.3) and their effect on the temperature profile of the flare tip analysed. 

 

Table 8.3 – Description of gas flow rates applied in different cases (× 103 m3/day). 

 

Model Description Case 1 Case 2 Case 3 Case 4 Case 5 Case 6 Case 7 

Simple Chimney 50 200 400 600 800 1,000 3,000 

 

8.11. Simple Chimney Results 

Figure 8.8 shows an overview of the results obtained. At the lowest gas flow rate 

(50 × 103 m3/day equivalent to pilot gas flow), a small area in the downwind region of the stack 

reaches medium temperatures (~ 400 °C), but this area gradually moves upwind and increases in 

size as gas flow rate is increased and the flame is lifted above the stack. Above 800 × 103 m3/day, 

the stack temperature is less than 200 °C as the flame is sitting well above the stack and there is 

no flame impingement. For these conditions stack lifing against fatigue and creep failure would 

be near infinite (see section 6.4. Lifetime Predictions, p.113). 

 

The trends observed in velocity, fuel PDF (probability density function) and temperature profiles 

(see Figure 8.8) follow a similar upward trend in plume height, apart from that observed at 

1000 × 103 m3/day, which appears to deviate from the pattern of increasing plume height. It is 

thought that this occurs because a 3D phenomenon is being examined in only 2D and the full 

picture can only be understood if the problem is looked at in 3D. Figure 8.9 shows fuel PDF 

superimposed onto the temperature profile at the symmetry boundary (higher PDF threshold 

used to improve visualisation of secondary plume). 

 

A closer look at the fuel plume shows the secondary plume of gas forming on the downwind 

side, underneath the main gas flow plume. This effect is most pronounced at 1000 × 103 m3/day, 

where the secondary layer appears to be twisting back onto itself (see Figure 8.10). This may be 

the reason for the drop in plume height, as extra gas is funnelled through this second channel. 

The secondary plume is also observed at other gas flow rates, but it is most significant at a gas 

flow rate 1000 × 103 m3/day. 
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Figure 8.8 – Variation in Velocity, Fuel PDF, Temperature and Stack Temperature with increasing Gas Flow Rates. Velocity and Temperature profiles are viewed at the 

symmetry boundary.

8

6

4

2

0

20

15

10

5

0

24

18

12

6

0

28

21

14

7

0

32

24

16

8

0

36

27

18

9

0

100

75

50

25

0

1800

1350

900

450

0

750

562

375

187

0

V
el

o
ci

ty
 (

m
/
s)

F
u
el

 P
D

F
T

em
p

er
at

u
re

 (
°C

)

S
ta

ck
 

T
em

p
er

at
u
re

 (
°C

)

50 200 400 600 800 1000 3000

Gas Flow Rate (× 103 m3/day)

10 m

10 m

10 m

0.2 m



159 
 

 

 

Figure 8.9 – Fuel PDF and temperature at gas flow rate of 1000 × 103 m3/day: (a) temperature at symmetry 
boundary, (b) temperature and fuel PDF superimposed (fuel PDF is viewed at 0.65 opacity to show the 
underlying temperature profile), and (c) same as (b), rotated to show two distinct plumes, where only the 
primary plume intersects the symmetry plane. 

 

 

 

Figure 8.10 – Fuel plume height shown from opposite direction to symmetry plane. There appears to be a 
secondary vortex forming underneath the main plume, which is most pronounced (can be seen twisting 
back onto main plume) at 1000 × 103 m3/day. 

 

To investigate the occurrence of the secondary plume, further analysis has been done at gas flow 

rates of 900, 1200 and 1500 × 103 m3/day (see Figure 8.11). The results clearly show the 

initiation of the secondary plume at gas flow rates of approximately 900 × 103 m3/day and 

further growth into two distinct plumes with increasing gas flow rates. 
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Figure 8.11 – Fuel PDF, velocity and temperature at the symmetry boundary for gas flow rates of 900 - 
3000 × 103 m3/day. Two plumes of fuel can be seen clearly until they start to join at 1500 × 103 m3/day and 
are fully merged at 3000 × 103 m3/day. 
 

 

The separation of gas into two plumes increases the effect of wind on each plume and thus 

creates higher levels of downwash between 900 × 103 m3/day and 1500 × 103 m3/day. At 

1500 × 103 m3/day, the two plumes appear to rejoin at the top and form a larger plume, thereby 

reducing the effect of wind and lifting the plume higher at the top thereby creating a wavelike 

profile at the symmetry boundary. At a gas flow rate of 3000 × 103 m3/day, the two plumes have 

completely merged into a single plume showing lower levels of downwash. This pattern is 

consistent with the trend seen at gas flow rates of up to 800 × 103 m3/day. The deviation from 

the overall pattern is caused by the position of the sidewind pilot, which splits the gas into two 

distinct plumes. The secondary plume increases in size due to the increase in gas flow rates and 

starts joining somewhere between 1200 × 103 m3/day and 1500 × 103 m3/day, until eventually 

forming a single plume at between 1500 and 3000 × 103 m3/day. 

 

The position of the pilot in relation to the wind has had a significant impact on fuel distribution 

and is therefore an important factor that needs to be taken into account when designing a flare 

tip. However, in this instance, as the interaction between the pilot and gas flow only becomes 

significant at high gas flow rates, its effect on stack temperatures is minimal. 
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Figure 8.12 shows the change in peak temperature with gas flow rate in the downwind, upwind 

and sidewind positions. Temperatures in the downwind region gradually decrease as flow rate is 

increased up to 400 × 103 m3/day, and then reach a plateau after 600 × 103 m3/day. 

Temperatures in the upwind and sidewind regions increase up to 600 × 103 m3/day and then 

decrease sharply at 800 × 103 m3/day. This behaviour is similar to that observed with most flare 

tips, where an initial increase in temperature is observed as gas flow rate is increased from pilot 

gas levels, until the effect of wind on gas flow becomes insignificant and hence flame 

impingement does not occur. A small increase in temperature in the sidewind and upwind 

regions is observed at 900 × 103 m3/day, where the secondary plume has started to develop. It is 

hypothesised that this increase in temperature is due to a combination of increased convection 

and radiation from the secondary plume in the upwind and sidewind regions (see Figure 8.13). 

This is further reinforced by observing little change in peak temperature at the downwind 

position, as it would be unaffected by the secondary plume. As gas flow rate is increased, the 

secondary plume is lifted higher and therefore interaction with the stack is reduced, and thus a 

drop in temperature is observed. 

 

 

 

Figure 8.12 – Peak stack temperature in Downwind (DW), Sidewind (SW) and Upwind (UW) regions with 
increasing gas flow rates. 
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Figure 8.13 – Gas flow around top of stack. At 900 × 103 m3/day, the secondary plume starts to develop, 
raising the temperature in the sidewind regions due to a combination of increased convection and 
radiation from secondary plume. 

 

8.12. Model Validation 

To verify the accuracy of the model, predictions have been compared with experimental IR data 

obtained from thermal imaging of the GS-A flare tip (see Case Study I, p.94). The flare tip 

geometry has been created using engineering drawings of the GS-A flare tip and modelled with 

the exact procedure presented in this chapter. The simulation has been conducted at gas flow 

rates of 200 and 1400 × 103 m3/day, corresponding to unstable and peak flaring conditions. 

 

At the lower gas flow rate of 200 × 103 m3/day, the predicted temperature distributions are in 

good agreement with temperatures measured experimentally via IR imaging. The results obtained 

numerically show peak temperatures of 450 °C at the top of the flare stack which compares 

favourably with experimental data, with a maximum temperature of 400 °C towards the top of 

the stack. The distribution of temperature also closely matches the IR data, where the peak 

temperature is located at the top of the flare stack. 

 

 

Figure 8.14 – Comparison of numerical temperature profile with experimental results, both at 
200 × 103 m3/day. (a) Predicted temperature profile (wind blowing along x axis), and (b) experimental 
temperature profile obtained via IR thermal imaging, viewed from downwind position. 
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When compared to the simple chimney at similar gas flow rates, it is clear that the windshield 

eliminates the effect of downwash (Figure 8.15), thereby preventing the stack from reaching high 

temperatures at low gas flow rates (the most frequent mode of operation), and will ultimately 

lead to longer flare tip lifetime. 

 

 
Figure 8.15 – Comparison of temperature profiles at the symmetry boundary at 200 × 103 m3/day, for (a) 
simple chimney with no windshield, and (b) the GS-A flare tip with wind strakes. The GS-A flare tip shows 
little interaction between the flame and the stack and thus lower metal temperatures. 

 

At the higher gas flow rate of 1400 × 103 m3/day, an IR image of the stack without interference 

from flame was not available, and thus an image with both the stack and flame was used for 

validation (Figure 8.16-b). It should be noted that temperatures in the downwind region cannot 

be trusted as they are reflecting flame temperatures. At this flow rate, only the magnitude of the 

predicted and experimental temperature profiles are in agreement (~400 °C), whereas the 

profiles differ significantly (Figure 8.16). This is thought to be due to the model, as it does not 

account for heat conduction through the thickness of metallic surfaces because they have not 

been modelled. All surfaces have been modelled as double walls, with no cells in between. This 

in turn will mean that radiation received by the inner wall will not be transferred to the outer 

wall, which appears to be the case in the experimental data (Figure 8.16-b). 
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Figure 8.16 – Comparison of numerical temperature profile with experimental results at 1400 × 103 m3/day. 
(a) Predicted temperature profile (wind blowing along x axis), and (b) experimental temperature profile 
obtained via IR thermal imaging, viewed from sidewind position. 

 

It is interesting to consider the lower temperatures in the upwind region at the top of the stack 

(Figure 8.16-b), which are thought to be due to the cooling effect of the cold gases which are 

funnelled between the sleeve and the stack, thereby preventing the stack from heating in this 

region. The sharp gradient observed at approximately 0.3 m down the stack confirms this theory. 

In comparison, the numerical results do not show this temperature difference as clearly (Figure 

8.17-a). Similar to studies by Harasek et al. and Li et al. discussed in the literature review section 

(see section 2.6.3. Previous Studies on Fluid Flow and Combustion, p.55), the current model 

includes a boundary layer in the mesh and a fully developed boundary profile at the gas inlet. 

These features were intended to resolve the boundary layer inside the stack and therefore enable 

accurate calculation of the heat which is extracted from the inner walls of the stack by the cold 

gas. Despite predicting very low temperatures (~0 °C) on the inner walls of the sleeve (Figure 

8.19-b) and stack, these features have not been beneficial in calculating the outer temperature of 

the stack due to a lack of consideration for heat conduction through the thickness of the stack in 

the numerical model. There is also an interesting feature on the downwind side of the stack, 

where there appears to be a region at low temperature (Figure 8.17-b). This is thought to happen 

as air is heated up due to conduction and radiation from the flame, and rising upwards, pushes 

the flame higher and leads to lower temperatures in the downwind region of the stack. This is 

confirmed by the velocity vectors plotted in Figure 8.18 which show air moving upwards in this 

region. 
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Figure 8.17 – Temperature profiles of outer stack  at 1400 × 103 m3/day, viewed from (a) slightly off upwind 
and (b) slightly off  downwind positions (wind blowing along x axis). Downwind temperatures are lower 
than sidewind and upwind temperatures. 

 

 

 

Figure 8.18 – Velocity vectors in downwind region of stack at gas flow rate of at 1400 × 103 m3/day. 
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downwind wind strakes are in contact with the flame (Figure 8.22-b) and also subject to high 

levels of radiation, that this is not an unreasonable result. This is further confirmed by observing 

significant levels of oxidation on the wind strakes that match exposure to such temperatures (see 

Figure 8.23-a). Predicted temperatures of 230 °C for the top edge of the sleeve (Figure 8.19-b) 

are also confirmed by observing oxidation in this area (see Figure 8.23-a). 

 

 
Figure 8.19 – Temperature profiles at 1400 × 103 m3/day, of (a) wind strakes, with peak temperatures 

(350 °C) occurring at the downwind wind strake, and (b) sleeve, with highest temperatures on the outer 
edge which is in contact with flame and also subject to high levels of radiation. 

 

 

Comparison of temperature profiles at the symmetry boundary with the simple chimney flare tip 

at similar gas flow rates shows significant differences (Figure 8.20). The gas plume of the simple 

chimney is much larger than that of the GS-A flare. This is thought to be due to separation of 

the gas plume into two distinct plumes in the simple chimney, as a result of the interaction with 

the sidewind pilot. This is avoided in the GS-A flare as the wind strakes prevent the wind from 

pushing the flame towards the pilots. The angled shape of the pilots can also be a factor. Figure 

8.21 shows this more clearly, as the spread of the plumes is evidently greater in the simple 

chimney flare. Another factor that contributes to the significant difference in plume spread can 

be slightly higher gas flow rates of 1500 × 103 m3/day for the simple chimney, compared to 

1400 × 103 m3/day for the GS-A flare. The model also predicts small amounts of downwash in 

the GS-A flare (Figure 8.22-b) which results in heating of the downwind wind strake (Figure 

8.19-a). 
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Figure 8.20 – Comparison of temperature profiles at the symmetry boundary for (a) simple chimney with 
no windshield (1500 × 103 m3/day), and (b) the GS-A flare tip with wind strakes (1400 × 103 m3/day). 

 

 

 

Figure 8.21 – Plumes of gas in the (a) GS-A flare at 1400 × 103 m3/day, and (b) Simple chimney flare at 
1500 × 103 m3/day. 
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Figure 8.22 shows the PDF of fuel and stream lines of air flow at gas flow rates of 200 and 

1400 × 103 m3/day. At 200 × 103 m3/day, the effect of the wind strakes is evident, as they limit 

the force of the prevalent wind, and create a “swirl” shaped plume. At 1400 × 103 m3/day, it 

appears that the increase in gas flow rate has resulted in growth of the plume into less defined 

shape. On closer examination it can be seen that the plume is at a lower angle compared to the 

plume at 200 × 103 m3/day. This is thought to be due to rising air which is heated by the flame, 

which results in spreading of the plume sideways (Figure 8.21-a). The streamlines clearly show 

the flow of air into the plume, thus forcing the plume to spread sideways. As the plume is now 

more spread out, the surface area which is affected by wind is greater and it is therefore more 

strongly affected by the prevalent wind, thus the plume lies at a lower angle compared to the case 

at 200 × 103 m3/day. 

 

 

Figure 8.22 – Comparison of PDF fuel distribution at (a) 200 × 103 m3/day, and (b) 1400 × 103 m3/day. The 
streamlines indicate direction of air flow. 
 

 

As a final validation, the oxidised regions on the actual GS-A flare tip were compared to the 

predicted temperature profiles (Figure 8.23). The oxide pattern adjacent to the sidewind pilot is 

similar to that predicted numerically at a gas flow rate of 200 × 103 m3/day, and the oxidation of 

the wind strakes is consistent with the temperatures predicted numerically at 1400 × 103 m3/day. 

The position of predicted peak temperatures at 1400 × 103 m3/day is also consistent with more 

pronounced oxidation observed close to the sidewind pilot. Some degree of oxidation is also 

observed on the outer edge of the sleeve which is again consistent with temperatures predicted 

numerically. The flare tip shows evidence of oxidation that is a result of the combined effect of 

flaring at low and high gas flow rates. 
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Figure 8.23 – (a) GS-A flare tip after removal showing oxidation as a result of high temperature exposure, 
(b) predicted temperature profile at 200 × 103 m3/day, and (c) predicted temperature profile at 
1400 × 103 m3/day. 

 

 

8.13. The Effect of Compressibility 

The current model has considered the fluids to be incompressible to simplify numerical 

calculations. At the temperatures considered by the model, the fluids are compressible and the 

volume change as a function of temperature is significant. This means that the gases will be 

expanding more than what has been calculated by the model. The model only considers 

buoyancy, which is a result of the decrease in density at high temperature and thus accounts for 

expansion of gases in the + y direction only. Real gases expand in the x, y and z directions. The 

practical implication of this for the numerical results is the expansion of temperature profiles in 

x and z directions and an additional expansion in the y direction, resulting in blurring of the 

profiles. This will also mean that the plumes will spread more than what has been calculated by 

the model. This is a significant implication and it follows that compressibility effects should be 

considered as an essential improvement to the model, which will impact accuracy of the 

temperature profiles considerably. 

 

8.14. Improvements to Numerical Model 

In order to enable an evaluation of the suitability of the present model for the application of flare 

tips, the simulation should be computed with a different RANS method, such as the Reynolds 

stress model as discussed in the literature review section by Harasek et al.. Comparison with an 
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alternate combustion model, such as the Eddy Dissipation model or the flamelet model 

presented by Gasket et al. and Mahmud et al. will also be beneficial if it produces results with 

reasonable accuracy, especially as the PDF combustion model is computationally expensive. It 

should also be noted that the PDF method is not suitable for non-equilibrium conditions 

(Warnatz et al. 2006). 

 

The use of other radiation models such as the discrete transfer method (DTM) could also 

produce more accurate results as it has been used with good accuracy by Mahmud et al.. This 

would be especially useful as the P-1 model used, is known to over predict radiation from local 

heat sources. It should be noted that a numerical model that incorporates the combined effect of 

turbulence and radiation is not yet available (Jaiwant et al. 2001) and that the model does not 

account for this effect. The use of LES or DNS, at a small scale, to verify the results obtained 

using this model would highlight the extent to which the RANS method affects accuracy of 

results and also the computational efficiency of RANS compared to advanced numerical 

methods. 

 

8.15. Comparison with Previous Studies 

Although very few studies of flare tips were found in the literature, there is extensive data in the 

literature on plume dispersion from chimneys with different conditions of wind, humidity, gas 

flow rates and in the presence of obstacles. Some of the most relevant studies are presented 

below to enable a comparison with results obtained in this study to be made. 

 

An overview of early numerical models of plume dispersion is shown in Figure 8.24, where 

Gaussian puffs of gas are used to simulate elementary components of the plume. The model is 

based on the superposition of an infinity of overlapping puffs, each originating from a fixed 

point and being translated by the mean wind (Gifford 1959). Figure 8.24-e shows mass fraction 

of CH4 from the model presented in this study, and shows good agreement with early numerical 

models (Figure 8.24-a & b). However, when compared to actual plume flow and the fluctuating 

plume dispersion model (Figure 8.24-c & d), the effects due to fluctuation are not observed, as 

buffeting of wind velocity was not considered in the current study. 
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Figure 8.24 – Comparison of current model and plume dispersion models: (a) superposed spherical puff 
model, (b) spreading disk model, (c) a real plume, and (d) fluctuating plume model with spreading disks, 
After Gifford (Gifford 1959). (e) Plan view of actual model, showing contours of mass fraction CH4, plotted 
at 2 m intervals in the y direction. 

 

 

Recent numerical studies on plume dispersion from chimney structures also show agreeable 

results. A study of glycerine particles emitted with air from a chimney in the presence of 

atmospheric crossflow  based on the Reynolds stress model (Mahjoub Saïd et al. 2005), and a 

study on plume dispersion from a solar chimney based on the standard k-ε model (Zhou et al. 

2009), both show comparable velocity profiles when compared to the model presented in this 

study in similar flow conditions (vchimney ≈vair), see Figure 8.25. The only significant difference is 

observed towards the end of the plume in Figure 8.25-c, where the gas is lifted up due to 

buoyancy as it is being heated up as a result of combustion. This is not observed in the models 

presented by Zhou et al. and Mahjoub Saïd et al., as there is no combustion taking place. 
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Figure 8.25 – Comparison of 3D numerical simulations for plume dispersion with present model: (a) mean 
velocity field at symmetry plane showing plume emerging from chimney, where plume velocity is equal to 
ambient velocity, after Mahjoub Saïd et al. (Mahjoub Saïd et al. 2005), (b) streamlines and relative 
humidity at symmetry plane showing evolution of plume, after Zhou et al. (Zhou et al. 2009), and (c) 
velocity profile at symmetry plane of model presented in this study, showing gas flow at similar conditions 
to (a) and (b). 

 

 

Finally, to verify the accuracy of the model with respect to predicted temperature profiles of the 

stack, results from the simulation are compared against thermal imaging data obtained from a 

similar flare tip in operation, both obtained at comparable gas flow rates (see Figure 8.26). 

Experimental temperature profiles are similar to those predicted by the model, however, the 

magnitude of predicted temperatures is significantly lower. This is thought to be due to 

reflections from the flame which increase the reading obtained from IR data collected from the 

stack. The large difference between experimental peak temperature (723 °C) and predicted peak 

temperature (477 °C) is attributed to this well known error (see Appendix A, p.187, for an in-

depth discussion of errors associated with IR thermal imaging techniques). 
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Figure 8.26 – Comparison of experimental and numerical temperature profiles: (a) experimental 
temperature profiles obtained via IR at pilot gas flow rates, and (b) predicted temperature profiles from 
numerical simulations at gas flow rate of 50 × 103 m3/day, equivalent to pilot flow rates. 

 

 

Also of interest, is the occurrence of two separate plumes of gas, initiating from the sidewind 

pilots during pilot flaring at this flare tip (see Figure 8.27-a). This is comparable with the two 

plumes observed at higher gas flow rates in the numerical model, which were a result of the 

orientation of the pilots with respect to wind direction. The initiation of the plume originating 

from the sidewind pilot at pilot gas flow rates is also visible in the numerical result, and as the 

model is symmetrical, it follows that two separate plumes originating from the sidewind pilots 

are predicted by the model. This is validated by optical observation of two plumes initiated at the 

sidewind pilots during pilot flaring of a simple chimney flare tip. 

 

 

 

Figure 8.27 – (a) Optical and (b) numerical results show the occurrence of two plumes initiating at 
sidewind pilots, at pilot gas flow rates for a simple chimney flare tip. Arrows indicate flow direction.  
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8.16. Summary 

A CFD model that predicts fuel distribution, combustion pattern and therefore temperature 

profiles of a flare tip has been developed. The model solves the Navier-Stokes equation 

combined with a combustion model, to assess the effect of gas flow rates and wind conditions 

on combustion behaviour and the resulting operating temperatures of flare tips. The model has 

produced detailed 3D temperature profiles of the stack, windshield and peripheral structure of 

the flare tips studied. The temperature profiles can be applied to an FEM model for stress 

analysis and lifetime prediction based on parametric relationships, thereby giving an accurate 

estimate of the performance of the flare tip investigated. Results have been validated against 

previous studies on plume dispersion presented in the literature and also against experimental IR 

temperature measurements of the GS-A flare tip (see Case Study I, p.94), and showing good 

agreement at low gas flow rates. The model needs to be improved to include heat conduction 

through the thickness of the metallic structure, and to account for compressibility of gases. This 

will result in more accurate temperature profiles, especially at high gas flow rates. 

 

The results show that a simple chimney is effective at moving the flame upwards at high gas flow 

rates (>800 × 103 m3/day) and maximising flare tip lifetime. At low gas flow rates, the effect of 

wind is significant and results in flame impingement and an increase in stack temperatures. 

Although flare tip temperatures are higher at low gas flow rates, the simple chimney performs 

much better (i.e. low levels of flame impingement) at low gas flow rates,  when compared to 

complex designs such as the venturi flare tip studied in Case Studies II (p.100) and III (p.126). 

Despite this, the simple chimney flare tip does not produce improved combustion at low gas 

flow rates, when compared to similar designs that incorporate a windshield, such as the GS-A 

flare tip studied in Case Study I (p.94). 

 

This study has demonstrated the need for accurate CFD analysis of flare tip gas flow and 

combustion behaviour, especially in the presence of prevalent wind. Furthermore it has 

highlighted the importance of flare tip design with respect to flare tip performance and lifetimes, 

specifically the shape and position of pilot burners relative to the direction of wind, and the 

geometry and position of windshields.  
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9. Conclusions and Future Work 

9.1. Conclusions 

The oxidation studies on alloys 625 and 800H have shown that while continuous thermal 

exposure is detrimental to corrosion resistance of the alloys due to the spallation of oxide layers, 

it was found that thermal shock, a consequence of frequent heating and cooling, has a more 

severe effect on the integrity of the oxide layer as it results in significant reduction in oxide layer 

thickness through spallation and a marked increase in intergranular oxidation along grain 

boundaries. 

 

While embrittlement of alloy 625 at intermediate temperatures, due to the precipitation of γ″ 

phase is a well known phenomenon, there is no agreement in the literature on the temperatures 

at which age hardening occurs, nor on the temperature and times for the re-solution treatment 

required to restore ductility. The present study has shown that a re-solution annealing treatment 

of 24 hrs at 1050 °C has been sufficient to recover the toughness of service exposed alloy 625 to 

“as-received” levels. Although it is unlikely that this treatment will be applied in the oil industry, 

it can be useful for the recovery of mechanical properties of components made of alloy 625 in 

other areas such as power or nuclear industries. 

 

Using the experimental methods and theory presented in this study, thermal imaging and stress 

analysis has been conducted on three flare tips to determine operating temperatures and 

ultimately lifetimes (see Chapters 5 – 7). The successive case studies each presented an increased 

level of complexity, requiring adaptation of the techniques used to successfully assess the 

suitability and ultimately lifetimes of the flare tips. The cases are the first published studies on 

flare tip operating temperatures and offer insight into temperatures experienced during different 

modes of operation and how they affect flare tip integrity. 

 

From the data obtained at GS-A, and with the adjustments made from calibration and emissivity 

measurements, it can be concluded that the temperature of the GS-A flare tip does not rise 

above 400 °C. Flame lapping occurred at low gas flow rates. At peak flaring (high gas flow rates), 

there was no contact between the flame and metal, and it seems that the metal temperature was 

lower, possibly due to the cooling effects of the unburned gas. The high pressure gas expands as 

it rises up the stack and is below ambient when it leaves the flare tip and ignites. Under these 
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conditions, the flame stands off the top of the stack. At low gas flow rates, the flame sits on top 

of the flare and the prevailing wind may cause the flame to lap over the flare stack. 

 

Thermal imaging on the GS-B flare has shown that the temperature of the windshield reached 

1000 °C or more under certain flaring conditions. When the windshield was constrained from 

thermal expansion, considerable thermo-mechanical stress was developed in the structure. 

Temperature gradients across the windshield as a result of the prevailing wind conditions 

produced uneven stress distributions leading to gross distortion of the windshield. The 

distortions were most pronounced in those parts of the structure that were at high temperatures 

where the alloy could deform plastically at relatively low values of stress. The deformation was 

observed to increase with time and the number of flaring cycles. 

 

Stress analysis, optical analysis and thermal imaging of the GS-C flare tip showed that the 

windshield should have deformed severely under the service temperatures it was subjected to. 

The lack of deformation pointed to the poor condition of the windshield constraints that were 

designed to hold the windshield in place. High magnification optical images confirmed that the 

bolts were in poor condition. Three bolts were missing and one was very loose, leaving only four 

bolts holding the windshield in place. Of the four remaining bolts two were loose. 

 

Temperatures of the windshield and flare stack at GS-C were similar to those found at GS-B, 

with a maximum temperature 910 °C in the unstable flaring mode and 957 °C in the stable mode 

occurring at the top of the windshield. Temperatures at the bottom of the windshield fell to 

approximately 800 °C. The stack reached a temperature of 725 °C and the brackets between 

600 °C and 700 °C. Following the study on the GS-C flare tip, NAM decided to remove the 

windshield from the stack immediately. Thus, a major flare tip failure and an unscheduled plant 

shutdown was prevented. 

 

A CFD model that predicts fuel distribution, combustion pattern and therefore temperature 

profiles of a flare tip has been developed. The model solves the Navier-Stokes equation 

combined with a combustion model, to assess the effect of gas flow rates and wind conditions 

on combustion behaviour and the resulting operating temperatures of flare tips. The model has 

produced detailed 3D temperature profiles of the stack, windshield and peripheral structure of 

the flare tips studied. The temperature profiles can be applied to an FEM model for stress 

analysis and lifetime prediction based on parametric relationships, thereby giving an accurate 
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estimate of the performance of the flare tip investigated. Results have been validated against 

previous studies on plume dispersion presented in the literature and also against experimental IR 

temperature measurements of the GS-A flare tip, showing good agreement at low gas flow rates. 

The model needs to be improved to include heat conduction through the thickness of the 

metallic structure, and to account for compressibility of gases. This will result in more accurate 

temperature profiles, especially at high gas flow rates. 

 

The results show that a simple chimney is effective at moving the flame upwards at high gas flow 

rates (>800 km3/day) and maximising flare tip lifetime. At low gas flow rates, the effect of wind 

is significant and results in flame impingement and an increase in stack temperatures. Although 

flare tip temperatures are higher at low gas flow rates, the simple chimney performs much better 

(i.e. low levels of flame impingement) at low gas flow rates,  when compared to complex designs 

such as the venturi flare tip studied in Case Studies II (p.100) and III (p.126). Despite this, the 

simple chimney flare tip does not produce improved combustion at low gas flow rates, when 

compared to similar designs that incorporate a windshield, such as the GS-A flare tip studied in 

Case Study I (p.94). 

 

This study has shown that the replacement of flare tips of conventional designs with new, but 

untried designs can lead to very high operating temperatures, severe plastic deformation of the 

flare tip and ultimately cause failure. The designs and alloys used in flare tip manufacture are 

many and varied, and there is little doubt that yet more designs and the use of even higher 

temperature alloys will be suggested. There is thus the need to have a rigorous process for 

assessing the effectiveness of a design to avoid expensive mistakes. The study has demonstrated 

the need for accurate CFD analysis of flare tip gas flow and combustion behaviour, especially in 

the presence of prevalent wind. As a result, a procedure has been developed to calculate flare tip 

temperature profiles (via CFD) and mechanical integrity (via FE stress analysis) of flare tips, and 

thus assess suitability of any flare tip design prior to manufacture and installation. Furthermore 

the study has highlighted the importance of flare tip design with respect to flare tip performance 

and lifetimes, specifically the shape and position of pilot burners relative to the direction of wind, 

and the geometry and position of windshields. 

 

Although this study was originally instigated by Shell to determine materials suitable for use in 

flare tips, it has demonstrated that flare tip design and materials selection should be part of an 

integrated solution, where materials are matched to design and operating constraints, and vice 
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versa. In determining this, a series of tools to analyse the design and selection of the flare 

geometry, operating conditions, and materials have been developed. These have been validated 

against existing designs, and the next step will be applying them to the development of the next 

generation of flare tips and flare tip materials. 

 

9.2. Future Work 

To evaluate the accuracy of the CFD model, application of the model to the more complex flare 

tips, used at GS-B and GS-C, and validation against experimental temperature measurements is 

recommended. The model also needs to be extended to other flare tip designs to evaluate its 

versatility and to produce a tool that can provide insight into the performance of any flare tip 

design prior to installation. 

 

Once the accuracy of the model over a range of operational conditions and designs has been 

evaluated, it can then be used to design a new flare tip that produces high combustion efficiency, 

while preventing over heating of the flare tip structure. Consideration for the effect of the 

following factors on the flow and mixing of air and gas is recommended: 

 

a) addition of windshield 

i. variation in windshield height 

ii. variation in percentage of perforation 

b) change in diameter of stack 

c) use of nozzles and inverted nozzles on stack 

d) change in position of pilots to create combustion further away from stack 

e) use of pilots with nozzles to create ignition further up in the plume  

 

The mechanical integrity of the flare tip also needs to be considered. The experience gained from 

the failures of GS-B and GS-C, highlights the need to consider expansion and contraction of the 

flare tip and windshield, and the use of appropriate mechanical fixings that can withstand high 

temperature exposure and thermomechanical fatigue. 
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11.  Appendices 

11.1. Appendix A: Error Estimation for Infra Red Imaging Data 

Temperature calibration of the thermal imaging camera was checked by FLIR before it was 

hired. At the time of the GS-A investigation, the camera calibration was also checked at Imperial 

College and found to be well within the stated limits of ± 2 %. Thus, for a temperature of 

1000 °C the accuracy would be ± 20 °C. However, temperature errors associated with 

corrections for emissivity can be more significant than camera errors. As discussed previously, it 

was not possible to measure the emissivity of the windshield or a stack experimentally, as this 

would require the use of thermocouples. It was therefore essential to estimate a value for the 

emissivity. 

 

An examination of the IR and video sequences taken after the gas flare had been turned off 

revealed the surface of the windshield to be covered by several dark patches, believed to be areas 

covered by soot. This view was supported by observing that the darkened areas moved their 

positions between sequences. Soot and carbon black are reported to have emissivity values of 

just below 1. A value of 0.96 has been used in this study. Examination of each sequence revealed 

that it was possible to find soot covered areas alongside „clean‟ metal surfaces. It was therefore 

assumed that the two adjacent areas were at the same temperature. A value for the emissivity 

required to raise the metal temperature to that of the adjacent sooted area can then be calculated. 

This calculation was performed for a number of areas and the emissivity values for the metal 

were found to vary from ~0.5 to 0.7, with an average value of 0.57. The value of 0.57 has been 

taken and used for correcting the temperature data at GS-B and GS-C. Previous work by 

Redgrove at the National Physical Laboratory, UK on the measurement of spectral emissivity of 

reference materials platinum-13 % rhodium and oxidised Inconel reported uncertainties between 

0.5 – 4 % (Redgrove 1990). In comparison, the emissivity error calculated here which translates 

to between 12 – 22 % is considered high. 

 

If the calculations are repeated using emissivity values of 0.5 and 0.7, then the reported metal 

temperatures would vary by +100 °C to −100 °C. One way of reducing this uncertainty would be 

to have a sample of the oxidised windshield for a laboratory calibration. Calibration was 

conducted on a sample from the failed Fulmar flare tip that had been in operation for 13 years. It 
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was made of alloy 800HT and was heavily oxidised. The temperature of the sample was 

measured by a K-type thermocouple in contact and compared to the temperature recorded by 

the camera. The emissivity value was then adjusted until the temperature shown by the camera 

was the same as that of the thermocouple. Thus emissivity values were calculated at increasing 

temperatures from 100 to 500 °C. 

 

The results indicated an average value of 0.78 for the emissivity of this sample. This value was 

used as the emissivity of the GS-A flare tip which had been in use for 11 years. However, the 

flare tips at GS-B and GS-C had been in use for less than 1 year and therefore this value would 

not apply to them. Also of interest is the weak linear dependence of emissivity on temperature, 

as indicated by the trend line in Figure 11.1, with an R2 coefficient of only 0.17. Temperature 

dependence of emissivity has been ignored for the purposes of this study. 

 

Figure 11.1 – Calibration of emissivity for a heavily oxidised sample of alloy 800HT. An average value of 
0.78 was determined. Emissivity shows weak dependence on temperature as indicated by an R2 value of 
0.17 

 

Using emissivity values of 0.5 and 0.7 as the lowest and highest values, the errors were found to 

be ± 100 °C of the reported temperatures. This also takes into account the camera error reported 

to be ± 2 % (maximum of ± 20 °C at peak temperature of 1000 °C). Unfortunately, it was not 

possible to obtain more accurate emissivity values for the GS-B and GS-C flare tips, as they were 

inaccessible while they were in operation. It can be argued that the emissivity could perhaps be 

measured upon removal of the flare tips, but this would provide inaccurate results as the flare tip 

would have oxidised further and changed the surface condition and therefore emissivity of the 

metal. 
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11.1.1. Metal temperatures obtained from IR line scans  

Windshield and stack temperatures given in Figure 6.5 were obtained from line scans taken from 

the IR images. For example, Figure 6.7-a shows the positions chosen for the line scans for the 

top, middle and bottom temperatures of the windshield, and the stack. The position of the lines 

was chosen to avoid holes in the windshield. Fifty or more points were averaged for the 

temperature at top of the windshield, reduced to 15 or more points at the bottom of the 

windshield where the soot covered areas had to be avoided. The stack temperatures were 

obtained from IR data taken from points lying between the vertical gas pipes that carried cold 

gas from the gas manifold to the flame support burners. 

 

11.1.2. Comparison of average and lower quartile temperatures 

It is possible that averaging temperatures from chosen data points could have over-estimated 

metal temperatures. Thus, lower quartile temperatures have been calculated from the IR data 

from Figure 11.2, and the values compared to average values, as shown below in  

Table 11.1. 

 

Figure 11.2 – GS-B flare tip, flaring at gas flow rate of 320 (× 103 m3/d) with a prevailing wind. 
Corresponding IR image shows temperature profile of windshield and stack. 
 

Table 11.1 – Comparison of averaged temperatures and lower quartile temperatures from windshield line 
scans shown in Figure 11.2. 

 

Location
Temperature 

(°C)

Top 965

Middle 970

Bottom 650

Stack 905

Downwind 
Support

806

1100 °C

800 °C

500 °C

Position of scan Top Middle Bottom

Average temperature (°C) 965 970 650

Lower quartile temperature (°C) 961 961 631
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The difference between averaged and lower quartile values is 4 – 19 °C and lies well within the 

previously estimated error range of ± 100 °C which had been based on emissivity uncertainties.  
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11.2. Appendix B: Material Properties used for Stress Analysis 

11.2.1. Material Properties of Alloy 625 
 

Table 11.2 - Elastic properties of alloy 625. 

E (GPa) Poisson‟s Ratio Temp (°C) 

207.5 0.278 21 

204.1 0.28 93 

197.9 0.286 204 

191.7 0.29 316 

185.5 0.295 427 

178.6 0.305 538 

170.3 0.321 649 

160.6 0.34 760 

147.5 0.336 871 

 
Table 11.3 - Plastic properties of alloy 625.  

True Stress 
(MPa) 

Plastic 
Strain 

Temp 
(°C) 

503 0.18 46 

491 0.18 77 

474 0.18 106 

458 0.18 136 

444 0.18 167 

430 0.18 199 

416 0.18 230 

385 0.18 316 

378 0.18 348 

373 0.18 382 

371 0.18 393 

367 0.18 405 

367 0.18 440 

376 0.18 471 

385 0.18 504 

390 0.18 548 

394 0.18 583 

394 0.18 618 

391 0.18 677 

382 0.18 709 

373 0.18 751 

365 0.18 783 

356 0.18 814 

347 0.18 847 

319 0.18 869 

283 0.18 888 

246 0.18 908 

213 0.18 929 

181 0.18 953 

154 0.18 978 
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Table 11.4 – Density of alloy 625. 

Density (g/cm3) Temp (°C) 

7.94 20 
 

Table 11.5 - Thermal expansion of alloy 625. 

Expansion Coefficient (×10-6 m/m) Temp (°C) 

12.8 93 

13.1 204 

13.3 316 

13.7 427 

14 538 

14.8 649 

15.3 760 

15.8 871 

16.2 927 
 

Table 11.6 - Conductivity of alloy 625. 

Thermal Conductivity (W/m.°C) Temp (°C) 

7.2 -157 

7.5 -129 

8.4 -73 

9.2 -18 

9.8 21 

10.1 38 

10.8 93 

12.5 204 

14.1 316 

15.7 427 

17.5 538 

19 649 

20.8 760 

22.8 871 

25.2 982 
 

Table 11.7 - Specific heat of alloy 625. 

Specific Heat 
(J/kg.K) Temp (°C) 

402 -18 

410 21 

427 93 

456 204 

481 316 

511 427 

536 538 

565 649 

590 760 

620 871 

645 982 

670 1093 
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11.2.2. Material Properties of Alloy 800H 
 
 

Table 11.8 - Elastic properties of alloy 800H. 

E (GPa) Poisson‟s ratio 
Temp 
(°C) 

211 0.334 -190 

197 0.339 20 

191 0.343 100 

185 0.349 200 

178 0.357 300 

172 0.362 400 

165 0.367 500 

158 0.373 600 

150 0.381 700 

141 0.394 800 

 
 

Table 11.9 - Plastic properties of alloy 800H. 

Yield Stress 
(MPa) 

Plastic 
strain 

Temp 
(°C) 

250 0.2 25 

172 0.2 425 

178 0.2 540 

176 0.2 650 

174 0.2 705 

149 0.2 760 
 
 

 Table 11.10 - Density of alloy 800H. 

Density (g/cm3) Temp (°C) 

7.940 20 

7.913 100 

7.875 200 

7.834 300 

7.794 400 

7.753 500 

7.710 600 

7.666 700 

7.619 800 
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Table 11.11 – Thermal Expansion of Alloy 800H. 

 
 
 
 
 
 
 
 
 
 
 
 

 

 

Table 11.12 - Conductivity of alloy 800H. 

Thermal Conductivity (W/m.°C) Temp (°C) 

11.5 20 

13 100 

14.7 200 

16.3 300 

17.9 400 

19.5 500 

21.1 600 

22.8 700 

24.7 800 

27.1 900 

31.9 1000 

 

 

Table 11.13 - Specific heat of alloy 800H. 

Specific Heat (J/kg.K) Temp (°C) 

449 20 

462 100 

481 200 

500 300 

519 400 

539 500 

559 600 

578 700 

  

Expansion Coefficient (×10-6 m/m) Temp (°C) 

14.2 20 

14.4 100 

15.9 200 

16.2 300 

16.5 400 

16.8 500 

17.1 600 

17.5 700 

18.0 800 
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11.2.3. Material Properties of Alloy 310  
 

Table 11.14 - Elastic properties of alloy 310. 

Yield stress (MPa) Plastic strain Temp (°C) 

292 0.2 25 

217 0.2 204 

188 0.2 427 

167 0.2 538 

156 0.2 649 

136 0.2 816 
 
 

Table 11.15 - Plastic properties of alloy 310. 

E (GPa) Poisson‟s Ratio 

200 0.3 
 
 

Table 11.16 - Density of alloy 310. 

Density (g/cm3) Temp (°C) 

8.03 20 
 
 

Table 11.17 - Thermal expansion of alloy 310. 

Expansion Coefficient (×10-6 m/m) Temp (°C) 

15.9 100 

17.1 500 

18.9 1000 
 
 

Table 11.18 - Conductivity of alloy 310. 

Thermal Conductivity (W/m.°C) Temp (°C) 

13.8 100 

18.7 500 
 
 

Table 11.19 - Specific heat of alloy 310. 

Specific Heat (J/kg.K) Temp (°C) 

502 100 
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11.3. Appendix C: Sensitivity Study for Temperature Boundary Conditions for the GS-B Model 

 

Table 11.20 shows the different parameters used for the Gaussian distribution functions that control the magnitude of heat flux applied to each node. 

The table also shows the response temperature achieved. Successive functions were introduced into the study once an acceptable approximation to 

measured temperatures (see Figure 6.11, p.111) were achieved by adjusting the magnitude, amplitude and x and y spread of specific Gaussian 

functions. 
 
Table 11.20 – Sensitivity Study for Temperature Boundary Conditions for the GS-B Model. Note that temp. =temperature, mag. = magnitude, dw =downwind and 
uw =upwind. 

Run 
# 

Function Response Temp. 

  Comments         spread Downwind Upwind 

mag. X Z a x y top mid bottom top mid bottom 
job1 1 0 0 1 1 1 1 1 1   

 
  

            
job2 1000 0 0 1 1 1 36 40 48   

 
  

            
job3 1000 1.1 3 1 1 1 15 13 11   

 
  

            
job4 50000 1.1 3 1 1 1 275 178 113   

 
  

            
job5 50000 1.1 1 1 1 1 2254 2005 1800   

 
  

            
job6 50000 1.1 4 1 1 1 32 22 16   

 
  

            
job7 500000 1.1 4 1 1 1 238 128 74   

 
  

            
job8 3000000 1.1 4 1 1 1 1345 740 300   

 
  

            
job9 2500000 1.1 4 1 1 1 1120 617 330 10 10 10 

            
job10 2100000 1.1 4 1 1 1 949 520 280 10 10 10 

            
job11 2250000 1.1 4 1 1 1 1015 547 300 10 10 10 

            
job12 2200000 1.1 4 1 1 1 991 535 300 10 10 10 

            
job13 2200000 1.1 4 1 10 1 1539 861 515 10 10 11 

            
job14 2200000 1.1 4 1 2 1 1339 750 444 10 10.6 11 

            
job16 2200000 1.1 4 1 2 5 8500 8100 8150 4200 4600 5100 

            
job17 2200000 1.1 4 1 1 1.7 21500 17100 12225 639 890 1100 

            
job18 1500000 1.1 4 1 1 1.7 9800 7700 5970 311 470 678 

            
job19 1500000 1.1 4 1 1 1.7 1095 970 796 42 67 85 

            
job20 1500000 1.1 4 1 1 1.7 1073 904 723 39 58 78 

            
job21 1500000 1.1 4 1 1 1.7 812 676 560 34 51 65 Overall             

    
job22 750000 1.1 4 1 1 1.7 769 637 504 438 366 276 y/25 500000               

   
job23 1250000 1.1 4 1 1 1.8 1008 901 707 569 480 368 y/25 700000 

 
    

       
job24 1100000 1.1 4 1 1 1.9 975 856 680 539 454 339 y/30 77000 

    
Function 

Response 
Temp.  

job25 1100000 1.1 4 1 1 2 1242 1084 915 785 686 529 y/20 77000 Function 
Response 

Temp. 
support brackets 

dw uw  
job26 700000 1.1 4 1 1 2 958 826 675 570 488 368 y/20 500000 stack mag. dw uw dw side uw 
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downwind 
job27 700000 1.1 4 1 1 2 985 859 700 585 500 378 y/20 500000 gaussian_stack 300000 2600 2100   

  
327 331 

 
job28 700000 1.1 4 1 1 2 990 863 705 585 502 384 y/20 500000 gaussian_stack 80000 1944 1367 load5 load7 load8 326 322 

 
job29 700000 1.1 4 1 1 2 

   
  

 
  y/20 500000 gaussian_stack 20000 1250 630 5000 2500 1000 350 350 

 
job30 700000 1.1 4 1 1 2 947 837 677 568 488 367 y/20 500000 gaussian_stack 20000 670 493 10000 7500 2500 360 366 

 
job31 700000 1.1 4 1 1 2 

   
  

 
  y/20 500000 gaussian_stack 

 
  

 
20000 17500 10000     

 
job32 700000 1.1 -4 1 1 2 945 834 683 566 493 373 y/20 500000 gaussian_stack 8000 426 358 20000 17500 10000 430 418 

moved 
centre 

job33 700000 1.1 -4 1 1 2 
   

  
 

  y/20 500000 gaussian_stack 27000 690 485 20000 17500 10000     
 

job34 700000 1.1 -4 1 1 2 982 858 701 583 495 382 y/20 500000 gaussian_stack 33000 1186 695 20000 17500 10000 445 422 
 

job35 700000 1.1 -4 1 1 2 978 854 691 578 506 385 y/20 500000 gaussian_stack 29500 1083 678 20000 17500 10000 440 421 
 

job36 700000 1.1 -4 1 1 2 
   

  
 

  y/20 500000 gaussian_stack 25000 4000 3000 20000 17500 10000     
 

job37 700000 1.1 -4 1 1 2 
   

  
 

  y/20 500000 gaussian_stack 3500 2100 
 

20000 17500 10000     
gaussian 
rotated 

job38 700000 1.1 -4 1 1 2 
   

  
 

  y/20 500000 gaussian_stack 1600 1600 
 

20000 17500 10000     
change x, y 
to 0.3 

job39 700000 1.1 -4 1 1 2 
   

  
 

  y/20 500000 gaussian_stack 1000   
 

20000 17500 10000     
 

job40 700000 1.1 -4 1 1 2 
   

  
 

  y/20 500000 gaussian_stack 2400   
 

20000 17500 10000     
 

job41 700000 1.1 -4 1 1 2 
   

  
 

  y/20 500000 gaussian_stack 5000 590 
 

20000 17500 10000     
 

job42 700000 1.1 -4 1 1 2 
   

  
 

  y/20 500000 gaussian_stack 200000 2000 
 

20000 17500 10000     
 

job43 700000 1.1 -4 1 1 2 
   

  
 

  y/20 500000 gaussian_stack 150000 1700 
 

20000 17500 10000     
 

job44 700000 1.1 -4 1 1 2 
   

  
 

  y/20 500000 gaussian_stack 80000 2000 
 

20000 17500 10000     
 

job45 700000 1.1 -4 1 1 2 
   

  
 

  y/20 500000 gaussian_stack 30000   
 

20000 17500 10000     
reduced 
amplitude 
to 1.5 

job46 700000 1.1 -4 1 1 2 
   

  
 

  y/20 500000 gaussian_stack 6000 563 
 

20000 17500 10000     
increased 
amplitude 
to 3 

job47 700000 1.1 -4 1 1 2 
   

  
 

  y/20 500000 gaussian_stack 10000 700 
 

20000 17500 10000     
 

job48 700000 1.1 -4 1 1 2 
   

  
 

  y/20 500000 gaussian_stack 16000 1063 
 

20000 17500 10000     
 

job49 700000 1.1 -4 1 1 2 
   

  
 

  y/20 500000 gaussian_stack 16000 750 450 55000 45000 30000 430 425 
 

job50 700000 1.1 -4 1 1 2 
   

  
 

  y/20 500000 gaussian_stack 16000   
 

55000 45000 30000     
 

job51 700000 1.1 -4 1 1 2 860 758 625 525 445 338 y/20 500000 gaussian_stack 16000 450 350 70000 60000 40000 600 600 
 

job52 700000 1.1 -4 1 1 2 
   

  
 

  y/20 600000 gaussian_stack 16000   
 

85000 75000 50000     
 

job53 700000 1.1 -4 1 1 2 928 817 665 609 516 388 y/20 600000 gaussian_stack 26000 495 380 90000 90000 50000 770 770 
 

job54 700000 1.1 -4 1 1 2 879 751 599 603 510 368 y/20 600000 gaussian_stack 40000 566 383 100000 100000 50000 800 800 
 

job55 900000 1.1 -4 1 1 2 
   

  
 

  y/20 500000 gaussian_stack 70000   
 

100000 100000 50000     
 

job56 700000 1.1 -4 1 1 2 
   

  
 

  y/20 500000 gaussian_stack 70000   
 

100000 100000 50000     

damage 
initiation 
and 
evolution 

job57 900000 1.1 -4 1 1 2 
   

  
 

  y/20 500000 gaussian_stack 70000   
 

100000 100000 50000     6 cycles 

job58 700000 1.1 -4 1 1 2 
   

  
 

  y/20 500000 gaussian_stack 70000   
 

100000 100000 50000     
6 cycles + 
damage 
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11.4. Appendix D: Creep Life Data for alloy 625 

 

Figure 11.3 - Larson Miller data for alloy 625 that was used to estimate creep life (Mathew et al. 2008). 
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11.5. Appendix E: Numerical Models and Thermophysical Properties used in 

CFD study 

 

The thermophysical properties used in the CFD model described in Chapter 8, can be calculated 

by creating an 18 species PDF table in Fluent, based on composition of air and fuel given in 

Table 8.1. The simulations were conducted with the conditions listed below. 

 

FLUENT Version: 3D, double precision, pressure-based, 18 species PDF, RNG k-epsilon 

Release: 6.3.26 

 

Table 11.21 lists the numerical models applied in this study. 

 

Table 11.21 – Summary of numerical models available in Fluent that were used in this study. 

 

Model Settings                                                                               

Space 3D                                                                                     

Time Steady                                                                                 

Viscous RNG k-epsilon turbulence model                                                         

Wall Treatment Standard Wall Functions                                                                

RNG Differential Viscosity Model Disabled                                                                               

RNG Swirl Dominated Flow Option Disabled                                                                               

Heat Transfer Enabled                                                                                

Solidification and Melting Disabled                                                                               

Radiation P1 Model                                                                               

Species Transport 
PDF (species: CH4, N2, O2, C2H6, C3H8, CO2, CO, H, H2, 
H2O, H2O2, HO2, O, OH, HONO, CHO,HCO, HOCO) 

Coupled Dispersed Phase            Disabled                                                                               

Pollutants                         Disabled                                                                               

Soot                               Disabled                                                                               

 


